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Abstract 

Modular building is a new type of construction in which buildings are assembled from 

prefabricated volumetric modules. Prefabrication leads to a shorter construction schedule, 

improved quality, and reduced resource wastage, and, therefore, has great potential to enhance 

building construction practice. While low-rise transportable buildings are used extensively in 

the existing industry, the application is being extended to taller medium- and high-rise 

structures, for which there is a lack of knowledge of the structural behaviour. Due to the 

lacking knowledge, there is a risk of economic loss due to overconservative structural design, 

or avoidance of the new construction technique. The aim of this thesis is, therefore, to study 

the structural performance of modular buildings subjected to the multiple hazards of wind and 

earthquake ground motion.  

This thesis begins with a state-of-the-art review, which introduces the structural forms of 

modular buildings. The structural response to different hazards is then considered, followed 

by the design practice. It is observed that the structural performance of modular buildings may 

be different to that of similar traditional structures, and that the performance is dependent on 

the inter-module connections (IMCs) which join the modules together onsite. The IMCs are 

shown to have important structural behaviours, i.e., shear, axial, and moment-rotation, which 

are simplified and input into a global numerical model of the structure for design purposes. 

Therefore, the numerical and experimental behaviours of three existing IMCs are compared 

with the behaviours predicted by the existing models developed to simplify the traditional 

connection modelling. When applied to the IMCs, the existing models are shown to be unable 

to accurately predict the IMC behaviours, hence, further study of the structural behaviour of 

IMCs is conducted to enable the development of improved models. 

To study the importance of the IMC behaviours to the overall building response, a six-storey 

apartment building with 72 modules is selected for a case study. A numerical model is 

developed using the software SAP2000, in which basic bi-linear and tri-linear models are 

adopted for the translational and rotational behaviours of the IMCs, respectively. Then, by 

varying the initial stiffness of the input IMC model, it is established that the IMCs significantly 

influence the overall response to simulated time-varying wind loads and earthquake ground 

accelerations. Moreover, it is found that the shear behaviour of the IMC has the greatest effect 

on the global building response.  

Before moving on to the shear behaviour of IMCs, an experimental program is performed to 

establish the shear behaviour of slip factor test specimens, which are a traditional type of bolted 

connection. Australian grade 350 steel is adopted and the surface finish is varied to establish 
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the effect on the shear behaviour. To verify the accuracy of the experiments and to investigate 

the effect of the relevant parameters including the slip factor and bolt preload, numerical 

simulations are carried out using the software ABAQUS. An empirical formula is proposed 

for the initial shear behaviour based on the numerical results, which are calibrated with 

reference to the experimental data. In addition, the accuracy of the torque controlled bolt 

preload and the digital image correlation (DIC) displacement measurements are demonstrated 

prior to application in the subsequent experiments on IMCs.  

Next, as the design and construction of reliable IMCs is identified as a major challenge, two 

new IMCs are proposed: the post-tensioned (PT) connection, and the interlocking (IL) 

connection. The PT connection reduces the requirement for working at heights during 

construction and improves the initial shear behaviour. In comparison, the IL connection offers 

easy site installation and improves the safety during construction. For each new connection, 

experiments are conducted to investigate the shear behaviour considering the effect of the 

surface finish, contact area, interlocking element, bolt preload, and hole tolerance. 

Experimental setups are developed which allow the shear behaviours to be determined by 

loading the specimens in compression using a universal testing machine. To support the 

experiments, numerical simulations are carried out using ABAQUS, and empirical models are 

proposed for the initial shear behaviour based on the calibrated numerical results. 

Although the shear behaviour is relatively more important, the axial and moment-rotation 

behaviours are still required to define the performance of the connections. Therefore, extended 

numerical models are prepared for the PT and IL connections using ABAQUS. Whereas the 

previous numerical models of the IMCs were based on the experimental specimens, the 

extended models reflect the geometry and loading conditions of the IMCs which are 

incorporated in a modular building structure. The extended numerical models are calibrated 

based on the experimental shear behaviours, after which the empirical models for the shear 

behaviour are refined and extended to the bearing/yield stage. Axial forces and bending 

moments are then applied to the numerical models, and simplified analytical and semi-

empirical models are derived for the axial and moment-rotation behaviours. 

Finally, the simplified models developed for the PT and IL connections are implemented in 

the global model of the case study building. The simplified IMC models are demonstrated to 

be suitable for application in global numerical simulations, while different connection 

geometries are accommodated by the analytical derivation of the key parameters. The effect 

of more accurate IMC models on the overall building responses to the wind and earthquake 

loads is examined and compared to the previous analysis of a case study building. Based on 

the numerical results, inter-storey drift ratio limits are suggested according to the simplified 
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IMC models. Moreover, the possibility of horizontal gaps between modules is identified which 

may lead to the detrimental impact between modules or, conversely, beneficial out of phase 

vibration of the modules which dissipates energy. In this way, the more accurate analytical 

IMC models contribute to an improved understanding of the global responses of modular 

buildings and, hence, facilitate the analysis and design of modular structures for the multiple 

hazards of wind and earthquake ground motion. 
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Chapter 1 Introduction 

1.1 Background 

Modular building is a type of construction in which buildings are assembled from volumetric 

modules which are prefabricated offsite. Due to the favourable factory building conditions, 

prefabricated volumetric modular construction can reduce the construction time by 60% and 

the landfill waste by 70% [1], and has great potential to enhance building construction practice. 

Consequently, there is an established and growing interest in modular construction, 

particularly for taller multistorey buildings. In Australia, for example, although presently only 

3% of new housing uses prefabrication [2], it is predicted that use of modular construction will 

increase from 3% to 10% by 2030 [1].  

To enable this growth, however, there are several challenges to overcome. The independent 

publicly available research on the structural performance of medium- and high-rise modular 

buildings is limited and, consequently, in Australia, there are no specific design standards for 

modular buildings [3]. Moreover, the structural performance of the existing inter-module 

connections (IMCs), which join modules onsite and are a key difference between modular and 

traditional buildings, is relatively unknown. As a result, structural design of modular buildings 

is problematic, and there is a risk of economic loss due to overconservative structural design 

to compensate for the lack of knowledge, or avoidance of the new construction technique 

altogether. Further research is required to improve understanding of modular buildings and 

IMCs, and, thereby, facilitate design of these structures.  

1.2 Objectives 

The first objective of this thesis is to study the structural performance of column supported 

modular steel buildings, a type of modular building, subjected to the multiple hazards of wind 

loading and earthquake ground motion. For this purpose, a thorough understanding of the 

state-of-the-art with respect to modular building structures is to be developed. A literature 

review is, therefore, to be conducted on the broad subject of modular buildings. In addition, a 

case study is to be undertaken to characterise the performance of a relevant modular steel 

building, for which a six-storey building in Port Hedland is identified. A numerical model of 

the case study building is to be developed to assess the global building response to wind and 

earthquake loading and, hence, develop an understanding of the relationship between the local 

inter-module connection (IMC) response and the global building response.  
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As the IMCs are critical to the capability of modular buildings to withstand the applied loads, 

the existing IMCs are to be reviewed and, hence, new improved IMCs may be developed. 

Experimental and numerical studies are to be undertaken to establish the structural behaviours 

of the new IMCs. Then, simplified models should be proposed, with which the structural 

behaviours of the IMCs can be simplified for use in global numerical simulations. In this way, 

the second objective of this thesis is to contribute analytical and semi-empirical models for the 

structural behaviours of the IMCs, which are suitable for design purposes and may, in future 

works, be extended to different IMCs. Finally, the simplified IMC models are to be applied to 

the case study building, through which the design process can be demonstrated while the 

global building responses are more accurately examined.  

1.3 Research outline 

Following the introductory first chapter, the main body of this thesis is comprised of eight 

chapters, i.e., Chapter 2 to 9.  

Chapter 2 presents the literature review, which is divided into two main sections. Section 2.1 

presents a broad overview of the existing literature on modular building structures. This serves, 

firstly, to introduce the subject of modular buildings and, secondly, demonstrates the same 

broad appraisal undertaken by the author to establish the direction of the research presented 

within this thesis. Modular buildings are identified as having unique structural characteristics 

which may be significantly influenced by the inter-module connections (IMCs) used to 

connect building modules onsite. Furthermore, the design and fabrication of reliable IMCs is 

identified as a major challenge requiring further study. Therefore, in the second part of the 

literature review, i.e., Section 2.2, the focus shifts more specifically to the bolted IMCs 

applicable to modular steel buildings. The existing models for the structural behaviours of 

bolted steel connections are applied to three existing IMCs. It is demonstrated that the existing 

models are unable to accurately predict the structural behaviours of the existing IMCs. Hence, 

it is identified that, to enable development of more suitable analytical models, further study of 

the structural behaviours of IMCs is required, which defines the research direction in the 

following chapters.  

Chapter 3 investigates how the local IMC behaviours can affect the global responses of 

modular steel buildings. A particular modular building is selected for a case study, and the 

building is subjected to wind and earthquake actions, while the structural behaviours of the 

IMCs are varied. The results further define the research direction as, among the shear, axial, 

and moment-rotation behaviours, the shear behaviour of the IMC is shown to have the greatest 
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effect on the global building responses. Hence, while Chapter 2 draws attention to the need for 

more accurate models of the IMC behaviours, Chapter 3 directs this attention more specifically 

to the shear behaviour. Chapter 4 to 6, therefore, focus on the shear behaviour.  

To develop more accurate models of the shear behaviour as recommended in Chapter 2 and 3, 

it is essential to understand the friction/slip shear behaviour associated with the particular steel 

material of interest. Therefore, Chapter 4 presents an experimental and numerical study of 

the friction/slip shear behaviour of slip factor test specimens constructed from grade 350 

(AS/NZS 3678-350) steel. This work is undertaken for two reasons. First, it establishes the 

friction/slip shear behaviour of the steel material used in the following studies on the IMCs 

(Chapter 5 to 8) including the effect of the surface finish and bolt preload. Second, it 

demonstrates the accuracy of the torque-controlled bolt preload and the digital image 

correlation based displacement measurements which are applied in the experiments presented 

in Chapter 5 and 6.  

Chapter 5 and 6 propose two new improved IMCs known as the post-tensioned (PT) and 

interlocking (IL) connection, respectively. For each new connection, experimental setups are 

developed to establish the friction/slip shear behaviour considering the effect of the surface 

finish, contact area, interlocking element, bolt preload, and hole tolerance. Numerical 

simulations are carried out to extend the work, and empirical models are proposed for the 

friction/slip shear behaviours associated with the experimental specimens. 

Chapter 7 and 8 present extended numerical and analytical studies for the new PT and IL 

connection, respectively. The extended numerical models reflect the geometry and boundary 

conditions of the new IMCs within a modular structure. In this way, the extended numerical 

models are different to those in Chapter 5 and 6, which were based on the experimental setups. 

Shear forces, axial forces and bending moments are applied to the extended numerical models 

and the corresponding behaviours are described. Then, simplified empirical models are 

proposed for the shear behaviours based on the calibrated numerical results, including the 

initial friction/slip stage, and the subsequent bearing/yield stage. Next, simplified analytical 

and semi-empirical models are developed for the axial and moment-rotation behaviours, which 

are verified by comparison with the numerical results. Finally, the shear, axial and moment-

rotation behaviours are assembled into spring models, accounting for the potential contact 

between the connection elements and the effect of combined actions. 
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Chapter 9 completes the main body of this thesis by applying the new simplified IMC models 

of the PT and IL connections, developed through Chapter 4 to 8, in the global numerical model 

of the case study building introduced in Chapter 3. The building is subjected to simulated time 

varying wind loads and earthquake ground motions, and the corresponding building and 

connection responses are described. In this way, the capabilities of the new post-tensioned and 

interlocking IMCs are examined, while the more accurate IMC models facilitate discussion on 

the corresponding global responses, and module to module interactions.  

Chapter 10 summarises the main contributions of this thesis, and provides recommendations 

for future work.  

 



 

5 

Chapter 2 Literature review 

2.1 Structural response of modular buildings – An overview1 

2.1.1 Introduction 

The literature review begins with a state-of-the-art review of modular building structures. First, 

recently developed structural forms and construction materials are presented as a brief 

introduction to modular structures. The focus is on steel framed modules with concrete and 

timber frame modules excluded, not for lack of importance, but for lack of recent research into 

the structures. Structural connections are key to the overall performance and so a detailed 

review of connection types is presented. Then, the structural response of modules to different 

hazards is considered, followed by the potential applications and future research work.  

2.1.2 Module classification and developments in structural form 

Modular building is a construction technique whereby building modules are prefabricated off-

site. It is a type of off-site fabrication referring specifically to volumetric units which may be 

a structural element of a building [4-7]. Modular building, therefore, refers to the application 

of a variety of structural systems and building materials, rather than a single type of structure. 

Prefabrication by off-site manufacturing leads to a reduced overall construction schedule, 

improved quality, and reduced resource wastage [8-10]. The disadvantages include the lack of 

design guidance and relatively small structural spans due to module transport limits. The 

advantages of modular building outweigh the disadvantages particularly for hotel and 

residential applications.  

Modules are classified as steel, precast concrete and timber frame modules according to the 

primary construction material. Steel modules are further classified as Modular Steel Building 

(MSB) modules [11], light steel framed modules and container modules. Their applications, 

advantages and disadvantages are given in Table 2.1. Load bearing steel modules are also 

categorised as column supported or continuously supported [12] as shown in Figure 2.1. 

Column supported modules have edge beams which span between corner or intermediate 

columns. Continuously supported modules have load bearing walls which provide continuous 

support [12, 13]. Three examples of steel modules are shown in Figure 2.2. The examples of 

precast concrete and timber framed modules are also shown in Figure 2.3. 

                                                      
1 The related work in §2.1 was published in the Journal of Building Engineering: 

Lacey AW, Chen W, Hao H, Bi K. Structural response of modular buildings - an overview. J Build 
Eng. 2018;16:45-56. https://doi.org/10.1016/j.jobe.2017.12.008 
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Table 2.1. Module classification 

Recent study of modular building was focused on light steel framing applied to modular 

buildings [12, 13, 21, 23, 24], followed by consideration of overall building design using 

modules [22], and then high-rise building applications [8, 25]. A broad overview of modular 

construction using light steel framing was given with the application of relevant British and 

European standards. Several types of modular construction have been presented. Many 

modular buildings are not exclusively modular but are hybrid structures. Modular construction 

is combined with a primary steel or concrete structure, for example, using a podium or skeletal 

structure, or a concrete core around which modules are arranged [8, 23, 25]. Column supported 

MSBs are well suited to medium and high-rise building applications and are popularly used in 

current practice. They have been developed through the research of Annan [11], Fathieh [32] 

and Gunawardena [33]. Annan [11] presented a summary of traditional steel building systems 

and appropriate analysis procedures, documented detailing requirements, reviewed floor 

connections and explored seismic behaviour [14-17]. Fathieh [32] contributed to the review of 

MSBs subject to earthquake loading [18]. Gunawardena et al. [19] subsequently extended the 

application of MSBs. Noting that many modular buildings are not exclusively modular, a new 

system was presented with strategically placed stiff modules replacing the conventional core 

structure [19]. Gunawardena et al. [20] refined the module design and demonstrated that 

Category Applications Advantages Disadvantages Ref. 

Steel – 
MSB 
module 

Hotel, residential 
apartments 

Suited to high rise 
buildings, high strength 

Corrosion, lack of 
design guidance 

[14-
20] 

Steel – 
Light steel 
framed 
module 

Max. 10-storey, 25-
storey with additional 
core 

Lightweight Suited to low rise 
buildings 
 

[7, 8, 
12, 13, 
21-26] 

Steel – 
Container 
module 

Post-disaster housing, 
military operations, and 
residential 
developments 

Recycle shipping 
containers, easy transport 

Additional reinforcing 
required to strengthen 
container when 
openings are cut in 
wall 

[27-
30] 

Precast 
concrete 
module 

Hotel, prison, secure 
accommodation 

Fire resistance, acoustic 
insulation, thermal 
performance, high mass 
helps meet vibration 
criteria, high capacity 

Heavy, potential 
cracking at corners 

[7] 

Timber 
frame 
module 

1- to 2-storey, 
education buildings, 
housing 

Sustainable material, easy 
to fabricate 

Poor fire resistance, 
durability 

[7, 31] 
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modular buildings can be self-stable for a ten-storey building subject to earthquake ground 

motion. The dynamic behaviour of high-rise MSBs remains to be investigated [18]. 

 
Figure 2.1. (L) Column supported modules and (R) Continuously supported modules 

(after Gorgolewski et al. [12]) 

 
(a) 

 
(b) 

 
(c) 

Figure 2.2. (a) Modular steel building [34], (b) Light steel framed module [23], and (c) 
Shipping container [27] 

 
(a) 

 
(b) 

Figure 2.3. (a) Precast concrete modules [33] and (b) Timber frame modules [7] 

2.1.3 Component materials 

Prefabricated components should be as light as possible as they are transported sometimes 

long distances. Traditional materials of steel, concrete and timber are commonly used. The 

potential applications of composite sandwich structures have not been well explored [35]. 

Manalo et al. [36] gives an overview of fibre reinforced polymer (FRP) sandwich systems in 

the context of lightweight civil infrastructure. Many of the developing materials presented by 

Manalo et al. [36] may find application in modular buildings. To date such composite systems 

have been developed for application as roof, wall or floor components. Some examples of 

composite materials are given in Table 2.2. Use of FRP composite materials for complete 

modular building façades is appealing although their performance, especially with respect to 
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wind-borne debris impact and fire, is a developing area. In addition, the design and 

manufacture of reliable jointing systems is noted as a challenge which has received growing 

research attention [36]. 

Table 2.2. Composite materials with application in modular buildings 

2.1.4 Connection systems 

Interconnection of frame members and modules is critical to the capability of modular 

buildings to withstand applied loads [48]. Despite the need for a thorough understanding, 

studies on the connections are limited [48]. Connections are grouped into three types: inter-

module, intra-module, and module to foundation as shown in Figure 2.4. Table 2.3 provides a 

summary of connections for steel modules with further details given in the following sections. 

 
Figure 2.4. Illustration of connection types 

Use Composite material Advantages Ref. 

Wall Rigid polyurethane foam stud 
frame with magnesium oxide 
cladding 

Environment, lightweight, low cost [35] 

Floor Glass fibre reinforced polymer 
(FRP) web-flange sandwich, 
adhesively bonded 

Lightweight, strength, high serviceability 
stiffness, corrosion resistance, low thermal 
conductivity 

[37, 38] 

Floor FRP-steel composite beam 
system 

Lightweight, high strength, corrosion 
resistance, low thermal conductivity 

[39, 40] 

Floor Glass fibre reinforced cement, 
polyurethane, steel laminate 

Lightweight, acceptable strength, 5% damping [41, 42] 

Floor Steel-timber composite Lightweight, sustainable [43-45] 

Floor 
Roof 

Cold-formed steel – timber 
sheet composite beam, or truss 

Lightweight, efficient material use, simple 
fabrication, low cost, renewable and reusable 
materials 

[46, 47] 
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Table 2.3. Summary of connection types 

2.1.4.1 Inter-module connection 

Inter-module connections (IMCs) include horizontal connections (HC) between adjacent 

modules in two plan directions, and vertical connection (VC) between stacked modules. It is 

reported that bolted connection is preferred over site welding. A gap is usually provided 

between the floor and ceiling beams, as shown in Figure 2.1(L), allowing for external access 

to IMCs and for services to pass between the beams. This suits connection between the 

columns, rather than between the beams. Bolted connections can be complex to accommodate 

connection of modules stacked in three directions while ensuring access to fasteners is 

provided during the install sequence. Use of long slotted holes may introduce the potential for 

tolerance accumulation over multiple levels, and vulnerability to slip failure in the event of 

large horizontal force [33]. The potential for connection slip may be controlled with the use of 

friction-grip or pre-tensioned bolts. VCs may incorporate a shear key or spigot [49], which 

assists in positioning modules and may provide structural connection where physical access is 

Type Sub-Type Advantage Disadvantage 

Inter-module Bolted Reduced site work; 
demountable 

Access, slotted holes, slip, bolt 
tensioning 

 Welded No slip, compact, 
accommodate misalignment 

Site work, corrosion, not 
demountable 

 Composite (concrete-
steel) 

Strength, no slip, compact Site work, not demountable 

Intra-module Bolted Tolerance for shop 
assembly, deconstructable 

Relatively low moment 
capacity, ductility and rotation 
capacity 

 Welded Suited to factory based 
construction using jig to 
ensure module uniformity 

Does not permit rotation, steel 
members should be designed 
for hogging moments and axial 
forces 

Module to 
foundation 

Chain/cable/keeper 
plate 

Low cost Limited to low rise 
construction; tensioning 
requirements 

 Site weld to base 
plate 

Rigid connection Additional trade on site, hot 
work, damage to steel 
corrosion protection system 

 Base plate – cast in 
anchor bolts 

Ductility Positioning of cast in anchor 
bolts, tolerance in steel base 
plate, corrosion 

 Base plate embedded 
in concrete 

Full column strength and 
good ductility 

Positioning of column during 
concrete curing, site welding 



10 

not possible or practical. In some cases, concrete or grout is used to lock the joint in place, 

creating a composite concrete-steel connection. Table 2.4 presents a summary of IMCs for 

steel modules from the literature, and identifies the scope of the analytical, numerical and 

experimental investigation completed. In the latest studies, the force-displacement (F-d) and 

moment-rotation (M-θ) behaviours of the connection are established by detailed numerical 

analysis of the connection (see also §2.1.7, p.21).  

Table 2.4. Existing inter-module connection types 
VC: vertical connection, HC: horizontal connection, VH: vertical and horizontal connection 

HSS: hollow steel section, F-d: force-displacement, M-θ: moment-rotation 

Type Illustration Ref. Description Analytical / Numerical / 
Experimental Study 

HC 

 

[12, 18] Tie plate, connecting 
hollow or open steel 
section columns 

- 

HC 

 

[14-17] In-situ concrete encased 
bolted cleat, connecting 
open steel section beams 

- 

HC 

 

[50] Bolted side plate, 
connecting HSS 

Numerical – F-d and M-θ 

VC 

 

[14-17] Site weld end plate (one 
side), connecting HSS 

- 

VC 

 

[7] Bolted end plate, 
connecting HSS with 
access hole, or open angle 
section columns 

- 

VC 

 

[49] Lifting plate shear key, 
connecting HSS 

- 

VC 

 

[51] Bolted connection, 
connecting open steel 
section beams 

Numerical – F-d in 1-
direction (compression) 
and M-θ in 2-directions 

VC 

 

[50] Bolted end plate (bolts on 
two sides), connecting 
HSS 

Numerical – F-d and M-θ 

VH 

 

[33] Complex bolted end plate, 
connecting HSS 

Numerical and 
experimental – F-d in 1-
direction (shear) 
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Type Illustration Ref. Description Analytical / Numerical / 
Experimental Study 

VH 

 

[52, 53] Bolted connection plate, 
connecting HSS 

Numerical – M-θ in 1-
direction, cyclic loading  

VH 

 

[54] Steel bracket welded to 
corner columns 

Numerical and 
experimental – Shear and 
simply supported 

VH 

 

[55] Steel bracket, bolted or 
welded to floor and 
ceiling beams 

Numerical and 
experimental – M-θ in 1-
direction, cyclic loading 

VH 

 

[56] Pre-tensioned connection 
of columns 

(Composite steel-
concrete) 

Numerical and 
experimental – Simply 
supported, static and 
cyclic loading 

 

VH 

 

[57] Bolted interior steel 
connection 

Numerical and 
experimental – Lateral 
loading of beam-column 
assembly, static and 
cyclic loading 

VH 

 

[58] Bolted connection with 
rocket-shaped tenon 

Analytical and numerical 
– Axial F-d with a focus 
on buckling of the column 

VH 

 

[59] Bolted connection with 
welded cover plate 

Experimental – Lateral 
loading of beam-column 
assembly, monotonic and 
cyclic loading 

2.1.4.2 Intra-module connection 

Intra-module connections, i.e., connections within a module, are generally representative of 

traditional connection details. For MSBs both welded and bolted connections are used. 

Considering column to beam connections, the bolted connection types include single web (or 

fin) plates [7, 60, 61], double angle cleats [50], and bolted end plates [61]. It is suggested that 

a moment resisting connection consisting of an end plate or a deep fin plate may provide lateral 

stiffness for low rise buildings [7]. This is unusual in that fin plate connections are often 

classified as simple shear connections. Fin plate connections have relatively low moment 
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capacity, ductility and rotation capacity [62], hence their use is suggested only for low rise (3-

storey or less) buildings [7]. However, the use of such connections may make open modules 

susceptible to progressive collapse [62]. In this case the fin plate connection may have 

inadequate moment capacity, and so require strengthening. In contrast, Annan et al. [16] 

investigated steel floor framing with secondary beams welded directly to the main beams. This 

is compared with conventional steel construction which may use clip angles permitting greater 

rotation. The welded connections do not necessarily permit rotation such that steel members 

should be designed for hogging moments and axial forces which may be developed as a result 

[16]. Linear elastic analysis is demonstrated to be adequate for this issue and Annan et al. [16] 

present a process which may be adopted in design. 

2.1.4.3 Module to foundation connection 

Foundations may consist of in situ or precast concrete footings, bored concrete piles, augered 

steel piles, or some combinations. Low rise modular buildings located in areas with high lateral 

loading may be vulnerable to overturning and sliding failures if not adequately restrained by 

connection to an appropriate foundation. Building modules are commonly connected by 

chains, cables, keeper plates or welding to concrete or steel piles, or large mass concrete 

footings. Each connection type has associated disadvantages including tensioning 

requirements for chain and cable. In medium and high-rise construction foundations are more 

substantial. Base plates may be incorporated in modules and fixed to cast-in anchors, or welded 

on site to accessible cast-in plates. Park et al. [48] developed an embedded column connection 

(Figure 2.5), as an alternative to the traditional cast-in or post-fixed steel bearing plate. This 

connection was developed to ensure best use of the full column strength and provide good 

ductility. The disadvantages include the requirement for site welding between MSB columns 

and the end plate.  

 
Figure 2.5. Embedded column connection [48] 

2.1.5 Case study 

To define the range of existing modular buildings, a list of multi-storey modular building 

projects has been compiled based on a review of the literature. Table 2.5 shows a selected 



 

13 

sample. The tallest identified prefabricated building is J57 Mini Sky City located in Changsha, 

China, being 57 storeys or 207.8 m tall [31]. In Australia, the tallest prefabricated building 

identified is La Trobe Tower, Melbourne, being 44 storeys or 133 m tall. It is in an area with 

relatively low wind and earthquake loading. In areas with higher lateral load requirements the 

maximum building height is less. For example, the tallest building within Australia’s severe 

cyclone region is Concorde South, being 6 storeys.  

Table 2.5. Selected modular building projects 
* SA: student accommodation, R: residential, O: office, H: hotel 

2.1.6 Hazards and structural responses 

The hazards for modular buildings include transport activity, cyclone (hurricane, tornado), 

earthquake, explosion, progressive collapse, and fire. Hazards can be classified as natural, 

anthropogenic, or technological [63, 64] and the interaction can be concurrent, cascading or 

independent [65]. Each hazard has associated actions, or loads, for which the building structure 

must be designed. Different loads have different characteristics, design criteria and mitigation 

strategies (Table 2.6). No studies have been identified to address the method for selection of 

an optimal design to suit the competing requirements of different loads for modular building. 

2.1.6.1 Transport and handling 

Modules are designed to be lifted, with designated lift points provided on the module. They 

are usually lifted by a crane, although forklifts may be used in the manufacturer’s yard. The 

Project Location Storeys Use* Completed 

Agricola College Kalgoorlie, Australia 4 SA 2017 

La Trobe Tower Melbourne, Australia 44 R 2016 

461 Dean Street New York City, United States 32 R 2016 

Coast Apartments Rockingham, Australia 4 R 2016 

J57 Mini Sky City Changsha, China 57 R / O 2015 

Concorde South South Hedland, Australia 6 R 2014 

SOHO Apartment Darwin, Australia 29 R / H 2014 

Unite Student Apartment / Hostel Wembley, England 19 SA 2014 

Port View Apartments Port Hedland, Australia 4 R 2013 

Little Hero Building Melbourne, Australia 8 R 2010 

Victoria Hall Wolverhampton, England 25 SA 2009 

Paragon Student Housing West London, England 17 SA 2006 

Royal Northern College of Music Manchester, England 9 SA 2001 
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number and positioning of lift points is often determined by deflection criteria chosen to 

protect fragile components. Lift points are typically positioned in from each end, reducing 

member design actions and deformation of the chassis. General guidance on the design of 

lifters is available in existing documents, for example, American Standard [66-68] and DNV 

Offshore Standard [69]. The stiffness of a whole module is likely to be influenced by internal 

and external linings and manufacturers may test complete modules to establish composite 

stiffness. For transportation, including road, rail and sea, the loading is defined by acceleration 

coefficients, for example, 0.8g forward, 0.5g rearward, and 0.5g transverse during road 

transportation. General guidance is available in the existing documents, for example, the CTU 

Code [70] for cargo transport units (CTU). Transit bracing is often provided, particularly in 

open modules, to strengthen the structural frame and increase stiffness to help control damage 

to fragile components. 

Table 2.6. Summary of load characteristics and design criteria 

Few studies on the response of modular buildings to transport and handling have been 

reported. Smith et al. [75] investigated transport and handling for single storey timber framed 

Load Characteristics Design Criteria 

Transport 
& Handling 

Lifting: dynamic amplification 
depending on module and lift 
arrangement; 
Transport: acceleration coefficients 
in three orthogonal directions 

Stability, strength and serviceability; 
Deflection criteria to protect components, e.g., 
h/500, L/500 

Wind Load Low frequencies, ~0.01 to 2.5 Hz; 
Mean component and fluctuating 
component (gust-factor approach) 

Stability, strength, serviceability (inter-storey 
& overall deflection, and vibration); 
Deflection limits for serviceability limit state, 
e.g., H/600 for total drift and h/500 for inter-
storey drift [71] 

Debris 
Impact 

Local impact Local penetration, opening area for internal 
pressure calculation [72, 73] 

Earthquake Ground motion with frequency 
contents in the range of 0.5 to 25 Hz; 
Excites fundamental, low vibration 
modes resulting in a global structural 
response 

Damage criteria – displacement based, i.e., 
ductility ratio & inter-storey drift ratio, e.g., 
1.5% inter-storey drift [74] 
Design criteria – life safety, collapse 
prevention 

Blast Short duration; local response for 
close-in blast, might lead to 
progressive collapse;  
For far field blast, uniformly 
distributed loading 

Descriptive building damage level and 
component response  

Fire High temperature Fire resistance level (time) 
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modules. Field testing and numerical modelling using SAP2000 were conducted and the 

relevant data is provided in the referenced report. It was reported that the main form of damage 

was cracking of internal plasterboard linings. This was caused by the lifting practices with 

road transport propagating cracks. It was recommended that areas for further work included 

the development of laboratory techniques to simulate transport under controlled conditions 

and the development of dampers to reduce dynamic forces.  

2.1.6.2 Wind 

Natural hazards such as cyclones and tornadoes encompass multiple actions including both 

primary wind loading, and secondary debris impact and water ingress. Wind loads are 

characterised by low frequencies, approximately 0.01 to 2.5 Hz, and mean and fluctuating 

components [76-78]. Design criteria are typically based on stability, strength and serviceability 

by considering inter-storey deflection, overall deflection, and vibration [79]. For example, the 

limits of H/600 for total building drift and h/500 for inter-storey drift [71] are specified, where 

H is the total building height and h is the storey height. Generally, structures are regarded as 

wind sensitive if the fundamental frequency is less than 1 Hz, and slenderness ratio is greater 

than five [72, 79, 80]. Static analysis is therefore appropriate for buildings with height less 

than 50 m [79], based on an empirical formula for the fundamental frequency [81, 82]. 

However, results presented in the literature for modular buildings suggest a value of 30 m 

could be more appropriate, with a frequency of approximately 1 Hz obtained numerically for 

a 10-storey modular building [33] (refer §2.1.6.3.3, p.18). Therefore, dynamic analysis is 

required for modular buildings over 30 m high. No studies are identified to address cyclonic 

wind loads for modular buildings. 

Few studies on the response of modular structures to wind loading have been conducted. 

Gunawardena et al. [83] presented base shear and storey drift results for static analysis of a 

10-storey modular building with wind loading applied following AS 1170.2:2011 [72] for 

Region A, Terrain Category 4. Three different cases of inter-connection were considered for 

this building: rigid connection by a rigid floor diaphragm, flexible connection by a semi-rigid 

diaphragm, and no connection. The results indicated the actual structural behaviour fell 

between that for the semi-rigid diaphragm and no diaphragm. Styles et al. [50] investigated 

the effect of joint rotational stiffness on the response to wind loading for an 11-storey modular 

building. It was reported that increasing horizontal inter-module and intra-module connection 

stiffness effectively reduced inter-storey drift due to wind load. Intra-module connection 

stiffness was shown to have a greater effect than horizontal inter-module connection stiffness. 

It is indicated that further studies are needed to address the factors including vertical inter-

module connection stiffness and building height.  
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2.1.6.2.1 Wind-borne debris 

Wind-borne debris impact has been observed in many strong wind events and is well 

documented in the existing literature [84-86]. Debris impact causes localised damage and if 

the envelope is penetrated may cause additional damage due to water ingress and internal 

pressurisation. Debris impact loading is typically specified for standard debris items, with 

velocity related to regional wind speed (VR). For example, AS/NZS 1170.2 [72] specifies a 4 

kg timber with 100 x 50 mm cross-section impacting at 0.4VR and 0.1VR, and an 8 mm (2 g) 

steel ball impacting at 0.4VR and 0.3VR for the vertical and horizontal trajectory component, 

respectively [72]. Modular buildings are generally lightweight to facilitate transport and so 

may incorporate lightweight cladding materials which are vulnerable to debris impact. 

Recently, a systematic study of the performances of structural panels against wind-borne 

debris impact has been conducted experimentally by using a pneumatic cannon and 

numerically by using LS-DYNA [87-91] and some cost-effective engineering adaptation 

methods have been developed. The development of lightweight and resilient structural panel 

as building envelope can be incorporated into the design of modular buildings. 

2.1.6.3 Earthquake 

Earthquakes are characterised by ground motions with predominant frequencies in the range 

of 0.5 to 25 Hz, which normally excite the fundamental and low vibration modes of 

engineering structures and result in global structural responses [76, 77]. Extensive research 

works have been carried out to investigate the seismic behaviours of traditional building 

structures, and displacement-based damage criteria such as the ductility ratio and inter-storey 

drift ratio are widely used by the design guides to measure their seismic performances [77]. 

For example, Australian Seismic Design Code AS 1170.4 [74] specifies an inter-storey drift 

limit of 1.5% for the ultimate limit state. Modular buildings, due to their obvious advantages, 

are increasingly used in areas with high seismic hazard. Their seismic performances are, 

however, not adequately understood because they are a relatively new structural form. The 

rocking and sliding response of modules after connection damage could be the governing 

response modes. In such cases the conventional displacement-based criteria such as drift ratio 

may no longer be applicable to quantify modular building damage. Therefore, it is essential to 

investigate the performance of modular buildings under earthquake loadings and further 

propose the corresponding criteria to evaluate their seismic performances.  

2.1.6.3.1 Seismic responses 

Very limited studies on the seismic responses of modular structures have been conducted and 

these studies mainly focused on the MSB-braced frames. Annan et al. [17] conducted 
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experimental studies on the hysteretic behaviours of an MSB-braced frame and a regular 

concentrically-braced frame with similar physical characteristics. It is reported that both 

specimens showed stable and ductile behaviour up to very high drift ratio (3.5%). The MSB 

frame was more vulnerable to column bending deformation, whereas the traditional frame was 

vulnerable to the out of plane buckling of bracing. Annan et al. [15] further conducted 

incremental dynamic analysis (IDA) for 2-, 4- and 6-storey two-dimensional (2D) MSB-

braced frames. It is reported that the selected MSB-braced frames exhibit a predominantly 

first-mode response (e.g. the mass participation factors for the 2-storey frame are 94% for the 

1st mode and 5% for the 2nd mode, similarly, for the 4-storey frame, the percentages are 81% 

and 15% respectively, and for the 6-storey frame, the values are 77% and 17%) and limited 

redistribution of internal forces can result in concentration of inelasticity at the first level. 

Fathieh et al. [18] conducted nonlinear static pushover and IDA analyses for 2D and 3D MSB-

braced 4-storey frames. It verified the concentration of inelasticity at the first level due to 

limited internal force redistribution and brace inelasticity, and found the 2D model 

overestimated the structural capacity against incipient collapse because torsional response was 

not accounted for in the 2D model. Gunawardena et al. [20] conducted nonlinear time history 

analysis for a freestanding 10-storey modular building subjected to six selected ground 

motions. Column hinge formation was found unavoidable in severe ground motions and 

column ductility was important to redistribute post yield loads. It was indicated that further 

studies are needed to investigate dynamic behaviours for mid- to high-rise modular buildings.  

2.1.6.3.2 Over-strength and ductility 

In the seismic analyses of traditional engineering structures, forces derived from an elastic 

response spectrum analysis are adjusted to allow for the ductility and other reserved strength. 

AS 1170.4 adopts a structural ductility factor (µ) and structural performance factor (Sp) as a 

measure of the ability to withstand inelastic displacement and other reserved strength, 

respectively. For the modular structures, Annan et al. [14] investigated the inelasticity of 

modular buildings by conducting nonlinear static pushover analyses for 2-, 4- and 6-storey 2D 

MSB-braced frames. The over-strength factor (R0=1/Sp) and structural ductility (µ) are 

reported as per the National Building Code of Canada (NBCC) [92, 93]. Two methods were 

used to calculate the column actions due to bracing – the SRSS (Square Root of the Sum of 

the Squares) method [94, 95], and the DS (Direct Summation) method. The SRSS method was 

found to be unconservative and so the DS approach was recommended. The ductility, which 

is calculated as the ratio of the ultimate drift (Δu) to the yield displacement (Δy), i.e., Δu/Δy, is 

shown to reduce with increasing MSB frame height. The values range from 4.6 to 1.8 for 2- to 

6-storey MSB-braced frames. The variation with height is reported to occur for two reasons. 

First, the yield displacement of braces increases with increasing frame height due to a decrease 
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in brace slenderness, i.e., the brace section size was not constant [14]. Second, the ultimate 

drift is determined by the redistribution of load after the compression brace yields [14]. The 

vertical inter-module connections (IMCs) affect this ability to redistribute load, and the affect 

increases with increasing frame height [14]. Similarly, the over-strength factor, which is 

calculated as the ratio of the ultimate load to the design load, is shown to reduce with 

increasing height [14]. The values range from 2.5 to 1.9 for 2- to 6-storey MSB-braced frames. 

The variation with height is again related to the ability to redistribute internal force [14]. 

Similar results are reported for steel moment resisting frame (SMRF) modules. Choi et al. [52] 

conducted nonlinear static pushover analyses for 3- and 5-storey SMRF modules with varying 

IMC type and stiffness, and reported over-strength factors between 2.15 and 3.76 for the 3-

storey frames, and between 1.19 and 1.94 for the 5-storey frames. For each frame height, the 

SMRF frames with greater inter-connection stiffness had greater over-strength factor.  

2.1.6.3.3 Fundamental period of modular building 

The fundamental period of a modular building is an important parameter for the prediction of 

its seismic behaviour [96]. Many standards provide empirical formulae for the fundamental 

period (T1[s]) of traditional building structures. For example, AS 1170.4 [74] gives 
0.75

1 1.25 t nT k h= , where hn is the height from the base to the uppermost seismic mass in metres, 

and kt is a constant depending on the structure type with a value ranging between 0.05 (for all 

other structures) and 0.11 (for moment-resisting steel frames). Recently, some studies have 

been carried out on modular buildings. Figure 2.6 shows the fundamental periods for 

rectangular modular buildings together with the upper and lower bounds defined in AS 1170.4. 

These fundamental periods are the result of numerical analysis of 2D MSB-braced frames [15], 

3D MSB-braced frames [18, 33] and steel moment-resisting frame (SMRF) modules [52, 97], 

and experimental analysis of stacked timber frame modules [98]. It can be seen that the period 

values follow the trend of increasing with building height. From the limited data presented, 

kt=0.05 gives a reasonable estimate for both the 2D MSB-braced frames and the timber frame 

modules, whereas kt=0.075 appears more appropriate for the 3D MSB-braced frames. For the 

SMRF modules greater variation in the fundamental period is shown. This is the result of 

varying inter-module connection type and stiffness [52], and varying imposed gravity load 

[97]. For these SMRF modules use of kt=0.11 to estimate the fundamental period is most 

accurate for the case of rigid inter-module connection. It should be mentioned that the data 

presented for the MSBs considers only the main structural elements and excludes the cladding 

elements. Cladding incorporated into modules may have a significant effect on the 

fundamental period due to the additional mass.  
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Figure 2.6. Variation of fundamental period with height for modular buildings 

The existing literature includes the studies by Annan et al. [15], Gunawardena [33], Fathieh et al. [18], 
Shirokov et al. [97], Choi et al. [52], Styles et al. [50], and Malo et al. [98]. † indicates varying gravity 

load and ‡ indicates varying connection stiffness. 

2.1.6.4 Blast 

Blast loads can induce local and global responses. Local response, typically the result of close-

in explosion, causes localised failure which might lead to progressive collapse [99]. Global 

response occurs for transverse load with longer exposure time [100], such as gas explosion 

and far field explosion. Design is typically based on descriptive building damage level, i.e., 

low, medium, and high, and component response. Modular buildings may be subjected to blast 

load from several sources including chemical / industrial / terrorist explosion. They are 

therefore used in industry to protect personnel [101-103] where they are referred to as blast 

resistant modules (BRM) or blast resistant portable buildings (BRPB) (Figure 2.7).  

 
(a) 

 
(b) 

 
(c) 

Figure 2.7. (a) One storey BRM building [101], (b) Two storey BRM building [101], and 
(c) Stacked BRPB complex [102] 

Steel modules have a primary steel frame with walls formed by infill between roof and floor. 

For example, walls may consist of steel plate, cold-formed steel stud frame or sandwich panels. 

Typically, BRMs use 3.2 to 7.9 mm thick crimped steel plate walls fully welded to the steel 

frame [101]. For this type of module construction, finite element analysis is recommended to 
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capture failure modes, although a single degree of freedom (SDOF) approach may be adopted 

[101]. For general design, reference is often made to the standards including UFC 3-340-02 

[104] and ASCE 41088 [99]. Hao et al. [105] provide a summary of the current practice. For 

steel components, response limits are given based on ductility (µ=1 to 20), support rotation 

(θ=1 to 12°) and side sway (height/50 to h/25) for moment-resisting frames. Overall, published 

qualitative studies for blast loading are limited and further studies are needed to investigate 

the behaviour of mid- to high-rise modular buildings. 

2.1.6.5 Progressive collapse 

Progressive collapse occurs when local damage from an extreme event results in overload and 

then failure of successive alternate load paths [106, 107]. It is a relatively rare catastrophic 

failure which may occur due to lack of continuity, ductility and/or redundancy [106]. The 

methods of design are typically categorised as indirect or direct approaches. The tie force 

method is an indirect approach wherein robustness is enhanced by provision of specified 

minimum ductility, continuity and strength [106, 107]. Direct design approaches include the 

alternative path method and key element design (or enhanced local resistance) [106, 107]. For 

modular steel buildings the tie force method may not be appropriate. This method does not 

consider beam rotations due to catenary action and failure may occur in low ductility 

connections such as standard fin plates [108]. Similarly, the key element method may not be 

appropriate for light steel framed modules [24]. This is because the lightweight structure may 

be unable to resist the relatively large design actions resulting from extreme events such as gas 

explosion [24].  

Instead, the alternative load path approach is adopted [13, 24]. Lawson et al. [24] completed a 

static analysis for the loss of one corner or internal support to a light steel module, with load 

being transferred by shear walls back to a tying action in inter-module connections. To 

demonstrate the capability of the modules, tests were completed to establish the shear wall 

racking capacity and deflection of the module with removed supports. The required inter-

module tie forces were found to be relatively low [24]. In another study, container express 

(CONEX) modules used for barracks were tested in Florida [109]. The modules were stacked 

three levels high and connected using twist locks. The work completed included simulating 

column removal using SAP2000, experimental column removal tests using hydraulic jacks, 

and finally detonation of an artillery shell at a critical location (Figure 2.8). The results 

confirmed progressive collapse was not an issue as per the Unified Facilities Criteria [106]. 

Progressive collapse studies have therefore considered only light steel framed modules and 

container buildings stacked three storeys high. Modular steel buildings may be vulnerable due 

to the use of connections with limited ductility, which is worth studying.  
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Figure 2.8. Expeditionary CONEX testing for progressive collapse [109] 

2.1.6.6 Fire 

Fire resistance is a major challenge for modular buildings. Concerns have been reported 

considering the use of flammable materials and the presence of a void between modules which 

may permit a fire to spread [110, 111]. These concerns are similar to those raised in the case 

of the fire at Grenfell Tower, London, UK [112]. However, studies into the fire performance 

of modular structures are limited. One study considered fire simulation for a container building 

[28] and several studies investigated the performance of developing composite materials such 

as fibre reinforced polymer (FRP). Composite materials have advantages which make them 

well suited to application in modular building. They are lightweight with high strength and 

stiffness and offer flexibility in shape [113-116]. However, they generally have low fire 

resistance and their performance as a building envelope is not well known [113, 114]. Ngo et 

al. [113] investigated the performance of an office building constructed from modules with 

glass FRP composite components forming the façade. This study provides insight into the fire 

performance based on numeric analysis. Nguyen et al. [114] investigated the addition of fire 

retardant to improve fire performance. Models were developed to predict “fire growth index 

and total heat release” for “organoclay/glass fibre reinforced polymer (GFRP) laminates” 

[114]. The performance was then considered for an office building with façade consisting of 

GFRP laminate on foam core. The addition of organoclay is found to prevent flash-over and 

horizontal flame spread. Fire performance studies are therefore mostly related to the 

development of FRP materials with no studies identified for modular steel buildings. In current 

practice, fire resistance time requirements are satisfied by providing layers of protective 

cladding and fire stops to control fire spread [7].  

2.1.7 Current design practice and methodology 

2.1.7.1 Design guidelines and theoretical analysis 

General design guidance is available for light steel framed modules in the existing literature 

(Table 2.7). In current practice, guidance is drawn from the traditional literature. A limit state 

approach is adopted for design criteria considering stability, strength, and serviceability. 
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Building serviceability is satisfied by adherence to overall drift limits and acceleration limits 

for human comfort. For example, for wind loading, Mendis et al. [79] and Griffis [71] report 

on acceleration and drift limits. Modules should also satisfy serviceability criteria during 

transport and lifting. Limited guidance is available and current practice is based largely on 

practical experience. Serviceability during transport and lifting is mainly concerned with the 

potential for damage to finishes and equipment. Therefore, guidance can be found in existing 

literature such as Griffis [71]. For example, to control cracking of partition walls during 

transport and handling, limits of module height/500 and span/500 can be adopted for lateral 

acceleration and gravity loads. Design of MSB connections is similarly based on the traditional 

literature due to the lack of modular specific guidelines. For bolted connections, Gunawardena 

[33] and Styles et al. [50] showed structural behaviour can be established using finite element 

analysis based on comparison with laboratory testing. The resulting force-deformation or 

moment-rotation behaviours can then be incorporated into a simplified global model of the 

building structure. For example, Gunawardena [33] has demonstrated the use of link elements 

to model horizontal connections using ETABS and SAP2000.  

Table 2.7. Design guidelines for modular buildings 

As for traditional structures, simplified SDOF models are available following the standard 

texts such as Biggs [118], Clough et al. [119], and Chopra [93]. Hao et al. [105] provided a 

review of current practice and its limitations for blast-resistant analysis. The limitations of 

SDOF models include assumptions regarding loading conditions, response mode and 

deflection shape [77, 105]. No theoretical analysis models developed specifically for modular 

buildings are identified in the literature. From low-rise construction, modular buildings are 

known to behave as rigid bodies, for example overturning and sliding due to wind loading 

[120, 121]. This understanding of modular behaviour could be extended to multi-storey 

stacked assemblies, adopting a rigid module, flexible inter-connection approach. Extensive 

Guideline Application scope and notes 

The Steel Construction Institute (SCI) 
P272 [21], SCI P302 [12], SCI P348 [22] 

Architectural and general guidance on typical details 
for light steel framed modules 

Prefab Architecture: A Guide to Modular 
Design and Construction [6] 

General background, applications, and case studies 
for modular buildings 

Design in Modular Construction [7] General guidance on modular buildings with an 
emphasis on light steel framed modules and case 
studies 

Code of Practice for Packing of Cargo 
Transport Units [70] 

General guidance on transport actions for container 
units 

Handbook for the Design of Modular 
Structures [117] 

General guidance on design and construction aspects 
with an emphasis on Australian codes and standards 
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research has been reported on the rocking response of rigid structures. Hao et al. [122] provide 

a summary of the development up to 2011. The rocking and sliding response is known to be 

highly nonlinear. For example, stability depends on structure slenderness, and ground motion 

amplitude, frequency and duration [123]. The existing knowledge of rigid bodies could be 

applied to modular buildings and could form the basis of theoretical analysis for multiple 

hazards.  

2.1.7.2 Experimental testing 

Testing is typically conducted either to demonstrate compliance with performance 

requirements or to determine the capacity for design purposes, i.e., proof testing or prototype 

testing. As a new developing application, structural design of modular buildings has a greater 

emphasis on prototype testing, rather than reliance on standardised or pre-qualified detailing. 

Prototype modules may be constructed to establish overall composite stiffness including 

cladding, test lining response to transport and lifting actions, and to test the fit and tolerance 

of connection systems. Table 2.8 gives a summary of test methods for modular buildings and 

prefabricated components. The documentation of test methods for modular buildings is limited 

and standard methods are not available in some cases. For blast loading no modular specific 

methods are available and a summary of current practice is provided by Hao et al. [105].  

Table 2.8. Test methods for modular buildings and prefabricated components 

Component Test Description Standard Method Example 

Module Transport and handling – field testing, measurement 
of wind speed/pressure, deformation & accelerations 

- [75] 

Module Overturning – wind tunnel, rigid body scale model - [124] 

Module In-plane shear (racking test), e.g., Figure 2.9 - [60] 

Module Progressive collapse – general methods include 
laboratory simulated column removal and field 
testing 

- [13, 24, 
109] 

Module Dynamic properties – field testing, to determine 
fundamental frequency, damping ratio, mode shape 

- [98] 

Module 
frame 

Cyclic seismic test – symmetric reversed-cyclic 
loading history 

ATC-24 [125] 
 

[17] 

Panel – 
wall, floor, 
roof 

In-plane shear, compressive / tensile / concentrated 
load, transverse flexural load (two-point or bag 
method) 

ASTM E 564-06 
[126], ASTM E 
72-15 [127] 

[35, 
128] 

Connections Evaluation of inter-module connections, e.g. Figure 
2.9 

- [33] 

Module 
envelope 

Simulated wind-borne debris impact ASTM E1996-
14a [129], 
ASTM E1886-
13a [130] 

[91] 
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(a) 

 
(b) 

Figure 2.9. (a) Shear force load testing of connection with contactless strain 
measurement system [33] and (b) Racking test of complete frame [60] 

2.1.7.3 Numerical simulation 

Structures are typically broken down into components for piecewise analysis. Connections are 

modelled using finite element analysis (FEA) and the resulting behaviour is incorporated in a 

separate model of the frame for structural analysis. MSBs often incorporate semi-rigid 

connections for which the behaviour and stiffness can be established for inclusion in the global 

analysis [131]. FEA of connections is commonly conducted using ABAQUS [132] or ANSYS 

[33, 50]. For global analysis, various commercial software packages have been adopted for 

modular buildings, including ABAQUS [30], ANSYS [50], SAP2000 Nonlinear [16, 75], and 

ETABS [19]. In the specific field of earthquake engineering, RUAUMOKO 3D [20], 

OpenSees [18] and SeismoStruct [17] have been adopted for incremental dynamic analysis, 

and pushover analysis. 

2.1.8 Summary 

Modular building refers to the application of a variety of structural systems and building 

materials. Modular buildings perform differently to similar traditional structures owing to the 

requirements of site interconnection for modular building. Analysis, design and construction 

technologies of modular building are currently under further development and several key 

areas are identified for further study.  

1. Overall module size is limited by transport capabilities and internal layouts are limited by 

the requirement for structural elements. Greater flexibility in internal layout could be 

provided by a reduction in structural member sizes, and reduction in the number of braces, 

shear walls and columns.  

2. There remains a need for efficient lightweight systems which also address issues of 

robustness. At the same time, there is also a need to develop new lightweight materials for 
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specific application in prefabrication and modular building. The performance with respect 

to wind-borne debris impact and fire are developing areas.  

3. Accumulated damage must be considered for portable buildings subjected to repeated and 

fatigue loading. In other cases where a module might be transported only once or twice in 

its life, damage during transport and in situ degradation are worth studying. This affects 

the performance for all hazard types, yet published quantitative studies are limited.  

4. Connections are key to the performance of modular buildings. The design and fabrication 

of reliable connection systems is a major challenge. Further research is required to better 

define the performance of existing connection systems and limit the potential for 

overdesign due to limited understanding.  

5. The current studies on modular buildings under earthquake are limited to 10 storeys. 

Further studies are needed to investigate the dynamic behaviour due to earthquake ground 

motion for mid- to high-rise modular buildings.  

6. No studies have been identified to address dynamic wind loading, or cyclonic wind loading 

for modular buildings. Further studies are needed to investigate the dynamic response of 

modular buildings under wind loading.  

7. Further studies are needed to investigate the behaviour of mid- to high-rise modular 

buildings subjected to blast loading. In addition, progressive collapse studies considered 

only light steel framed modules and container buildings. Modular steel buildings may be 

vulnerable due to the use of connections with limited ductility, which is worth studying. 
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2.2 Review of bolted inter-module connections2 

2.2.1 Introduction 

In Section 2.1, inter-module connections (IMCs) were identified as key to the structural 

performance of modular buildings. Research into the structural behaviours of the existing 

IMCs was found to be limited and further study was recommended in order to extend the 

knowledge. Therefore, in this section, a more focused review of bolted IMCs in modular steel 

buildings is undertaken. Hence, this section summarises the existing bolted IMCs and 

describes their structural purpose and associated design models. Methods for estimating the 

stiffness of bolted steel connections are identified from the literature and applied to three 

selected existing IMCs. In this way, the ability of the existing models to estimate the structural 

behaviours of the existing IMCs is evaluated.  

2.2.2 Inter-module connections and their structural purpose 

In this section, the inter-module connections (IMCs), which form the interface between 

modules, are of particular interest. The IMCs may provide vertical connectivity (VC) as 

illustrated in Figure 2.10(a), or horizontal connectivity (HC) as illustrated in Figure 2.10(b). 

Alternatively, the IMCs may provide both vertical and horizontal connectivity (VH). The term 

joint is used to refer to the entire segment i-j as shown in Figure 2.10(a) and (b). In this way, 

the inter-module joint is comprised of several beam, column and connection elements 

depending on the particular geometry.  

 
Figure 2.10. Inter-module connections providing (a) vertical connection (VC) and (b) 

horizontal connection (HC) 

                                                      
2 The related work in §2.2 was published in the Journal of Building Engineering: 

Lacey AW, Chen W, Hao H, Bi K. Review of bolted inter-module connections in modular steel 
buildings. J Build Eng. 2019;23:207-19. https://doi.org/10.1016/j.jobe.2019.01.035 

 

https://doi.org/10.1016/j.jobe.2019.01.035
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The IMCs provide a path for load transfer and sharing between modules, and are the tying 

elements which allow stacked modules to effectively transfer loads to the foundation. Through 

load sharing the IMCs satisfy robustness requirements, preventing catastrophic progressive 

collapse due to local failure. In addition, individual frame member design may require lateral 

restraint which is provided by connection between modules. IMCs also satisfy construction 

and serviceability requirements. For example, IMCs may be used to pull modules together 

during site assembly, closing the gap between them, thereby allowing use of individual 

modules which are not perfectly straight or square. IMCs limit differential movement between 

modules which may otherwise cause damage to flashings or constitute loss of serviceability. 

They also limit overall building sway which might cause damage to internal linings. As shown 

in Figure 2.10(a), a vertical space is typically provided between the floor and ceiling beams, 

which allows access to the IMCs and permits services to run around and between the beams. 

Lawson et al. [7], for example, show a typical gap between the beams of 140 mm for corner 

supported modules. 

Section 2.1 summarised existing connections for modular steel buildings, and the existing 

IMCs were summarised in Table 2.4 (p.10). It can be seen that hollow steel sections are 

commonly used for the module columns due to their efficiency in compression and torsion 

[133, 134]. Bolted connections are used for IMCs where they are preferred due to the 

advantages of reduced site work and demountability (Table 2.3, p.9). Disadvantages of the 

bolted connection include the requirements for access, tolerance by slotted holes, slip, and bolt 

tensioning. Considering construction requirements, the ideal IMC should be compact, easy to 

install on site, address tolerance requirements, and be demountable. In some cases it is also 

desirable that connections are reusable which may preclude the use of composite concrete-

steel connections, for example.  

2.2.3 Design practice and methodology 

2.2.3.1 Development of inter-module joint models 

For traditional steel joints relevant design models can be found in the existing standards such 

as those listed in Table 2.9. In the case of inter-module joints the models are still developing. 

The works by Annan et al. [14] consider a vertical inter-module joint which is modelled as 

shown in Figure 2.11. The model has rigid elements allowing for the rigidity of the beam-

column joints, and a pin joint allowing for the rotation permitted by the welding on one side 

only. Horizontal connections are not included because the simplified two-dimensional frame 

does not have horizontally adjacent modules. Sultana et al. [135] investigated the use of 

superelastic shape memory alloy bolts in the vertical inter-module connection. The moment-

rotation (M-θ) behaviour of the connection was determined based on the joint model as shown 
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in Figure 2.12. Rigid elements were assumed for the end plate inside the hollow section and 

springs were included to account for the stiffness of the external end plate and bolt.  

Table 2.9. Existing standards for traditional steel connections 

 
Figure 2.11. Annan et al. [14] inter-module joint model 

Fathieh et al. [18] extended the work of Annan et al. [14], including both vertical and 

horizontal inter-module joints in a three-dimensional frame. Following Annan et al. [14], rigid 

elastic beam-column elements were defined considering the beam-column joint rigidity, and 

the short column length was included as an “inelastic force beam-column element” in the 

OpenSees model. Again, a pinned joint was included to permit rotation at the top of the short 

column section. For the horizontal joint, which was considered as a bolted steel plate, elastic 

behaviour was assumed by modelling the connection as an element with strength in bending 

and shear 30% greater than the adjacent beam section. Gunawardena [33] considered a 

combined horizontal and vertical connection detail. The vertical joint was modelled by beam 

elements with consideration of the possible locations of hinge development due to plastic yield 

(Figure 2.13). The horizontal joint was included as a spring which transfers lateral load 

between adjacent modules. The spring stiffness was determined as the shear stiffness of the 

Standard Application scope and notes 

Eurocode 3: Design of steel 
structures – Part 1-8: Design of 
joints [136] 

Joints connecting H or I sections with an emphasis on beam 
to column joints and column bases; Welded hollow section 
joints 

Specification for Structural Steel 
Buildings, ANSI/AISC 360-16 [137] 

General design of connection elements 

Specification for Structural Joints 
Using High-Strength Bolts [138] 

Specifications with an emphasis on installation 
requirements; Slip testing procedures 

AS4100 [139] General design of connection elements including bolts and 
welds 
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relevant inter-module connection, disregarding any potential stiffness in other directions. In 

this way the force-displacement (F-d) behaviour of the horizontal IMC was incorporated 

directly as the stiffness of the joint. 

 
Figure 2.12. Sultana et al. [135] inter-module joint model 

 
Figure 2.13. Gunawardena [33] inter-module joint model 

In a subsequent work, Chua et al. [140] proposed an extended model, which was named as the 

translational spring model. It included a vertical link element for each column, for which axial 

and shear springs were input, while the moment-rotation stiffness was considered to be 

negligible. Similarly, the torsion-rotation stiffness was not included, and it was reported that 

torsion in the vertical connection (VC) was unlikely as a result of the “volumetric nature of 

the modules”. Moreover, if torsion was applied to the VC, it would not affect the lateral 

displacement, which was the main interest in the following numerical analysis of the overall 

building structure. For the horizontal connection, a horizontal link element was defined which 
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connected the adjacent columns. Axial and shear springs were input based on the central tie 

plate properties, i.e., EA
L

 and GA
L

, while rotation was not restrained. 

2.2.3.2 Experimental testing 

Experiments undertaken in the previous studies are outlined in Table 2.10. Two main types of 

loading were considered in the literature related to modular buildings: quasi-static monotonic 

and cyclic. The existing experimental studies do not consider the interaction between separate 

horizontal connection and vertical connection, or possible contact between adjacent columns. 

As given in Table 2.10, several studies complete cyclic loading of full scale connections 

subject to lateral and axial loading. The lateral load is applied to generate a bending moment 

in the connection such that the moment-rotation behaviour may be recorded. The cyclic 

loading is undertaken to evaluate the seismic behaviour of the connection, giving information 

on the strength and stiffness, and the time history dependent behaviour [125]. Further 

information on the typical requirements for cyclic testing can be found in the American 

standard AISC 341-16 [141].  

2.2.4 Structural behaviours of selected existing inter-module connections 

Three existing inter-module connections (IMCs) were selected for detailed review, as 

summarised in Table 2.11. The selected IMCs (A/B/C) were taken from published works 

which provide details of the force-displacement (F-d) and moment-rotation (M-θ) behaviours 

of the IMC. These F-d and M-θ behaviours are presented and discussed in this section. Figures 

2.14 and 2.17 to 2.21 replot the data presented in the referenced papers. As the boundary and 

loading conditions may influence the resulting behaviour, illustrations were added to the plots 

to show how the loads were applied in the referenced work. For the Type A connection the 

load application was not explicitly defined in the referenced paper and the illustrations show 

the interpreted load application.  

In Section 2.2.5 the existing simplified models for the structural behaviours of bolted steel 

connections are introduced. The structural behaviours of the selected IMCs (Table 2.11) are 

then estimated using the simplified models. Finally, the estimated structural behaviours of the 

IMCs are compared with the actual behaviours introduced in this section. In this way, the 

following Section 2.2.5 evaluates the accuracy of the existing simplified models when they 

are applied to IMCs.  
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Table 2.10. Experimental testing 
F-d: force-displacement, M-θ: moment-rotation, DIC: digital image correlation 

Ref. Experimental testing Photos 

Gunawardena 
[33] 

F-d in 1-direction (shear) 
500 kN compression load cell, 
load applied at a rate of 0.1 
mm/min 
Strain measurement by non-
contact DIC (ARAMIS) 

 

Doh et al. 
[54] 

Steel bracket connection 
90 t hydraulic jack 
Shear and simply supported 

 

Lee et al. 
[55] 

M-θ behaviour of beam-
column joint including ceiling 
bracket connection for cyclic 
loading 
Cyclic loading with an 
actuator; displacement 
controlled following the 
Korean Building Code [142] 
for verification of a column-
beam joint 

 

Chen et al. 
[57] 

M-θ behaviour of beam-
column joint including inter-
module and intra-module 
connections 
Combined axial and lateral 
load; axial load 20% and 10% 
of column yield load 
Static monotonic and quasi-
static cyclic loading based on 
JGJ 101-96 [143] 

 

Deng et al. 
[59] 

M-θ behaviour of beam-
column joint 
Combined axial and lateral 
load; axial load 10% of 
column yield load 
Static monotonic and cyclic 
loading based on ATC 
guidelines [125] 
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Table 2.11. Selected inter-module connections 

2.2.4.1 Type A (HC and VC) 

The Type A connection is based on the work of Styles et al. [50] and represents a relatively 

simple bolted connection, with horizontal and vertical inter-module connection provided 

separately. In addition, the Type A connection represents the case of relatively high initial 

connection stiffness. The horizontal and vertical connection details are shown in Table 2.11. 

The horizontal connection (HC) is classified as a bolted side plate and the connection geometry 

is based on Section 8 of the Australian Standard AS 4100 [139]. The vertical connection (VC) 

is classified as a bolted end plate and the geometry is based on the Joints in Steel Construction 

Design Guide [144]. Styles et al. [50] present selected force-displacement (F-d) and moment-

rotation (M-θ) behaviours for the connections based on numerical analysis only, citing the 

work of Shi et al. [145] and Luo et al. [146] for the joint modelling method. The numerical 

results obtained from ANSYS are validated by modelling a beam-column joint and comparing 

the M-θ behaviour with published experimental data [147]. SOLID48 8-node elements were 

Type Ref. Data Height Details Illustration 

A 
(HC) 

[50] Numerical only – 
Load-
displacement and 
moment-rotation 

11 
storeys 

300x200x6 
RHS C350; 
M24 class 10.9 

 

A 
(VC) 

[50] Numerical only – 
Load-
displacement and 
moment-rotation 

11 
storeys 

300x200x6 
RHS C350; 
370x410x25 
G350 end plate; 
M24 class 10.9 

 

B [33] Numerical & 
experimental – 
Load-
displacement in 
1-direction 
(shear) 

10 
storeys 

150x150x9 
SHS C350; 
25mm thick 
G350 plate; 
M12 or M16 
class 8.8 

 

C [57] Numerical & 
experimental – 
Lateral loading of 
beam-column 
assembly, static 
and cyclic 
loading 

4 
storeys 

150x150x8 
SHS Q345 
(315MPa yield) 
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adopted and preloading of the bolts was included by PREST179 elements at the middle of the 

bolt shank. CONTA174 and TARGE170 elements were adopted for the contact, and welding 

was simulated using CPRINTF node coupling. 

For the HC, Figure 2.14 shows the F-d behaviours for the X-direction (a) and Z-direction (b). 

For the X-direction, the connection is subjected to tension, and the resulting F-d behaviour (a) 

may be related to the bolt and plate bending stiffness. The failure mode is a combination of 

yielding of the plate and tension failure of the bolts, similar to the failure mode seen in bolted 

end plate joints subjected to tension, as shown in Figure 2.15. For the Z-direction, the 

connection is subjected to shear in combination with bending which results from the offset of 

the applied force (Fz) from the centre line of the connection. The F-d behaviour (b) exhibits 

three stages. The first stage has low stiffness due to initial slip of the connection. The second 

stage has increased stiffness which occurs as the bolts contact the edge of the bolt hole. This 

is followed by yielding and an associated reduction of the stiffness in the final stage. The 

failure modes include shear failure of the bolts, crushing failure of the plates and tension 

fracture of the plates, similar to the shear behaviour of traditional bolted connections, as shown 

in Figure 2.16. 

 
Figure 2.14. Type A (HC) – Numerical force-displacement behaviour [50] 

 
Figure 2.15. Failure mode for bolted end plate in tension [148] 

Figure 2.17 gives M-θ behaviours for bending about the X-axis (a) and the Y-axis (b). The M-

θ behaviours show an initial elastic stiffness, followed by a reduction in the stiffness due to 

yielding. For bending about the X-axis (a), the possible failure modes include shear failure of 
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the bolts and crushing failure of the plates. For bending about the Y-axis (b), contact between 

the column sections results in an increased lever arm effectively increasing the moment 

capacity of the connection. The failure modes include yielding of the end plate, tension failure 

of the bolts, and crushing or buckling of the column at the point of contact between the 

columns.  

 
Figure 2.16. Failure modes for bolted connections subjected to shear [145] 

 
Figure 2.17. Type A (HC) – Numerical moment-rotation behaviour [50] 

For the VC, only F-d behaviours are given, considering three directions as shown in Figure 

2.18. For the X-direction (a) and the Y-direction (b) the connection is subjected to shear, and 

a two stage bilinear behaviour is shown for the F-d curve. The first stage is associated with 

initial slip of the bolted connection, and the second stage is associated with the increase in 

stiffness which occurs when the bolts contact the bolt hole edge. In comparison, a more gradual 

nonlinear behaviour is shown for loading in the Z-direction (c) where the connection is 

subjected to tension, causing bending in the plate and tension in the bolts.  

2.2.4.2 Type B (VH1) 

The Type B connection is based on the work of Gunawardena [33] and represents a more 

complex bolted end plate IMC with the horizontal and vertical connectivity provided by a 

single connection. In addition, Type B represents the case of relatively low initial stiffness. 

The F-d plot (Figure 2.19) is given based on numerical and experimental analysis and shows 

three clear stages. The behaviour may be simply described as tri-linear, although it should be 

noted that the results do not continue to failure and so may omit associated nonlinear 

behaviours. Three different connections were considered, and are labelled as C1, C2, and C3. 
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C1 used M12 bolts, whereas C2 and C3 had M16 bolts. The bolt hole sizes were 14 mm round, 

18 mm round and 18x26 mm slot, respectively.  

 
Figure 2.18. Type A (VC) – Numerical force-displacement behaviour [50] 

 
Figure 2.19. Type B (VH) – Numerical (Num.) and experimental (Exp.) force-

displacement behaviour [33] 

The presence of three clear stages in the F-d behaviour differs from the results of Styles et al. 

[50]. According to Gunawardena [33] the first stage has low stiffness and corresponds with 

slip continuing until half the bolt hole tolerance is taken up, and the bolt contacts the edge of 

the first steel plate. The second stage corresponds with combined slip and bearing of the bolts. 

The third stage corresponds with combined bearing and shear for all components. Looking at 

the F-d plot, the first stage ends at a deformation of 1 mm for C1 and C2, and 5 mm for C3, 

corresponding with half of the bolt hole tolerance. For each connection the first stage is shown 

to have very low stiffness (Figure 2.19) which may be caused by a relatively small preload in 

the bolts or a small friction coefficient for the faying surfaces. To simplify the experimental 

study, the force was applied to engage only the two main faying surfaces associated with the 

interface between the two thicker plates as illustrated in Figure 2.19. As shown the loading 

arrangement is offset by one plate thickness (25 mm), resulting in the combination of the 

applied shear force with a small bending moment. The numerical simulation, completed using 

ANSYS, was based on the experiment setup. The bolt preloads are noted to be 31.8 and 59.2 
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kN for the M12 and M16 bolts respectively, however limited information is presented on the 

numerical method.  

2.2.4.3 Type C (VH5) 

The Type C connection is based on the work of Chen et al. [57] and represents a complex 

bolted IMC with the horizontal and vertical connectivity provided by separate components 

within the connection. Horizontal connection is provided by a plug-in component, and vertical 

connection is provided by bolts through the floor and ceiling beams. The connection detail is 

illustrated in Table 2.11 (p.32), and further details are given by Chen et al. [57]. Experimental 

lateral F-d plots are presented for static monotonic loading (SC1, SC2) and quasi-static cyclic 

loading (QSC1-QSC4) in Figure 2.20 and Figure 2.21, respectively.  

 
Figure 2.20. Type C – Force-displacement plot for static monotonic loading [57] 

 
Figure 2.21. Type C – Force-displacement plot for quasi-static cyclic loading [57] 

The loading includes a combination of axial and lateral loads as can be seen in the photo 

included in Table 2.10 (p.31). Values of 0.2 and 0.1 were adopted for the ratio of the applied 

axial load to the design compression strength of the column section. For the static monotonic 

loading, the SC1 and SC2 details differed due to the presence of the stiffeners in the case of 

SC2. The stiffener detail can be seen in the top right of the illustration in Table 2.11 (p.32). 

For the quasi-static cyclic loading, the details differed in terms of the floor beam size, inclusion 
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of stiffeners, and the axial force ratio. The total lateral displacement is a combination of the 

displacements resulting from column flexural rotation, gap opening at the joint, beam bending, 

and deformation of the panel zone at the module joint [57]. In the case of SC1, which does not 

have diagonal stiffeners, Chen et al. [57] report that the assumption of a pinned joint at the 

IMC is applicable. In contrast, if stiffeners are provided then greater lateral capacity is 

available because load is better transferred through the overall assembled joint [57]. In this 

case, the assumption of a pin joint would be conservative [57]. 

2.2.5 Estimation and comparison of structural behaviours 

2.2.5.1 Shear force-displacement behaviour 

For traditional bolted steel connections using high-strength bolts the shear force-displacement 

(F-d) behaviour can be described by a four stage model as illustrated in Figure 2.22 [145]. In 

the first stage (OA), the shear force is transferred by friction between the plates (Figure 2.22b). 

The slip load (Fslip), which is first reached at point A, is determined based on the relevant bolt 

preload and friction coefficient. Heistermann et al. [149] provide a summary of the calculation 

of slip load according to EN1993-1-8 [136] and the "Specification for Structural Joints Using 

High-Strength Bolts" [138]. In comparison, the Australian Standard AS 4100 [139] adopts a 

similar approach with the slip load of a single friction-type connection bolt given as 

 slip sf ei t hF V n N kµ= = , (2.1) 

where µ is the slip factor, nei is the number of effective interfaces, Nt is the minimum bolt 

installation tension, and kh is a factor allowing for the type of hole [139].  

 
Figure 2.22. (a) Simplified four stage model of shear force-displacement of traditional 

bolted connections, (b) initial load transfer by friction between plates, and (c) bolt 
confined at B [145] 

The slip factor may be established using the standard test method given in Appendix J of 

AS4100 [139] or alternatively the method given in Annex G of EN 1090-2 [150]. The point 

of slip is defined as occurring at a certain small relative displacement between the plates; 0.15 

mm following EN 1090-2 or 0.13 mm following AS4100. Alternatively, if there is a sudden 
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slip or peak load at a smaller relative displacement this is taken as the point of slip. Therefore, 

the displacement at point A (dA) is a small value less than or equal to 0.15 mm. For example, 

Shi et al. [145] recommend a value of 0.06 mm based on numerical analysis of a single bolt in 

shear.  

In the second stage (AB) the friction is exceeded and the connection slips, until the bolt shank 

comes into contact with the plates at point B (Figure 2.22c). The displacement at point B (dB) 

is typically taken as equal to the bolt hole tolerance (dtol) which is defined as the difference 

between the bolt diameter and hole diameter. Alternatively, Shi et al. [145] suggested that dB 

can be more precisely estimated as 0.925 times dtol.. This is because elongation of the plate in 

the applied load direction is accompanied by a corresponding reduction in the width 

perpendicular to the applied load. As a result, the hole becomes elliptical while the bolt shank 

remains circular, leading to earlier contact between the bolt and the plate.  

In the third stage (BC) the bolt is effectively confined and the connection stiffness is calculated 

allowing for each component bolt and plate stiffness. In this thesis, the method of Konkong et 

al. [151] is adopted. The failure point C, representing the ultimate shear capacity of the 

connection, is calculated based on the applicable standard, for example AS 4100 [139] or EN 

1993-1-8 [136]. The factored ultimate strength is adopted for design to ensure the failure point 

falls below the actual F-d curve.  

For inter-module connections (IMCs), Gunawardena [33] shows the initial slip stiffness may 

be given by 

 slip
slip

tol

F
K

d
= , 

(2.2) 

where Fslip is the slip resistance, and dtol is the difference between the bolt diameter and hole 

diameter. This leads to an alternate three stage model for the shear force-displacement (F-d) 

behaviour of IMCs as illustrated in Figure 2.23. In this model the two stage stick-slip behaviour 

is replaced by a single stage (OP) with a stiffness calculated as shown in Equation (2.2). 

As noted previously, the second stage (PQ) stiffness is calculated allowing for each component 

bolt and plate stiffness. The method of Konkong et al. [151] is adopted in this thesis. For 

example, considering the Type A (VC) connection the stage 2 (PQ) stiffness in the Y-direction 

is estimated based on the model illustrated in Figure 2.24. Figure 2.24(a) shows a section 

through the end plate connection, and Figure 2.24(b) shows a plan view of the end plates. For 

convenience of the illustration the connection is divided in half. Figure 2.24(c) shows the 

combined spring model. Following the Konkong et al. [151] method the overall effective 

stiffness is determined by assembling the relevant bolt and plate stiffness components. Twelve 
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component stiffness values are defined. k1, k3, k4, k6, k7, k9, k10, and k12 refer to the stiffness of 

plate segments, and k2, k5, k8, and k11 represent the bolt-plate interaction stiffness (Figure 2.24). 

The elastic modulus, shear modulus and Poisson’s ratio for the plate and bolt steel materials 

are taken to be 200 GPa, 80 GPa and 0.3, respectively.  

 
Figure 2.23. Simplified three stage model of shear force-displacement for inter-module 

connections 

 
Figure 2.24. Model for the calculation of stage 2 shear stiffness of the Type A (VC) 

connection loaded in the Y-direction 

Following the above three stage model (Figure 2.23), the stage 1 (OP) and stage 2 (PQ) 

stiffness values are calculated for the Type A and Type B connections as shown in Figures 

2.25 to 2.27. Table 2.12 gives the stage 1 (KOP) and stage 2 (KPQ) calculated stiffness values 

and related parameters, which are defined using notation consistent with Equation (2.1). For 

the Type A (VC) connection the three stage simplified model matches the general profile from 

the numerical results. This is illustrated in Figure 2.25 which shows the model behaviour 

calculated in the present study (c and d) along with the numerical data reproduced from the 

referenced paper (a and b). For the first stage (OP), the theoretical estimate matches the 

numerical stiffness very well for the X-direction, but overestimates the stiffness for the Y-
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direction. The numerical model is able to capture differences in load distribution through the 

connection which may have resulted in the different stiffness for the two directions. The effects 

of the load distribution on the connection stiffness are not considered by the simple theoretical 

model. The theoretical calculation also underestimates the displacement at point P. This occurs 

because the theoretical model assumes the displacement at point P is equal to the bolt 

tolerance, ignoring the possibility of local deformation of the plate around the bolt hole. For 

the second stage (PQ) the theoretical calculation again overestimates stiffness. The theoretical 

calculation of the second stage stiffness assumes that the load is applied at each end of the 

plate, as shown in Figure 2.24. In reality the shear force is applied to the plate by the column 

section. This results in a different distribution of the load in the actual connection, and 

ultimately a different overall connection stiffness. The numerical model is able to more 

accurately capture this behaviour. It is understood that this is the cause of the theoretical model 

overestimating the stage 2 stiffness.  

 
Figure 2.25. Type A (VC) – Comparison of calculated theoretical shear behaviour with 

numerical data [50] 

Table 2.12. Parameters for calculation of theoretical shear stiffness 

Considering the Type A (HC) connection the calculated theoretical shear stiffness (b and c) is 

shown in Figure 2.26 along with the numerical data reproduced from the referenced paper (a). 

In this case, numerical results are available for only one direction, Fz. As discussed in Section 

2.2.4.1 (p.32), the numerical data (a) shows three clear stages. The first stage is associated with 

Type Sub-Type µ nei nbolts 
Nt 
[kN] 

kh 
Fslip 
[kN] 

dtol 
[mm] 

KOP [x104 
N/mm] 

KPQ [x104 
N/mm] 

A HC 0.2 1 6 247.1 1 296.52 2 14.8 215 

A VC 0.2 1 8 247.1 1 395.36 2 19.8 248 

B C1 0.2 1 4 31.8 1 25.44 2 1.27 9.80 

B C2 0.2 1 4 59.2 1 47.36 2 2.37 27.6 

B C3 0.2 1 4 59.2 0.85 40.256 6 0.671 27.5 
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initial slip of the bolted connection and is followed by an increased stiffness in the second 

stage as the bolts start to bear on the plate hole edges. The stiffness then reduces in the third 

stage due to yielding of the connection elements. The simplified theoretical calculation 

overestimates the stage 2 (PQ) stiffness due to the load path assumed by the theoretical model 

as discussed previously. For stage 1 (OP) the stiffness is also overestimated due to an 

overestimate of the slip load. As given in Table 2.12, the theoretical calculation of the slip load 

is based on a friction coefficient of 0.2 and a bolt preload of 247 kN. The preload value is 

given in the referenced paper [50]. The very low value of the slip load, and hence stiffness, 

displayed by the numerical results in comparison with the theoretical behaviour cannot be well 

explained by the existing theoretical model. 

 
Figure 2.26. Type A (HC) – Comparison of calculated theoretical shear behaviour with 

numerical data [50] 

In the case of connection Type B, the stage 2 shear stiffness calculated using the Konkong et 

al. [151] method gives a reasonable estimate when compared with the experimental and 

numerical results from the referenced paper (Figure 2.27). However, it is observed from Figure 

2.27 that the initial stiffness cannot be calculated simply as described previously based on the 

estimated slip load. Instead, the plot shows low initial stiffness up to approximately (1 mm, 4 

kN), (1 mm, 6.5 kN) and (5 mm, 3.5 kN) for C1, C2, and C3 respectively based on the 

numerical results. The slip load calculated using AS4100 does not match the numerical 

analysis well and the cause of the low initial stiffness is unclear. The bolt preloads were noted 

as 31.8 kN and 59.2 kN for the M12 and M16 bolts, respectively, with a slip factor of 0.2 

assumed. Details regarding the measurement of bolt preload or slip factor for the experimental 

study are not provided. It remains possible that the low initial stiffness is the result of a 

relatively small actual bolt preload or slip factor for the faying surfaces. Overall, the simplified 

three stage model of shear force-displacement matches the numerical and experimental data 

for the selected existing connections better than the four stage model. This is because the 

selected connections had relatively low initial stiffness, for reasons as discussed previously.  
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Figure 2.27. Type B – Comparison of calculated theoretical shear behaviour (Theo.) 

with experimental (Exp.) and numerical (Num.) data [33] 

2.2.5.2 Axial force-displacement behaviour 

For the ultimate tension resistance of a connection bolted on two sides, a modified T-stub 

method was proposed by Birkemoe et al. [152] and later recommended by Packer et al. [153] 

based on testing completed by Mang [154], Kato et al. [155] and Packer et al. [156] as 

documented by Willibald et al. [157] and Willibald [158]. An explanation can be found in 

CIDECT Design Guide 3 [159, 160]. The tension stiffness can be estimated following EN 

1993-1-8 [136] which gives stiffness coefficients based on elastic deformation of a T-stub 

model as derived by Weynand et al. [161]. The stiffness coefficients are defined such that 

 . .F E k d= , (2.3) 

where F is the applied force, E is the elastic modulus taken as equal to 200 GPa, k is the 

stiffness coefficient and d is the displacement. Stiffness coefficients are given separately for 

the bolts and plate, and are combined together to estimate the overall stiffness.  

The end plate stiffness coefficient is given as 

 3 3
.

3 3

0.9eff ini p eff p
p

l t l t
k

m m
= = , 

(2.4) 

where leff is an effective length selected considering possible yield line patterns, tp is the plate 

thickness, and m is the distance between the bolt centreline and the location of the uplift 

applied by the hollow steel section flange allowing for the weld size. The bolt stiffness 

coefficient is given as 

 1.6

b
b

sk
A

L
= , (2.5) 

where Lb is the effective bolt length taken as the grip length plus half of the nut and bolt head 

height and As is the tensile stress area of the bolt.  
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However, the EN 1993-1-8 formulae are known to overestimate the stiffness when applied 

directly to the connection of hollow steel sections (HSS) [148]. In the case of hollow sections 

the load is transferred to the end plate by the welds, which results in rotation and vertical 

displacement of the end plate [148]. This is better considered by the Karlsen method which is 

based on a beam strip model for the end plate as shown in Figure 2.28 [148]. The stiffness 

coefficient for the end plate bending is given as 

 ( )
( )

3
,

2 2

2 3 3

3 4 12 12
eff ini p

p

a m n l t
k

m m nm am an

α α

α α

+ +
=

+ + +
, 

(2.6) 

where the dimensions a, m and n are as illustrated in Figure 2.28, leff,ini is the initial effective 

length calculated as ,

13
15

eff
eff ini

l
l = , and α is a factor allowing for the potential local increase in 

stiffness of the end plate due to restraint by the HSS. The value of α is typically assumed to be 

1.0 and the distance a is generally taken to be half the HSS width plus 0.8 wt  where tw is the 

weld leg length, which may be given as 2 tt  assuming an equal leg length fillet weld with 

throat thickness tt [162]. Similarly, the stiffness coefficient for the bolts in tension is given as 

 ( )
( )2 2

4 3 3
6 6 3 2 6

b
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α α

α α α
+ +

=
+ + + +

, 
(2.7) 

where Lb is the effective bolt length and Ab is the tensile stress area of the bolt. 

 
Figure 2.28. Model of half end plate strip [148] 

For the Type A (VC) connection the calculated tension stiffness values are illustrated in Figure 

2.29. Similarly, the calculated tension stiffness values for Type A (HC) are shown in Figure 

2.30. Both figures show that the Eurocode and Karlsen formulae significantly overestimate the 

initial stiffness. The accuracy of the Karlsen formula has previously been demonstrated in the 

works by Karlsen [163] and Egeland et al. [162]. The suitability of these formulae for 

estimating the bolted connection stiffness is therefore not in doubt. It is understood that the 

estimated theoretical stiffness as illustrated in the figures is overestimated because only the 

stiffness of the IMC is included. Additional flexibility is introduced by the hollow section 

column, which should also be accounted for when calculating the overall stiffness of the inter-

module joint.  
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Figure 2.29. Comparison of calculated theoretical tension behaviour with numerical 

data for Type A (VC) [50] 

 
Figure 2.30. Comparison of calculated theoretical tension behaviour with numerical 

data for Type A (HC) [50] 

The Karlsen formula can be recommended for estimating the tension stiffness of bolted end 

plate connections between hollow steel section columns. In this case the Karlsen formula is 

more suitable than the Eurocode because the end plate behaviour is more accurately modelled 

by the beam strip model. For inter-module joints, where the column stiffness is combined with 

the connection stiffness, then the theoretical calculation must be adjusted to include the column 

stiffness.  

2.2.5.3 Moment-rotation behaviour 

According to EN 1993-1-8 [136], joints may be classified as simple, continuous, or semi-

continuous [136]. Simple joints do not transfer bending moments, and may be considered 

pinned [136]. Continuous joints are effectively rigid with full strength, such that the joint 

behaviour does not have a significant effect [136]. In contrast, semi-continuous joints are only 

semi-rigid or have partial strength such that the moment-rotation behaviour of the joint should 

be considered in the overall structure analysis [136]. For modular buildings, some studies 

report that a pin connection was used in design due to a lack of knowledge [57]. The 

assumption of a nominally pinned connection may not reflect the actual behaviour. The 
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distribution of load through the structure is affected by the joint behaviour. Design based on 

an incorrectly assumed joint behaviour is therefore not guaranteed to be conservative. It is 

therefore useful to examine the actual moment-rotation behaviour of existing joint details 

presented in the literature.  

The moment capacity of a bolted flange plate connecting hollow steel sections (HSS) may be 

determined following the method given in EN 1993-1-8, as described by Steige et al. [164] for 

two-sided and four-sided splice connections. Alternatively, Wheeler et al. [165] present a 

method to calculate the moment resistance for a two-sided splice connection with two bolt 

rows. The stiffness may be estimated following EN 1993-1-8 and Weynand et al. [161] provide 

a summary of the procedure in the case of open steel sections. The general moment-rotation 

behaviour is typically defined either as tri-linear (Figure 2.31) or bi-linear, although any 

moment-rotation curve profile may be adopted provided it falls below the actual moment-

rotation curve [136]. 

 
Figure 2.31. Model moment-rotation behaviour [136, 166] 

Styles et al. [50] present the M-θ behaviour for the x- and y-axis rotations of the Type A (HC) 

connection. For the x- and y-direction rotations the connection is shown to have significant 

moment resistance [50], with the moment resistance of the connection exceeding that of the 

column section in each case. For rotation about the y-axis, the moment resistance is shown to 

be increased by contact between the columns below the connecting plates, which has the effect 

of increasing the bolt lever arm. This means that the moment capacity cannot be calculated 

using existing models such as EN 1993-1-8 and, further, that the length and end restraint of 

the column section may affect the results of numerical analysis. For rotation about the Y-axis 

a simple estimate of the stiffness can be obtained using EN 1993-1-8 by assuming the 

compression force is located at the lower plate edge. Figure 2.32 shows that a reasonable 

estimate of the initial stiffness is obtained in this way, however, the ultimate moment capacity 

is significantly underestimated in this case. The theoretical moment-rotation behaviour for 

rotation about the X-axis is not given due to the lack of a suitable model for torsional stiffness 

in the standards.  
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Figure 2.32. Comparison of calculated theoretical moment-rotation behaviour with 

numerical data for Type A (HC) [50] 

Styles et al. [50] do not present data for the Type A (VC) connection. However, Sultana et al. 

[135] completed finite element modelling for a similar end plate splice connection and 

compared it with the experimental results published by Wheeler et al. [165]. The connection 

detail adopted a 150x150x9 SHS with four M20 high strength bolts as shown in Figure 2.33. 

Figure 2.34 shows the theoretical M-θ behaviour calculated by the EN 1993-1-8 formula. 

When compared with the numerical results it can be seen that the theoretical formula gives a 

reasonable estimate of the initial stiffness.  

 
Figure 2.33. Beam splice end plate connection [135] 

2.2.5.4 Combined actions and bidirectional loading 

Most existing studies of IMCs are limited to a single loading action and do not consider 

combined actions. As noted in Section 2.2.4.3, one exception is the study by Chen et al. [57] 

where the lateral loading was combined with axial loading. Ratios of 0.2 and 0.1 were adopted 

for the ratio of the applied axial load to the design compression strength of the column section. 

The effect of the axial loading was not established, however, partly due to the small axial 
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loading adopted [57]. In this study the combined axial and lateral loading gives a combination 

of axial force, shear force and bending moment in the IMC. The application of axial loading 

to the column may affect the shear force-displacement behaviour of an end plate connection 

by varying the relevant normal force for the calculation of the slip load.  

 
Figure 2.34. Comparison of experimental [165], numerical [135], and theoretical [136] 

moment-rotation behaviour 

Gunawardena et al. [20] modelled a ten storey case study building, and completed the 

numerical analysis using the software RUAUMOKO-3D [167]. While the subject of 

bidirectional loading was not directly discussed an excerpt of the RUAUMOKO-3D input file 

is presented in an appendix to the paper [20], in which the details are given for the inter-module 

connection properties as modelled. It is apparent that the interaction surface between shear 

yield forces for the two plan directions was modelled by the equation 

 **
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where Fz
* and Fy

* are the applied shear forces, FY,z
* and FY,y

* are the relevant shear yield forces, 

and 1α = . Similarly, it is apparent that the surface between yield moments was modelled by 

the equation [167] 
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where Mz
* and My

* are the applied moments, MY,z
* and MY,y

* are the relevant yield moments, 

and 2β =  giving an elliptical failure surface. Further investigation is required to verify the 

validity of these formula in the case of inter-module connections.  

2.2.6 Summary 

This section (§2.2) presented an overview of the stiffness properties of bolted inter-module 

connections in modular steel buildings. The existing theoretical models were evaluated 
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through the detailed review of three specific connections. The main findings are summarised 

as follows. 

1. For the shear stiffness, two different theoretical models were identified from the literature, 

one having four stages with relatively high initial stiffness, and the other having three 

stages with lesser initial stiffness. The three stage model offered the better fit, due to the 

relatively low initial stiffness of the selected connections, and was adopted for the 

theoretical calculation of stiffness. Overall, it was found that the inter-module connection 

shear stiffness could not be estimated accurately, especially the initial slip stiffness.  

2. For the bolted end plate connection between hollow sections, the Karlsen method [148, 

163] gave the better estimate of the inter-module connection tensile stiffness as compared 

with the formulae given in the Eurocode EN1993-1-8 . In order to calculate the effective 

stiffness of the joint, other structural elements such as the column section should be also 

considered, otherwise the stiffness may be significantly overestimated.  

3. For the moment-rotation behaviour there is very limited published data specific to modular 

buildings. However, the initial stiffness of an end plate HSS splice connection was 

estimated using the existing theoretical methods [168]. It should be noted, however, that 

the existing theoretical formulae for strength and stiffness, such as given in EN1993-1-8, 

do not account for the contact between adjacent columns which may significantly affect 

the behaviour of the joint.  

4. Most of the existing studies consider a single load action and do not consider combined 

actions. In cases where combined actions have been applied it is difficult to separate the 

response into individual components. In other cases, a single design action is assessed, 

although the experimental method results in a combined loading.  

Finally, further research into the structural behaviour of inter-module connections is 

recommended to improve understanding of the structural behaviour and enable development 

of appropriate theoretical models. Specific consideration should be given to combined actions 

and the development of suitable experimental methods.  
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Chapter 3 Structural response of a modular steel 
building1 

3.1 Introduction 

In Section 2.2 it was found that the existing theoretical models were unable to estimate the 

structural behaviours of the inter-module connections (IMCs) accurately. In this chapter, the 

consequences of inaccurate IMC behaviours is examined in terms of the global building 

responses. That is, the primary objective of this chapter is to investigate the effect of the local 

IMC behaviours on the overall building response, in order to guide future development of the 

connection designs and associated analysis models. To achieve the primary objective, this 

chapter develops a numerical modelling technique in which the force-displacement (F-d) and 

moment-rotation (M-θ) behaviours of the IMCs are simplified using basic bi-linear and tri-

linear models, respectively. A numerical model is prepared for the building previously studied 

by Styles et al. [50]. In this way, the application of the bi-linear and tri-linear models is 

demonstrated, and the limitations of these simplified models is illustrated. Despite the 

limitations of the simplified models, the overall behaviour of the present numerical model is 

verified by matching the maximum inter-storey drift with the previous study [50]. The verified 

numerical modelling technique is then extended to a selected six storey case study building, 

and the effect of the IMC stiffness is studied.  

In Section 2.1, through the broad literature review, it was identified that, in Australia, despite 

the development of some general design guides [117], there are no specific standards for 

modular buildings, or the components from which they are assembled. Moreover, that there 

are few published studies on the structural responses of modular buildings to lateral loads. 

Further study was suggested, for example, on modular buildings subjected to cyclonic wind 

loads, and the design based on dynamic wind and earthquake loading. As a result of the lack 

of published studies, there is limited structural performance data for the overall behaviour of 

modular buildings [3], which in turn impedes the development of appropriate design standards. 

Therefore, the second objective of this chapter is to investigate the structural response of a 

selected case study building, thereby generating structural performance data which may, in 

combination with other studies, contribute to the development of modular building design 

standards.  

                                                      
1 The related work in Chapter 3 was published in Engineering Structures: 

Lacey AW, Chen W, Hao H, Bi K. Effect of inter-module connection stiffness on structural 
response of a modular steel building subjected to wind and earthquake load. Eng Struct. 
2020;213:110628. https://doi.org/10.1016/j.engstruct.2020.110628 
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To this end, the overall building response is determined based on design analyses with 

increasing level of sophistication. In the case of wind loading, the overall response of the case 

study building is determined based on the equivalent static analysis from the Australian 

standard AS/NZS 1170.2 [72], compared with the time history analysis using the simulated 

wind load time histories as inputs. For earthquake loading, the overall response is determined 

based on a static analysis following the Australian standard AS 1170.4 [74], in addition to a 

response spectrum analysis, and time history analysis. In this way, by comparing the design 

methods, a more complete understanding of the structural response of the case study building 

is developed, while the design procedures are compared.  

3.2 Simplification of the inter-module connection behaviour 

To develop the numerical modelling technique, a numerical model was built following the 

work of Styles et al. [50]. The structure was modelled with SAP2000 [169] using beam and 

column elements, with nonlinear links included to model the inter-module connections 

(IMCs). This model was used to demonstrate the simplification of the IMC behaviour for use 

in the overall structural analysis. Details of the three-dimensional moment resisting frame can 

be found in the referenced work [50]. The YZ plane view is shown in Figure 3.1, from which 

it can be seen that the modules were placed either side of a central corridor, and vertical inter-

module connections (VCs) connected the modules stacked in the Z-direction. The horizontal 

inter-module connections (HCs), which connected the modules in the X-direction, are not 

visible in the YZ plane view. The HCs connected adjacent module columns, with one HC 

provided per module column. In the Y-direction, the modules were joined by the corridor 

beams, and the connection between the module column and the corridor beam was assumed 

to be pinned in the numerical model. The individual modules were 4 x 12 x 3.5 m high, and 

the overall structure was formed by stacking the modules to 11 storeys high (Figure 3.1), with 

300 mm vertical space between the roof purlins and the floor joists. The modules had five 300 

x 200 x 6 mm rectangular hollow steel section columns on each side. The primary floor beams 

were 200UB25 steel sections, and the primary roof beams were 200UB22 sections. The beam-

to-column connections were semi-rigid, and a moment-resisting frame was formed by the 

beam and column assembly.  

For the horizontal inter-module connection (HC, Figure 3.2), a tri-linear model was adopted 

for the moment-rotation (M-θ) behaviour following EN-1993-1-8 [136]. As shown in Figure 

3.3(a), this model matched the published numerical data well for rotation about the 1-axis. In 

the present study, the local axes are referred to as the 1-, 2-, and 3-axis, as shown in Figure 

3.2. In comparison, the local axes were defined as X, Y, and Z, in the referenced paper [50]. 

Further, in the present study, the rotation r1 refers to rotation about the 1-axis. In contrast, in 
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the referenced paper [50], the rotation rx referred to the rotation causing bending in the X-

direction, i.e., rotation about the Y-axis. Hence, in Figure 3.3(a), the model for rotation of the 

HC about the 1-axis (hc-r1) is compared with the rotation in the y-direction [50] (hc-ry), and 

a reasonable match is shown. In the present study, the model developed for the rotation about 

the 1-axis was applied for the rotations about the 2- and 3-axis. As will be shown, this 

simplification allowed the overall structural behaviour to be matched with the previous study 

[50]. However, this simplification does not capture the large moment capacity for rotation in 

the x-direction (hc-rx, Figure 3.3a) which was caused by contact between adjacent module 

columns, i.e., the simplified behaviour was conservative.  

 
Figure 3.1. YZ plane view of moment resisting frame [50] showing lateral deformation 

due to wind loading 

 
Figure 3.2. Horizontal inter-module connection (HC) adopted from Styles et al. [50] 

A bi-linear model (hc-u2) was adopted for the shear F-d behaviour of the HC, as shown in 

Figure 3.3(b). For the published shear behaviour (hc-uz), it was observed that the overall 

connection behaviour was not significantly affected by the initial friction/slip stage. The bi-

linear model (hc-u2) was therefore proposed as shown in Figure 3.3(b), which gave a 

reasonable simplified approximation of the published behaviour [50] (hc-uz). The same bi-

linear model was adopted for translational shear in the 3-direction (hc-u3). Similarly, a bi-

linear model was adopted for the axial behaviour, as shown in Figure 3.3(c), assuming a linear 
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behaviour until the factored ultimate tension capacity (φNt) was reached. The bi-linear model 

(hc-u1) was matched to the published behaviour for axial tension (hc-ux), and a similar 

behaviour was assumed for axial compression.  

 
Figure 3.3. (a) Rotational, (b) translational (shear), and (c) translational (axial) 

simplified behaviour of the horizontal inter-module connection (HC) [50] 

For the vertical inter-module connection (VC) (Figure 3.4), similar bi-linear and tri-linear 

behaviours were adopted for the F-d and M-θ behaviours, respectively. For the F-d behaviours 

(Figure 3.5(a)), the initial stiffness of the bi-linear model was selected following review of the 

published F-d curves [50]. The failure point was then determined by calculating the tension 

and shear capacities (ϕNt and ϕV) of the connection as per the Australian standard AS 4100 

[139]. For the M-θ behaviours, the tri-linear model was adopted as shown in Figure 3.5(b). In 

this case, there was no published data for comparison, and the initial stiffness was calculated 

based on a 300x200x6 RHS C350 steel column section which was 300 mm long and fixed at 

each end. That is, the pure bending stiffness was estimated as EI
L

, where E is the elastic 

modulus, I is the moment of inertia, and L is the length of the column section [169]. For 

example, Figure 3.6 shows the axial, shear and pure bending springs in the 1-2 plane. It can 

be seen that the moment at j due to a unit rotation is affected by the pure bending spring and 

the shear spring. Hence, the pure bending stiffness was determined as 

 2

3 3

4 12
2r

EI L EI EIk
L LL

 = − = 
 

, 
(3.1) 

where 4EI
L

 is the moment at j due to a unit rotation, and 3

12EI
L

 is the shear spring located at a 

distance of 
2
L  from j. Similarly, the torsion stiffness was estimated as GJ

L
, where G is the 

shear modulus and J is the torsion constant of the column section. To complete the tri-linear 

model, the factored ultimate moment capacities (ϕM) were calculated based on the column 

section properties and the relevant capacity factor (ϕ) following AS 4100 [139]. Hence, the 
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rotational behaviours for the vertical inter-module connection were estimated based only on 

the column properties. The estimated rotational behaviours, therefore, were representative of 

a continuous module column, with a rigid inter-module connection. To verify the suitability 

of this simplification, the overall structural behaviour was matched with the previous study 

[50]. 

 
Figure 3.4. Vertical inter-module connection (VC) adopted from Styles et al. [50] 

 
Figure 3.5. (a) Translational and (b) rotational simplified behaviour of the vertical inter-

module connection (VC) [50] 

 
Figure 3.6. Axial, shear and bending stiffness in the 1-2 plane (adapted from [169]) 

To verify that the simplified models allowed a reasonable estimate of the overall structural 

behaviour, equivalent static wind loads were applied to the SAP2000 numerical model 

following the previous study [50]. The wind loads were calculated as per the Australian wind 

code [72], and were applied as area loads to the windward and leeward walls. The standard 

variation of the wind speed with height was considered, and a net pressure coefficient of 1.3 
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was adopted. The wind drift was assessed in the Y-direction, as shown in Figure 3.1, for 

comparison with the results of the previous study [50]. In the present study, the maximum 

inter-storey drift ratio resulting from the wind load was 0.68%. The value of 0.68% was within 

the range of 0.66 to 0.70% which was reported in the previous study, depending on the 

connection stiffness. The maximum inter-storey drift in the present study was affected by the 

F-d and M-θ behaviours adopted for the inter-module connections, and the intra-module 

connections, which were considered to be rigid in the present study. A reasonable match in the 

inter-storey drift value was achieved, and the simplified behaviour adopted for the inter-

module connections was sufficient to capture the overall behaviour.  

3.3 Numerical model of case study building 

The case study building was based on a design developed for an apartment building to be 

located in the north west of Western Australia. It was six storeys tall, 21.15 m high, and had a 

layout where modules were positioned either side of a central corridor. A simplified numerical 

model was developed which had overall plan dimensions of 30.3 x 26.29 m including the 2.5 

m wide central corridor, as shown in Figure 3.7(a). Following the numerical modelling 

technique developed in Section 3.2, numerical models were built using SAP2000, and frame 

elements were used for the structure of the module. A rigid behaviour was assumed for the 

intra-module connections, which consisted of fully welded hollow section frames, except for 

the bracing elements, which had the end moments released. The vertical (VC) and horizontal 

(HC) inter-module connections were included as separate nonlinear link elements, as shown 

in Figure 3.7(b) and (c) respectively.  

The individual modules were 4.95 x 11.885 x 2.95 m high, each with a mass of 26 t. The 

module structure consisted of a braced steel frame with a cross bracing layout in the long 

module dimension, and a chevron layout in the short dimension, as shown in Figure 3.7(d). 

The modules had five 150 mm square hollow steel section columns on each side, and the 

structure of a level 1 module is shown in Figure 3.8. For the level 1 modules, the mass of the 

structural elements included in the numerical model was approximately 10 t. To allow for the 

mass of the non-structural components, additional joint loads were included in the numerical 

model based on the tributary area, as shown in Figure 3.8. For the foundations, each level 1 

module was restrained at each of the four main columns. Following the work of Annan [11] 

and Fathieh [32], the vertical and horizontal translations were restrained, however, rotations 

were permitted.  

The structure of the corridor consisted of 150C24 joists at 450 mm centres. The joists were 

connected to the short edge beam of the module, and spanned between the modules. Figure 
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3.9 shows a typical detail for the connection of the corridor joists to the module beam. In 

comparison with the welded connections for the module frame, the corridor joist connection 

detail was considered to permit greater rotation. Hence, the corridor joist connections were 

pinned in the numerical model, i.e., moments were released at each end of the joist. An area 

load of 0.5 kPa was added to account for the additional mass of the 24 mm thick compressed 

fibre cement corridor flooring. The roof consisted of 70x70x3 SHS stubs which were 

connected to the top of the upper modules, and supported C20a steel channels which spanned 

in the long module dimension. Purlins, which spanned between the steel channel beams, were 

not included in the structural model. An area load of 0.15 kPa was added to the roof to account 

for the additional mass of the purlins and the roof sheeting.  

 
Figure 3.7. Case study building showing (a) overall numerical model, (b) vertical inter-

module connection (VC), (c) horizontal inter-module connection (HC), and (d) 
individual module structure 

The case study building presented in this chapter is a simplified version of the actual building 

design. The full proprietary details of the original design are withheld, and the analysis and 

corresponding discussions relate to the simplified building. This simplification does not, 

however, diminish the relevance of the results. The corridor layout adopted is a commonly 

used arrangement of the modules and practical examples include the apartment building in the 

Jinghai District of Tianjin Ziya circular economy park [170], and the student residence at Bond 

Street, Bristol [8]. Column supported braced steel modules are a common type of module 

construction (§2.1.2, p.5), which may also include container-like modules consisting of a steel 

frame and corrugated plate walls which are modelled by equivalent cross braces in the 
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structural analysis [171]. As will be shown in the following sections 3.3.1 to 3.3.3, the inter-

module connection stiffness properties were derived from typical bolted connection details, 

which were similar to the connection details for the case study building, thereby ensuring the 

relevance.  

 
Figure 3.8. Individual module structure showing additional joint loads 

 
Figure 3.9. Typical detail showing connection of a corridor joist to a module beam 

3.3.1 Initial stiffness 

In the first simulation, the VC initial spring stiffness was calculated assuming the connection 

consisted of a prismatic beam (150x150x5 SHS) which was 575 mm long and fixed at each 

end. The 575 mm length refers to the vertical distance between the centreline of the roof beam, 

and that of the corresponding floor beam above. The resulting stiffness values and the 

corresponding equations are listed in Table 3.1. The 150x150x5 SHS had a cross-sectional 

area (A) of 2810 mm2, a moment of inertia (I) of 9.70x106 mm4, a torsion constant (J) of 

15.6x106 mm4 and an elastic modulus (E) and shear modulus (G) of 2x105 MPa and 0.8x105 

MPa, respectively. Hence, the initial stiffness values adopted for the vertical inter-module 
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connection (IMC) were representative of a continuous module column, with a rigid IMC. This 

initial estimate of the stiffness was considered to be sufficient for the primary objective of the 

present study, which was to investigate the influence of the IMC stiffness on the overall 

building response. Hence, following the first simulation, the stiffness values were varied as 

described in Section 3.3.3. The secondary objective was to investigate the structural responses 

of a case study building. In this respect it should be acknowledged that the initial benchmark 

analyses represent the case of a rigid vertical IMC. The effect of the IMC stiffness on the 

overall structural behaviour is discussed in Section 3.6.4 (p.70).  

Table 3.1. Initial stiffness of vertical inter-module connection (VC) in the numerical 
model of the benchmark case study building 

The HC was a bolted connection similar to that in the work of Styles et al. [50]. Styles et al. 

[50] did not report the M-θ behaviour for rotation about the 2-axis, and the M-θ behaviour for 

rotation about the 3-axis was complicated by the contact between the adjacent columns. 

Therefore, an order of magnitude estimate of the initial spring stiffness was made based on the 

work of Styles et al. [50], and the same initial stiffness was adopted for r1, r2, and r3. This 

differs from the rotational stiffness for the VC, for which the initial stiffness was estimated 

based on the column section as shown in Table 3.1.  

Table 3.2. Initial stiffness of horizontal inter-module connection (HC) in the numerical 
model of the benchmark case study building 

For the translational stiffness of the HC, the order of magnitude estimates were improved by 

applying the formula for the shear and tension stiffness of a bolted connection as presented by 

Gunawardena [33]. For example, the shear stiffness of the bolts was calculated as [33] 

Link DoF Description Equation Value 

u1 Axial 1EA L−⋅   9.8x105 N.mm-1 

u2 Shear 312EI L−⋅  1.2x105 N.mm-1 

u3 Shear 312EI L−⋅  1.2x105 N.mm-1 

r1 Torsion 1GJ L−⋅   2.2x109 N.mm.rad-1 

r2 Bending 1EI L−⋅  3.4x109 N.mm.rad-1 

r3 Bending 1EI L−⋅  3.4x109 N.mm.rad-1 

Link DoF Description Value 

u1 Axial 3.0x106 N.mm-1 
u2 Shear 5.4x106 N.mm-1 
u3 Shear 5.4x106 N.mm-1 
r1 Torsion 2.0x1010 N.mm.rad-1 
r2 Bending 2.0x1010 N.mm.rad-1 
r3 Bending 2.0x1010 N.mm.rad-1 
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,bolt shear

GAk
L

= , (3.2) 

where G is the shear modulus for the bolt material, A is the tensile stress area for the bolt, and 

L is the grip length which was taken as the combined thickness of the clamped plates. The 

resulting stiffness values are given in Table 3.2. 

3.3.2 F-d and M-θ curves 

For the nonlinear elastic analyses, multi-linear elastic relationships were defined for the 

nonlinear link elements in the SAP2000 model. For the VC, the ultimate capacities of the 

150x150x5 SHS C450 section were determined following the Australian standard AS4100 

[139]. Following Section 3.2, bi-linear and tri-linear relationships were adopted for the F-d 

and M-θ behaviours, respectively. For the F-d behaviours, the bi-linear behaviour had a 

constant initial stiffness until the factored ultimate capacity of the section was reached, as 

shown in Figure 3.10(a). For the rotational behaviours, the tri-linear behaviour was assembled 

following EN1993-1-8 [136]. The initial stiffness was maintained until the applied moment 

reached two thirds of the factored moment capacity. The stiffness was then reduced by a 

stiffness modification factor equal to 3. The stiffness was again held constant until the factored 

ultimate capacity was reached, as shown in Figure 3.10(b). The F-d and M-θ curves for the 

HCs were similarly constructed, as shown in Figure 3.10(c) and (d).  

 

 
Figure 3.10. F-d and M-θ curves for the vertical (VC) and horizontal (HC) inter-module 

connections in the benchmark case study building analysis 
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3.3.3 Varying stiffness 

The initial inter-module connection stiffness was varied in the numerical simulations to 

investigate the effect on the overall response of the case study building. The range of values 

considered are summarised in Table 3.3. For each initial stiffness, a corresponding F-d or M-

θ curve was generated as described in Section 3.3.2. For example, Figure 3.11(a) shows the 

reducing initial stiffness in the 2-axis direction for the vertical inter-module connection (vc-

u2). The benchmark (C6B) is labelled, which refers to the initial numerical model with the 

first estimate of the inter-module connection stiffness for the six storey case study building. 

The stiffness was then varied as shown. Figure 3.11(b) shows the corresponding change in the 

F-d behaviour with the reduced initial stiffness. Similarly, Figure 3.11(c) shows the change in 

the M-θ behaviour as the initial M-θ stiffness for vc-r2 was reduced to zero, to model the case 

of a pinned connection (C6E).  

Table 3.3. Initial inter-module connection stiffness values for the case study building 
Shaded cells highlight series of different stiffness values.  

Ref 
Vertical Connection (vc) Horizontal Connection (hc) 

u1 
(N/mm) 

u2, u3 
(N/mm) 

r1 
(Nmm/rad) 

r2, r3 
(Nmm/rad) 

u1 
(N/mm) 

u2, u3 
(N/mm) 

r1, r2, r3 
(Nmm/rad) 

C6A 1E20 1E20 1E20 1E20 3.0E6 5.4E6 2.0E10 

C6B 9.8E5 1.2E5 2.2E9 3.4E9 3.0E6 5.4E6 2.0E10 

C6J 9.8E5 1.2E5 2.2E9 1.7E9 3.0E6 5.4E6 2.0E10 

C6C 9.8E5 1.2E5 2.2E9 0 3.0E6 5.4E6 2.0E10 

C6D 9.8E5 6.1E4 2.2E9 0 3.0E6 5.4E6 2.0E10 

C6E 9.8E5 3.1E4 2.2E9 0 3.0E6 5.4E6 2.0E10 

C6G 9.8E5 1.5E4 2.2E9 0 3.0E6 5.4E6 2.0E10 

C6H 9.8E5 7.5E3 2.2E9 0 3.0E6 5.4E6 2.0E10 

C6I 9.8E5 3.8E3 2.2E9 0 3.0E6 5.4E6 2.0E10 

C6F 9.8E5 1.0E3 2.2E9 0 3.0E6 5.4E6 2.0E10 

C6M 9.8E5 1.2E5 2.2E9 3.4E9 3.0E6 5.4E6 1.0E20 

C6N 9.8E5 1.2E5 2.2E9 3.4E9 3.0E6 5.4E6 1.0E9 

C6O 9.8E5 1.2E5 2.2E9 3.4E9 3.0E6 5.4E6 1.0E6 

C6P 9.8E5 1.2E5 2.2E9 3.4E9 3.0E6 5.4E6 0 

C6Q 9.8E5 1.2E5 2.2E9 3.4E9 1.5E6 2.7E6 0 

C6R 9.8E5 1.2E5 2.2E9 3.4E9 7.5E5 1.4E6 0 

C6S 9.8E5 1.2E5 2.2E9 3.4E9 3.8E5 6.8E5 0 

C6T 9.8E5 1.2E5 2.2E9 3.4E9 1.9E5 3.4E5 0 

C6U 9.8E5 1.2E5 2.2E9 3.4E9 4.7E4 8.5E4 0 

C6V 9.8E5 1.2E5 2.2E9 3.4E9 1.2E4 2.1E4 0 
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Figure 3.11. Varying stiffness of the vertical inter-module connection (VC): (a) 

Reducing initial stiffness in the 2-axis direction, (b) Corresponding change in F-d 
behaviour, and (c) Change in M-θ behaviour 

C6B is the initial benchmark numerical model and C6E refers to the model with pinned connections. 

3.3.4 Damping ratio 

The damping ratio for the fundamental natural frequency of a steel building can be estimated 

by the empirical formula [172] 

 
1

0.52 320 0.0023Hx
H H

ζ = + + , (3.3) 

where H is the building height, xH is the tip displacement, and 52 10Hx
H

−≤ ×  is the tip drift ratio. 

Overall recommended and standard damping values were given in tabular form by Tamura 

[82]. For example, in the case of steel buildings with the height less than 30 m, the standard 

values for the damping ratio, 1ζ , are 2.5% for habitability and 3% for the safety limit state in 

the elastic range. The damping properties can be estimated by full scale non-destructive 

testing. For example, Malo et al. [98] reported the dynamic properties of a 2x2 stack of 

prefabricated residential modules. The height of the modules was approximately 3 m, giving 

a total height of 6 m. The estimated damping percentage for the transverse mode associated 

with sway in the long module dimension was 3.2% based on the experimental modal analysis 

protocol, and 3.9% based on the system identification protocol [98]. It was, therefore, 

considered reasonable to adopt the standard damping ratio [82] of 3% for the safety limit state, 

and a constant modal damping of 3% was assumed for the wind time history analysis using 

SAP2000. For the earthquake response spectrum and time history analyses, however, a 

constant modal damping of 5% was adopted for consistency with the design standard [74].  

3.4 Definition and analysis of wind action 

The equivalent static wind load was determined using the Australian standard AS/NZS 1170.2 

[72]. The building was to be located near the coast in the north west of Western Australia, a 

site location which has high design wind loads due to the occurrence of cyclones in the area. 
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For the ultimate limit state (ULS), the mean regional wind speed was determined as V1000=93.5 

m/s, based on the classification as Importance Level 3, Region D, and Terrain Category 2. For 

the serviceability limit state (SLS), the return period was taken to be 25 years, which gave a 

regional wind speed of V25=53 m/s. The six storey case study building was divided into six 

height segments z1 to z6, and the design wind pressures were calculated following the standard 

[72], with equivalent joint loads applied in the numerical model based on the tributary area. 

The Deaves and Harris model [173] was adopted to define the mean wind speed profile; 

therefore, the wind pressures for z1 to z6 increased with height.  

For comparison with the equivalent static wind load, the numerical analysis was also 

completed using simulated time varying wind loads. The fluctuating component of the wind 

velocity was simulated following the method of Amirinia et al. [174]. Turbulence spectra and 

spatial coherence were defined in the frequency domain, and the time histories were generated 

using an inverse Fourier transform. The fluctuating component of the wind velocity, ui(t), was 

combined with the mean component, iu , to give the total wind velocity, Ui(t), as 

 ( ) ( )i i iU t u u t= + . (3.4) 

The time varying nodal drag force, Fi(t), was then defined as 

 2( ) 0.5 ( )i D i iF t C AU tρ= , (3.5) 

where Ai is the surface area, 31.2 kg/mρ =  is the air density, and 1.3DC =  is the drag 

coefficient. That is, the forces were calculated based on the total wind velocity and the relevant 

tributary area.  

Wind data recorded for tropical cyclones show some differences in the turbulence spectra for 

cyclonic wind, in comparison with non-cyclonic wind [174]. The case study building was 

located in an area subjected to cyclonic wind; therefore, a cyclonic wind turbulence spectrum 

was required to simulate the wind velocity. Two different models were identified in the 

literature for the cyclonic turbulence spectrum. Hence, in the present study, a comparison is 

made between the results for each of cyclonic turbulence spectra, and a third spectrum, which 

was introduced to reflect neutral (non-cyclonic) conditions. First, the Kaimal et al. [175] 

spectrum was adopted for neutral conditions, which defined the power spectrum of the 

longitudinal wind velocity fluctuation as [176] 

 

( )
2 5
* 3

( ) 200

1 50

uunS n f
u f

=
+

, 
(3.6) 

where n is the frequency, and 
( )
nzf

u z
=  depending on the mean velocity, ( )u z , which varies 
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with height, z. Next, the Yu et al. [177] spectrum was used, which defines the spectrum for 

hurricanes at 10 m over land as 

 2 4

2 3 2 3
*

0.9999 3.112 1.159 10
18.64 1.188 3.35 10

uunS f f
u f f f

−

−

− + + ×
=

+ + + ×
. 

(3.7) 

The resulting spectrum shows higher energy at lower frequencies, in comparison to the 

spectrum for neutral conditions (Equation (3.6)). Finally, the Li et al. [178] spectrum was used, 

which has higher energy at higher frequencies, and defines the spectrum for the typhoon back 

eye-wall region as 

 
2 5/3

( ) 16.66
1.72 237.24

uu

u

nS n f
fσ

=
+

, (3.8) 

where σu is the standard deviation of the longitudinal fluctuating wind velocity. The correlation 

between the fluctuating wind at different points was considered in the vertical Z-direction, and 

the spatial coherence function was defined as [174] 

 
( )

2
2( ) exp

c

ij
mm

z n zn z
z u

γ α β
  ∆ ∆  = − + ∆       

, 
(3.9) 

where i and j are two points along the building height separated by a distance Δz, 

( )0.5m i jz z z= + , ( )0.5m i ju u u= + , and α = 10 [179] and β = c = 0 [174].  

 
Figure 3.12. (a) Mean velocity profile, and (b) longitudinal wind velocity simulated 

based on the Kaimal et al. [175] spectrum 

The simulated fluctuating wind loads were well matched to the associated models for the 

turbulence spectrum and spatial coherence. For example, Figure 3.12(a) shows the mean 

velocity profile, and Figure 3.12(b) shows the fluctuating longitudinal wind velocity for z1 

and z6, which was simulated based on the Kaimal et al. [175] turbulence spectrum. Figure 

3.13 shows the power spectral densities for the simulated wind velocities based on the 

turbulence spectra, in comparison with the associated models. The simulated values match the 
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associated models well. Figure 3.14 shows the coherency loss between segments z1 and z2 for 

the wind simulated based on the Kaimal et al. [175] spectrum, and demonstrates a good match 

with the model (Equation (3.9)).  

 
Figure 3.13. Power spectral densities for simulated wind velocities 

A, B and C refer to the Kaimal et al. [175], Yu et al. [177], and Li et al. [178] spectra, respectively. Suu is 
the spectral density of the longitudinal wind velocity.  

 
Figure 3.14. Coherency loss between z1 and z2 for wind simulated based on the 

Kaimal et al. [175] spectrum 

3.5 Definition and analysis of earthquake action 

The design earthquake actions were determined using the Australian standard AS 1170.4 [74]. 

The Australian standard is divided into three earthquake design categories, known as EDCI, 

EDCII, and EDCIII. EDCI, which applies to structures less than or equal to 12 m high with 

low seismic hazard, permits the earthquake lateral force to be estimated as 10% of the seismic 

weight. In contrast, EDCII allows an equivalent static analysis, and EDCIII specifies a 

dynamic analysis which may consist of a response spectrum analysis, or time history analysis 

with ground motions simulated based on the design response spectrum. While EDCII was 

applicable to the case study building, requiring at least an equivalent static analysis, numerical 

analyses were completed using three methods to allow comparison. First, the earthquake action 

was simplified to a horizontal equivalent static force based on the design spectrum given in 
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the standard [74]. Second, a response spectrum analysis was completed wherein the response 

to the standard design spectrum [74] was estimated by modal superposition in the SAP2000 

numerical model. Finally, a time history analysis was undertaken based on simulated ground 

motion time histories.  

Based on the nominal site location of the case study building, the earthquake hazard factor (Z) 

was 0.12, indicating a relatively low seismic hazard, and the sub-soil class was Ce, indicating 

a shallow soil site [180]. The acceleration time histories were simulated using the spectral 

representation method [181], based on the standard design spectrum [74], and had a duration 

of 40.95 s with a 0.01 s time interval. That is, the power spectral density was derived to match 

the target acceleration response spectrum. The target acceleration response spectrum was 

determined based on a probability factor of kp=1.3, as applicable for an annual probability of 

exceedance of 1/1000. Ground motion time histories were then generated based on the 

estimated power spectral density. Twenty time histories were simulated for each of the two 

plan directions. For example, Figure 3.15 shows the twenty simulated acceleration time 

histories for the first plan direction, with the first time history (a1) highlighted.  

 
Figure 3.15. Twenty simulated acceleration time histories with the first time history 

(a1) highlighted 

Figure 3.16 shows the response spectral acceleration for the first acceleration time history, 

which was simulated based on the model curve [74]. The simulated values are shown to match 

the target response spectrum well. Each time history analysis was implemented in SAP2000 

as a Nonlinear Modal Time-History Analysis [169]. Therefore, due to the selected analysis 

method, the only nonlinearity considered was that of the nonlinear links which modelled the 

F-d and M-θ behaviours of the inter-module connections.  
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Figure 3.16. Response spectral acceleration (RSA) for the first acceleration time 

history (a1) simulated based on the model [74] 

3.6 Overall structural response of case study building 

3.6.1 Response to wind action and effect of turbulence spectra 

The design criteria for modular buildings subjected to wind loading are related to the stability, 

strength and the serviceability, which is related to the inter-storey deflection, the overall 

deflection and the vibration (§2.1.6.2, p.15). Considering the total and the inter-storey drift, 

the typical limits are H/600 and h/500, respectively, where H refers to the overall height of the 

building, and h refers to the height of a storey. For the total drift, the benchmark case study 

building had maximum drift in the Y-direction of 32.7 and 10.5 mm for the ultimate and 

serviceability equivalent static wind loads, respectively. These results, which were obtained 

from equivalent static analyses (ESA) using the SAP2000 numerical model, were generally 

consistent with the time history analyses (THA), which gave 30.8, 31.9, and 33.1 mm, and 

10.5, 10.7, and 11.4 mm, for the ultimate and serviceability wind loads based on the Kaimal 

et al. [175], Yu et al. [177], and Li et al. [178] turbulence spectra, respectively. As shown in 

Figure 3.17(a), which presents the drift in the Y-direction at a nominal time increment, the 

total drift was made up of drifts occurring in the module and in the IMCs. It can be seen that 

a significant portion of the drift occurred in the IMCs, thereby confirming that both the IMC 

stiffness and the module stiffness influence the overall drift. It should be acknowledged that 

the assumption of a relatively stiff module can result in a more significant contribution of the 

IMCs to the overall drift. Hence, if the module stiffness is reduced, a greater portion of the 

overall drift may occur in the module rather than the IMCs. 

For the inter-storey drift ratio (IDR), the maximum value occurred at the third level, i.e., 

between the second and third storey. This is shown in Figure 3.17(b) which presents the 

maximum IDR resulting from the THA based on wind simulated according to the Kaimal et 

al. [175], Yu et al. [177], and Li et al. [178] turbulence spectra. It can be seen that the Li et al. 

[178] turbulence spectrum gave the largest IDR, and the specific maximum values were 



66 

0.170%, 0.177%, and 0.184% for the Kaimal et al. [175], Yu et al. [177], and Li et al. [178] 

turbulence spectra, respectively, considering the ultimate limit state. For the serviceability 

limit state, a lesser wind speed applied, and the maximum values were 0.067%, 0.068%, and 

0.071%, respectively. Similar to the total drift, the ESA gave a reasonable estimate of the IDR, 

indicating a maximum value of 0.062% for the serviceability limit state.  

 
Figure 3.17. (a) Drift at nominal time increment and (b) maximum inter-storey drift ratio 
A, B and C refer to the time histories simulated based on the Kaimal et al. [175], Yu et al. [177], and Li 

et al. [178] spectra, respectively. 

Figure 3.18 shows the displacement power spectral density (PSD) which was calculated based 

on the displacement at the top of the case study building. The figure shows the background 

component of the response, which was caused by wind gusts with frequency less than the 

fundamental frequency of the building [76]. Similarly, the resonant response, which was 

associated with the first natural frequency of 1.4 Hz, can be seen in the figure. To explain the 

different magnitude of the response for the three turbulence spectra, Figure 3.19 shows the 

normalised power spectral density for the simulated wind. The x- and y-axes correspond with 

the form of the turbulence spectra given in equations (3.6) and (3.7), i.e., the y-axis shows 

2
*

( )uunS n
u

 and the x-axis shows 
( )
nz

u z
. The Li et al. [178] turbulence spectrum gave the largest 

response in Figure 3.18 because this spectrum had its peak closest to the first natural frequency 

for the building, i.e., the resonant peak in Figure 3.19 is located at a normalised frequency 

equal to 1.4 20.575 0.46
62.68 /
Hz m

m s
×

= . If the aerodynamic admittance function, which was neglected 

in the present study, was included then a reduced resonant response would be expected. 

However, by neglecting the aerodynamic admittance function in the present study, the 

differing resonant response due to the turbulence spectra could be illustrated by comparing the 

displacement PSD, as in Figure 3.18.  
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Figure 3.18. Spectra of top storey displacement 

A, B and C refer to the time histories simulated based on the Kaimal et al. [175], Yu et al. [177], and Li 
et al. [178] spectra, respectively. 

 
Figure 3.19. Normalised power spectral densities 

A, B and C refer to the time histories simulated based on the Kaimal et al. [175], Yu et al. [177], and Li 
et al. [178] spectra, respectively. 

3.6.2 Response to earthquake action 

The maximum inter-storey drift ratio (IDR) from the response spectrum analysis was 0.262% 

and it occurred at the second level. In comparison, the mean time history response showed a 

maximum of 0.265% at the third level, i.e., 1% more than the response spectrum value. 

Overall, the response spectrum analysis gave a reasonable estimate of the average time history 

response, as shown in Figure 3.20, where the mean time history response (Mean TH) can be 

seen in comparison with the response spectrum analysis (RSA) result. The maximum IDR 

limit of 0.265% was substantially less than the drift limit of 1.5% (§2.1.6.3, p.16), suggesting 

the design for wind loading was the more critical criterion for the case study building. For the 

overall drift, the maximum in the Y-direction from the time history analysis was 53 mm. In 

comparison, the response spectrum analysis gave a maximum of 47 mm. For the X-direction, 

the maximum from the time history analyses was 44 mm, and the maximum from the response 

spectrum analysis was 36 mm.  
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Figure 3.20. Maximum inter-storey drift ratio in the Y-direction for the time history (TH) 

and response spectrum analyses (RSA) 

The case study building had a height which was less than 25 m, which allowed the earthquake 

performance to be demonstrated by a static analysis according to AS 1170.4 [74]. Following 

this standard, the horizontal equivalent static shear force was calculated using the equation 

 1( )p h p
t

k ZC T S
V W

µ
 

=  
 

, 
(3.10) 

where kp is the probability factor (1.3), Z is the earthquake hazard factor (0.12), Ch is the 

spectral shape factor depending on the fundamental period (T1), Sp is the structural 

performance factor, µ is the structural ductility factor, and Wt is the seismic weight of the 

structure. The fundamental period was estimated according to AS 1170.4 which gave the 

fundamental period (T1) as 

 0.75
1 1.25 t nT k h= , (3.11) 

where kt is a factor depending on the structure type, and hn is the height to the uppermost 

seismic mass. The factor kt was taken to be 0.05 as applicable for “all other structures”, giving 

a fundamental period of 0.6164 s. The site soil class was assumed to be Ce indicating a shallow 

soil site. The structural performance (Sp) and ductility factor (µ) were selected based on the 

standard descriptive categories. The most appropriate category was “Steel structures – Other 

steel structures not defined above”, which gave µ=2 and Sp=0.77. For comparison, from the 

existing literature, one study obtained µ=1.8 and Sp=0.526 (1/Sp=1.9) for a 6-storey MSB-

braced frame [14] (§2.1.6.3.2, p.17). Hence, the ratio Sp/µ was approximately 0.292 for the 6-

storey modular braced frame modular in the previous study. In comparison, the design 

standard [74] indicated a ratio of Sp/µ=0.38, based on which we would expect Equation (3.10) 

to overestimate the base shear force for the case study building by approximately 30%. 

Nevertheless, the base shear force was calculated to be 2,582 kN for the case study building 

using Equation (3.10).  
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For comparison, the base shear force was determined from the design response spectrum 

analysis as 2,241 kN for the earthquake in the Y-direction (Y+0.3X). Assuming the response 

spectrum analysis gave the more accurate value, the equivalent static value overestimated the 

shear force by 15%. However, it was observed that the fundamental period of the structure 

differed from that estimated by Equation (3.11). Based on eigenvector analysis of the 

numerical model, the fundamental period was estimated to be 0.6711 s when the seismic 

weight was taken as equal to the self-weight, and 0.7121 s if the seismic weight included 30% 

of the imposed floor and roof actions. The equivalent static base shear calculated by Equation 

(3.10) based on the more accurate fundamental period of 0.7121 s was approximately 2,235 

kN, which closely matched the value of 2,241 kN from the response spectrum analysis. Hence, 

it can be seen that the difference between the equivalent static and the response spectrum 

analysis shear forces was caused primarily by the difference in the fundamental period. With 

the correct fundamental period, the horizontal equivalent static shear force was 0.3% less than 

the response spectrum analysis value, which in turn was 0.8% less than the maximum time 

history value.  

3.6.3 Natural period of vibration and its effect on the structure analysis 

As shown in the Section 3.6.2, the fundamental period is used in simplified analyses to predict 

the structural response. In the case of modular buildings the variation of the fundamental 

period with height is not well established (§2.1.6.3.3, p.18). To investigate the variation of the 

fundamental period with height, the height of the case study building was varied from six to 

two storeys, and the fundamental period was estimated by eigenvector analysis of the 

numerical model. The results for the case study building are shown in Figure 3.21, along with 

the data from the existing literature. Three existing models are also shown, including H/42 

[81, 82] and 0.750.0625H  which applies to braced steel frames, and 0.750.1375H  which applies 

to moment-resisting steel frames [74]. It can be seen that the variation with height for the case 

study building was generally consistent with the previous studies of modular buildings 

composed from braced steel frames. H/42 is shown to provide a lower bound estimate, 

however, the accuracy reduces with increasing height. In comparison, 0.750.0625H  is shown to 

overestimate the period for the case study building with heights less than 17 m, and 

underestimate the period for heights greater than 17 m, depending on the inter-module 

connection stiffness. For the modular structures composed from moment-resisting steel 

frames, 0.750.1375H  is shown to give a reasonable estimate, depending on the IMC stiffness.  
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Figure 3.21. Fundamental periods for the case study building compared with data 

from the existing literature 
The existing literature includes the studies by Annan et al. [15], Gunawardena [33], Fathieh et al. [18], 
Shirokov et al. [97], Choi et al. [52], Styles et al. [50], and Malo et al. [98]. H is the building height, † 

indicates varying gravity load, and ‡ indicates varying connection stiffness. 

3.6.4 Effect of the inter-module connections 

As discussed in Section 3.3.3 (p.59), the initial IMC stiffness was varied in the numerical 

simulations to investigate the effect on the overall response of the case study building. The 

translational stiffness of vertical inter-module connection (VC) in the along load direction had 

the greatest effect on the overall building performance. For example, increasing the 

translational stiffness of the VC reduced the fundamental period (Figure 3.22) and the 

maximum inter-storey drift ratio due to the serviceability wind load (Figure 3.23). In the case 

of earthquake loading, increasing the VC translational stiffness resulted in a reduced IDR 

(Figure 3.24), but increased the base shear force (Figure 3.25). A higher VC translational 

stiffness may be provided by increasing the column section size, increasing the number of 

bolts, or by increasing the bolt size and, hence, preload. In this way the results follow the 

expected behaviour in that increasing the steel section sizes may reduce the overall deflection 

and fundamental period and, hence, result in a stiffer building that attracts a higher base shear 

force.  
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Figure 3.22. Effect of inter-module connection stiffness on the first two natural 

frequencies (T1 and T2) 
★ indicates the result for the benchmark case study building. 

 

 
Figure 3.23. Effect of inter-module connection stiffness on the inter-storey drift ratio 

for the serviceability wind 
WsX and WsY refer to wind in the X- and Y-direction, respectively. 
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Figure 3.24. Effect of inter-module connection stiffness on the inter-storey drift ratio 

for the ultimate limit state earthquake 
EuX and EuY refer to earthquake in the X- and Y-direction, respectively. 

 

 
Figure 3.25. Effect of inter-module connection stiffness on the base shear force for the 

ultimate limit state earthquake 
EuX and EuY refer to earthquake in the X- and Y-direction, respectively. 
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More importantly, however, the results show that the translational stiffness was relatively more 

important than the rotational stiffness of the vertical inter-module connection (VC). For 

example, Figure 3.22 shows that varying the rotational stiffness vc-r2, while the remaining 

stiffnesses were maintained at the benchmark values, had little effect on the fundamental 

period. The translational stiffness had greater effect than the rotational stiffness because the 

modules were rigid in comparison with the inter-module connections. Reducing the rotational 

stiffness of the VCs, for example, resulted in a small increase in the displacement due to the 

additional rotation. However, the load was transferred to the modules which were able to resist 

the additional design actions due to the stiffness and strength built into them to accommodate 

transport actions. This is a typical feature of modular building, which requires modules to be 

designed for loads induced when they are lifted by a crane and transported to the site [1]. In 

the present numerical studies, the modules were stiff due to the use of rigid intra-module 

connections, and due to the bracing incorporated in the modules.  

Due to the relative importance of the translational stiffness of the VC, it is particularly 

important to have an accurate model for the translational force-displacement behaviour. 

Although in the previous sections the simplified translational (shear) behaviour allowed a 

match in the maximum inter-storey drift, it is clear from the results of this chapter that 

neglecting the initial friction/slip stage of the connection may not be appropriate in all cases. 

The friction/slip stage, which effectively lowers the initial stiffness, should be included in the 

shear F-d model, and an improved model is required to ensure this joint behaviour is accurately 

captured.  

3.6.5 Comparison with moment resisting frame modular building 

For the Styles et al. [50] 11 storey moment-resisting frame building, the critical parameter for 

the serviceability wind load assessment was the inter-storey drift, rather than the total building 

drift. In the present study of a six storey braced frame building, the total deflection limit was 

approximately 36 mm (H/600) and the inter-storey drift limit was 5.9 mm (h/500) indicating 

an inter-storey drift ratio limit of 0.2%. The maximum serviceability wind drift for the 

benchmark case study building was approximately 11 mm, and the maximum inter-storey drift 

ratio was approximately 0.07%. Therefore, consistent with the previous study [50], the 

maximum inter-storey drift was the more critical parameter for the serviceability wind load 

assessment in the present study, i.e., 0.07% 110.35 0.31
0.2% 36

mm
mm

= > = . In the previous study [50], 

the maximum inter-storey drift due to serviceability wind loading occurred between levels 3 

and 4 for the 11 storey building. In comparison, in the present study of a six storey building, 
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the maximum inter-storey drift occurred at the third level, i.e., between the second and third 

floor level as shown in Figure 3.17(b). 

In the previous study [50], the intra-module connection stiffness was reported to have the 

greatest role in the overall resistance to lateral loads, i.e., greater than the inter-module 

connection (IMC) stiffness. However, the previous study [50] considered only the horizontal 

IMC stiffness, and did not account for the effect of the vertical IMC stiffness. In comparison, 

in the present study, both the horizontal and vertical IMC stiffnesses were considered. For the 

present study, as shown in Figure 3.17(a), it is clear that the drift due to wind loading was 

composed of drifts due to the deformation of the module and the deformation of the IMC. It 

is, therefore, clear that the overall resistance to lateral loads was influenced by the stiffness of 

the vertical IMC and also by the stiffness of the module, and, hence, by the intra-module 

connection stiffness. The present study indicates that the vertical IMC stiffness has a 

significant role in the overall resistance to lateral loads. 

3.7 Summary 

This chapter demonstrated the application of a numerical method wherein the translational and 

rotational behaviours of the inter-module connection were simplified, and then incorporated 

in the overall numerical model. The numerical technique was able to predict the overall 

structural response to lateral loads, which was verified by comparison with a selected previous 

study. The main findings are summarised as follows. 

1. The inter-module connection influenced the overall response to lateral loads. In particular, 

the translational stiffness of the vertical inter-module connections in the along load 

direction was shown to have the greatest effect, while the rotational stiffness had relatively 

little effect.  

2. Due to the relative importance, it is recommended that a more accurate model is developed 

for the shear behaviour of inter-module connections. While the simplified bi-linear model 

was suitable for the study in this chapter, a more accurate model which considers the 

friction/slip behaviour would allow more precise modelling of the overall building 

response to lateral loading, as the connection shear stiffness can significantly affect the 

building response. 

3. For the six storey braced frame case study building, the equivalent static analyses for wind 

and earthquake loading generally gave a good estimate of the overall building behaviour 

in comparison with the two more accurate methods of response spectrum and time history 

analysis.  
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4. Following the analysis of the base shear due to earthquake ground motion, it was found 

that the existing empirical formula for the fundamental period of braced steel frame 

buildings may not be applicable in the case of modular buildings. It is suggested that the 

fundamental period should be established directly from the numerical model in preference 

to the existing empirical formula.  
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Chapter 4 Shear behaviour of traditional bolted 
steel connections1 

4.1 Introduction 

As shown in Chapter 3, the shear stiffness of the inter-module connections (IMCs) can 

significantly affect the global response of modular buildings. However, as identified in Section 

2.2, the existing model for the shear behaviour of IMCs (Figure 2.23, p.39) cannot accurately 

estimate the behaviour obtained from experimental and numerical studies, especially the initial 

slip stiffness. Therefore, further study of the friction/slip shear behaviour is required to enable 

development of a more precise model. This study begins with the friction/slip shear behaviour 

of traditional bolted steel connections which, once established, can form the basis of the 

development of further models for different connection types, such as IMCs.  

For the traditional bolted steel connections, a simplified four stage model typically represents 

the shear behaviour (Figure 2.22, p.37). In this model, the first part (OA) is the friction stage, 

in which friction between the steel plates resists the applied shear force. Most standards adopt 

a friction model in which the friction resistance is calculated as the product of a friction 

coefficient and applied normal force. The friction coefficient, known as the slip factor (SF), is 

determined experimentally based on a standard test method such as that given in Annex G of 

EN 1090-2 [150]. The existing shear F-d model (Figure 2.22, p.37) assigns an arbitrary 

stiffness based on the slip load and an assumed slip displacement (dA), which is typically taken 

as 0.15 mm for the standard slip factor test specimen [182]. However, the F-d behaviour during 

OA is not necessarily linear as shown by recent studies of the slip factor for steel [149, 182-

185]. Different F-d behaviours are observed depending on the connection geometry, materials, 

nature of the loading and the environmental conditions. In order to develop accurate models 

of the initial slip behaviour of bolted steel connections, further study of the F-d behaviour in 

the standard test is required. 

Numerous studies have investigated the slip factor of typical structural steel materials. For 

example, the Australian Steel Institute Connection Design Guide 1 [186] gives a summary of 

slip factors based on the work of Kulak et al. [187]. In this review, a natural steel surface is 

defined as a surface with loose mill scale and dirt removed by wire brushing, and any grease 

removed by a solvent. Considering all the test data available for ASTM A7, A36 and A440 

                                                      
1 The related work in Chapter 4 was published in the Journal of Constructional Steel Research: 

Lacey AW, Chen W, Hao H, Bi K. Experimental and numerical study of the slip factor for G350-
steel bolted connections. J Constr Steel Res. 2019;158:576-90. 
https://doi.org/10.1016/j.jcsr.2019.04.012 
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structural steels, in addition to Fe37 and Fe52 steel tested in Europe, an average slip factor of 

0.33, and a standard deviation of 0.07, is reported based on 327 tests [187]. Blast cleaning of 

the faying surface is reported to increase the slip factor in comparison with the natural clean 

mill scale surface, and an average slip factor of 0.51 (standard deviation 0.09) is reported based 

on 186 tests of ASTM A7, A36, and Fe37 steel. Cruz et al. [183] and Heistermann et al. [149] 

report a slip factor of 0.47 and 0.50 for S275 mild steel depending on the type of shot used to 

obtain the sand blasted surface finish. Annan et al. [188] report an average slip coefficient of 

0.53 for the blast cleaned surfaces of CAN/CSA G40.21 350AT category 3 steel. However, 

the data for Australian specification steel materials, which may differ in terms of the 

requirements for chemical composition and mechanical properties, is lacking. In addition, the 

shear behaviour of bolted joints made from the Australian steel material is also not well 

understood. Investigation of the F-d behaviour for the standard slip factor test assembly is 

therefore required in order to develop an appropriate model for the material. 

Therefore, this chapter presents an investigation into the shear force-displacement behaviour 

of AS/NZS 3678-350 [189] steel, a commonly used Australian specification steel. 

Experimental study is conducted following the method given in Annex G of EN 1090-2 [150], 

based on which the short term slip factor of the steel surface is established depending on the 

surface condition. Digital image correlation (DIC) is adopted to overcome issues related to the 

displacement measurement location. Torque controlled preloading of the bolts is adopted for 

the experimental testing by following Australian standard AS/NZS 1252.1 [190]. In addition, 

numerical analysis is conducted and the numerical models are calibrated based on the slip 

factor test results. Empirical formulae are then proposed for the prediction of the initial slip 

behaviour. 

4.2 Standard test method and surface finish 

The slip factor for the steel-steel faying surface may be established using the standard test 

method given in Appendix J of AS4100 [139], or alternatively the method given in Annex G 

of EN 1090-2 [150]. From a literature review, EN 1090-2 is the more commonly referenced 

standard and so is adopted for this study. For instance, Cruz et al. [183], Heistermann et al. 

[149] and Stranghöner et al. [182] adopt this method. However, despite its common use, some 

details of this test method are unclear, which may lead to inconsistency of the application 

among different researchers [182]. The unclear details include the locations at which slip 

deformation should be measured and the loading rate.  
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4.2.1 Location of displacement measurement 

Slip is typically measured between adjacent points on the inner plate and the cover plate. This 

is measured at each end, and on both sides. Ideally this requires eight displacement transducers, 

although some previous studies used only four transducers. The layout of displacement 

transducers in some previous studies are illustrated in Figure 4.1. Some studies recorded 

measurements at the cover plate edge, as shown in Figure 4.1(a), (b) and (d), whereas other 

studies recorded measurements at the centre of the bolt group, as shown in Figure 4.1(c). 

Stranghöner et al. [182] reported that a stiffer load slip response was obtained if the slip was 

measured at the centre of the bolt groups, compared with measurement at the plate ends, due 

to the elongation of plates being included in the latter measurements. The differing load slip 

stiffness becomes relevant if the slip load is defined with reference to the slip deformation.  

4.2.2 Rate of loading 

EN 1090-2 defines normal speed tests as those with overall duration of ten to fifteen minutes. 

Stranghöner et al. [182] investigated the effect of test duration on the measured slip factor. 

The duration was shown to have only a minor effect on the measured slip factor. In 

comparison, Appendix J of AS4100 specifies a rate of loading of 0.5 kN/s or less, which may 

be directly applied to the universal testing machine using load control. A loading rate of 0.4 

kN/s was therefore adopted in the present experimental program. 

 
Figure 4.1. Layout of displacement transducers in previous studies, (a) [183], (b) [149], 

(c) [184], and (d) [185] 

4.2.3 Effect of contact pressure 

Increasing the contact pressure was reported to result in a decrease in the friction coefficient 

for steel-steel surfaces [149], following an exponential relationship [191]. Stranghöner et al. 

[182] reported a slight increase in the static slip factor for decreasing preload, for surface 
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finishes of alkali-zinc silicate (ASI), spray metallized with zinc (Zn-SM) and combined alkali-

zinc silicate and spray metallized with zinc (ASI-Zn-SM). The tribological phenomena which 

cause the relationship between contact pressure and friction coefficient are not understood 

completely [149], but may be explained by surface asperities being flattened by the applied 

contact pressure [187].  

4.2.4 Method of bolt tensioning 

The Australian Standard AS4100 permits either the “part-turn method of tensioning”, or 

“tensioning by use of direct-tension indication device” [139], although other methods are not 

excluded [192]. With the 2016 revision, AS/NZS 1252.1 provides the details of the torque-

tension relationship for use in tightening bolt assemblies with the general relationship 

 , ,r i m p CM k dF= , (4.1) 

where Mr,i is the torque applied to the nut, km is a factor based on the k-class, d is the nominal 

bolt diameter and Fp,C is the minimum specified bolt preload. The k-class is chosen based on 

the tightening method, with class k2 required for the torque tightening method. The km factor 

is determined by the assembly test as documented in Appendix D of AS/NZS 1252.1:2016 

[190].  

While torque controlled tightening of bolts is a part of normal practice in Europe and America, 

the method is historically not common in Australia due to a lack of confidence [192]. With the 

revision of AS/NZS 1252.1 it is expected that this will change as the reliability of the available 

bolt assemblies improves over time [192]. This study, therefore, adopts the torque tightening 

method in order to investigate the accuracy which may be obtained using this method to control 

the preload.  

4.2.5 Steel surface finish 

Steel surface finishes are typically specified with reference to Australian standard AS 1627 

Metal finishing – Preparation and pretreatment of surfaces. AS 1627 Part 4 [193] covers 

abrasive blast cleaning of steel. The standard is oriented towards the cleaning of steel prior to 

the application of corrosion protection coatings. Four blast cleaning classes are defined as Sa 

1, Sa 2, Sa 2.5, and Sa 3, in order of increasing cleanliness. Sa 1 refers to light blast cleaning 

in which only the loose mill scale are removed [193, 194]. Sa 3 refers to a visually clean 

surface which has all of the visible mill scale removed leaving behind a uniformly coloured 

surface [194].  

AS 1627.4 Appendix B refers to pictorial surface preparation standards given in AS 1627.9 

[195]. AS 1627.9 in turn refers to ISO 8501-1 [196]. ISO 8501-1 gives photos of representative 
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surfaces for the preparation grades (Sa 1 through Sa 3), and rust grades (A through D). Figure 

4.2(a) presents an example page from ISO 8501-1 showing rust grades A and B, and Figure 

4.2(b) presents an example page showing representative photographs for sand blasted steel 

surfaces. Following these standards, the blast cleaning class is determined by visually 

comparing the prepared steel surface with the representative photographs, as illustrated in 

Figure 4.2(b). 

 
Figure 4.2. (a) Page from ISO 8501-1 showing rust grades A and B, (b) Prepared steel 

surface shown alongside ISO 8501-1 representative photos 

4.3 Experimental program 

4.3.1 Test specimens 

Fifteen standard test specimens, labelled SF1 through SF15, were adopted using M16 EN 

14399-3 [197] k2 HR property class 8.8 bolts. As shown in Table 4.1, five specimens were 

tested for each surface finish in order to obtain the average behaviour. The width of the inner 

plate was tapered at the end, as shown in Figure 4.3, to suit the available universal testing 

machine (Shimadzu AGS-300kNX). The inner plates were 16 mm thick and 50 mm wide at 

the end, with two 18 mm diameter holes. They were cut from the same material to give 

approximately equal thickness. The outer plates were 8 mm thick and 80 mm wide, with two 

18 mm diameter holes to match the inner plates.  

Table 4.1. Slip factor test specimens 

Specimen Surface finish 

SF1-SF5 Clean mill scale (Sa 0) 

SF6-SF10 Sa 1 

SF11-SF15 Sa 3 
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Figure 4.3. Illustration of test assembly 

4.3.2 Surface preparation 

The surfaces of test specimens SF1 to SF5 were maintained in the clean mill scale condition. 

The surfaces of the remaining specimens were sand blasted using a Fiora Machinery Model B 

sand blaster, with an industry standard 80 mesh size. Specimens SF6 to SF10, and SF 11 to 

SF15 had the surfaces blasted to a Sa 1 and Sa 3 grade finish respectively. Figure 4.4 shows 

photographic examples of the surface finishes. For convenience in the following sections the 

clean mill scale surface finish is referred to as Sa 0.  

 
Figure 4.4. Photos showing example of (a) clean mill scale Sa 0, (b) Sa 1, and (c) Sa 3 

surface finish 

4.3.3 Specimen assembly 

The plates were bolted together and the bolts tensioned before testing. Figure 4.5 shows an 

example test specimen prior to assembly (a) and after assembly (b). In order to ensure that the 

initial resistance was due only to friction, the bolts were positioned and aligned to give the 

maximum slip tolerance as shown in Figure 4.5(c). The bolts were tensioned using a torque 
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wrench. A two stage process was adopted involving initial tightening to 0.75Mr followed by 

final tightening to 1.10Mr, where Mr is the torque required to give the specified preload of 95 

kN. The torque (Mr) was calculated using Equation (4.1) based on the manufacturer supplied 

k-value (0.136). The assembled specimen was tested as soon as possible after tensioning to 

minimise the loss of preload with time. 

 
Figure 4.5. Slip factor test specimen (a) prior to assembly, (b) after assembly, and (c) 

illustration showing bolt hole tolerance 

4.3.4 Digital image correlation method 

Specimens were loaded using a Shimadzu AGS-300kNX universal testing machine (UTM) as 

shown in Figure 4.6. The load was applied at a slow rate of 0.4 kN/s, which was selected to 

give an overall test duration of 10 to 15 minutes per specimen. Prior to testing, a speckle pattern 

was applied to the specimen surface using spray paint, as shown in Figure 4.7. A camera was 

used to record a video of the front side of the specimen during the test. The recorded videos 

were converted to a series of images, based on which digital image correlation (DIC) was 

performed to determine the vertical displacement. The slip was then calculated as the 

difference in vertical displacement between adjacent points on the inner and cover plates at 

the centre bolt group location, as shown in Figure 4.7 for slip at the top of the connection. For 

slip at the bottom, similar points were selected at the lower centre bolt group level. The slip 

was taken as the average of the relative vertical displacement between points P1 and P3, and 
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points P2 and P3. For the DIC analysis the ncorr program was adopted [198]. The DIC 

technique can be verified against actual readings from strain gauges as proven in the studies 

by Yuan et al. [199, 200].  

 
Figure 4.6. Slip factor test setup 

 
Figure 4.7. Example speckle pattern and points used for slip calculation at the top of 

the specimen 

4.3.5 Results and analysis 

Figure 4.8(a) shows the force and overall displacement recorded by the UTM. Sa 0, or clean 

mill scale finish specimens, are shown to have lower slip load than the Sa 1 and Sa 3 finish 

specimens. Sa 1 finish specimens are shown to have a similar slip load to the Sa 3 finish 

specimens. The Sa 0 specimen plots generally show slip at both the top and bottom end of the 

specimen. This is illustrated for the first specimen, SF1, in Figure 4.8(b). For SF1, slip 

occurred at the bottom, followed by slip at the top of the specimen. For the other specimens, 



 

85 

some slipped at the bottom first, whereas others slipped at the top first, depending which end 

of the specimen had the lower slip resistance. However, it is not possible to determine the 

timing of the slip at each end based only on the overall displacement. Therefore, in addition to 

displacement measurements recorded by the UTM, displacements were determined using DIC. 

The main output from the DIC is vertical displacements on the visible edges of the specimen 

for each recorded image, i.e., each time increment. For example, this is illustrated in Figure 

4.9, which shows the vertical displacement of SF1 immediately prior to slip (a), after slip at 

the bottom (b), and after slip at the top (c).  

The slip at each end of the specimen was calculated based on the mean displacements on both 

sides of the specimen at the centre of each bolt group. The relevant points at the top of the 

specimen are illustrated in Figure 4.7. Figure 4.10(a) shows two exemplary shear load-slip (F-

d) curves which were obtained for the specimen SF5, which slipped at the bottom (SF5b) and 

then at the top (SF5t). The curves demonstrate the general behaviour which was observed for 

all the specimens. As load was applied to the specimen the slip between the plates slowly 

increased due to minor relative displacement between the plates. As slip occurred the specimen 

increased in length and the testing machine was unable to maintain the applied force. A drop 

in force was therefore observed following major slip. After the drop in force, the load gradually 

increased again with several minor slips until the initial 2 mm bolt hole tolerance (Figure 

4.5(c)) was taken up and the plate came into contact with the bolt shank. At this stage the bolt 

was bearing on the plates as shown in Figure 4.10(a). In the present study the main focus is 

the initial stage of the F-d curve. Figure 4.10(b) shows a closer view of the F-d curves for 

specimen SF5, with the maximum slip for the x-axis set as 0.3 mm to display the initial F-d 

behaviour. In this initial stage the displacements were very small, and noise from the DIC is 

clearly observed in Figure 4.10(b). 

The F-d curves for all of the clean mill scale Sa 0 specimens are shown in Figure 4.11(a). 

Similarly, Figure 4.11(b) and (c) show the curves for the Sa 1 and Sa 3 sand blasted specimens. 

respectively. In each case the mean behaviour is shown, which was determined by calculating 

the average force across all the similar specimens for selected slip values. For the clean mill 

scale Sa 0 specimens, some specimens showed a single major slip, whereas other specimens 

showed several small slips prior to the major slip. As illustrated in Figure 4.10(c), SF5t shows 

the first behaviour with a single major slip, and SF1t shows the second behaviour with several 

small slips prior to the major slip. The cause of the two different behaviours is discussed in 

Section 4.4.2 (p.93). 
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(a) All specimens 

 
(b) SF1 

Figure 4.8. UTM force-displacement plot for (a) all specimens, and (b) SF1 

 
Figure 4.9. Vertical displacement (mm) of SF1 (a) immediately prior to slip, (b) after 

slip at bottom, and (c) after slip at top 

  



 

87 

 

 
(a) SF5 

 
(b) SF5 

 
(c) SF1t and SF5t 

Figure 4.10. Force-slip plot for SF5 (a & b) and SF1t & SF5t (c) 
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(a) Clean mill scale (Sa 0) 

 
(b) Sand blasted (Sa 1) 

 
(c) Sand blasted (Sa 3) 

Figure 4.11. Force-slip plot for clean mill scale (Sa 0) specimens (a), and Sa 1 (b) and 
Sa 3 (c) sand blasted specimens 
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Finally, the slip load was determined based on the force-slip curve. In all cases the slip load 

was taken as the peak force prior to slip. The individual, mean and standard deviation of the 

slip factors were determined using the following formulae [150]: 
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where Fsi is the individual slip load, Fp,C is the bolt tension, and n is the number of slip load 

values obtained from the test specimens. For design purposes, the characteristic slip factor is 

calculated based on the 5% fractile with 75% confidence level. Assuming ten values are 

obtained, the characteristic slip factor may be determined as [150] 

 2.05k m sµµ µ= − . (4.5) 

Table 4.2 shows the individual test results, and Table 4.3 shows the mean and standard 

deviation of the slip load, and the mean, standard deviation and characteristic slip factor for 

each of the surface finishes. A slip load was not recorded for SF2b because the bottom of 

specimen SF2 did not slip during the experiment, due to an unusually high slip resistance. The 

results show that the bolt preload can be well controlled using the torque method, as confirmed 

by the relatively low standard deviation obtained for the slip load. Standard deviations of 8.99 

kN, 13.5 kN and 15.1 kN were obtained for the clean mill scale (Sa 0), Sa 1 and Sa 3 

specimens, respectively. This corresponds to 7.5%, 6.4% and 7.2% of the mean slip load 

respectively, and incorporates variations in the steel surface, bolt preload, and associated 

measurement errors.  

After testing the specimens were disassembled and photos were taken to record the condition 

of the faying surfaces. For example, Figure 4.12(a) shows the surfaces for SF1, a clean mill 

scale specimen (Sa 0), and Figure 4.12(b) shows the surfaces for SF12, a Sa 3 sand blasted 

specimen. Wear of the surfaces is shown to be limited to the local area around each bolt hole. 

Figure 4.13(a) to (d) show a closer view of the relevant area around the bolt holes, illustrating 

the range of damage observed. For the clean mill scale surfaces (Sa 0), some specimens 

exhibited damage to the mill scale layer, and mill scale fragments were observed around the 

exposed steel substrate, as shown in Figure 4.13(a) and (b). In other cases, there was no 

damage to the mill scale layer but a slightly shiny surface was observed for the surface Sa 0, 
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as shown in Figure 4.13(c). Figure 4.13(d) illustrates the typical damage observed for the sand 

blasted specimens (Sa 3). A shiny smoothed surface can be seen around the bolt holes. 

 

Table 4.2. Summary of individual test results 

 

Table 4.3. Mean slip load and slip factor depending on the surface finish 

Ref. Surface finish Slip load, Fsi (kN) Slip factor, µi 

SF1b Clean mill scale  116.5 0.3065 

SF1t (Sa 0) 127.3 0.3350 

SF2t  117.5 0.3093 

SF3b  101.8 0.2680 

SF3t  121.1 0.3187 

SF4t  119.5 0.3145 

SF4b  120.4 0.3168 

SF5b  116.7 0.3071 

SF5t  135.3 0.3560 

SF6b Sa 1 227.2 0.5980 

SF7b  206.0 0.5422 

SF8b  213.8 0.5627 

SF9b  210.9 0.5549 

SF10b  190.0 0.4999 

SF11t Sa 3 192.5 0.5067 

SF12b  200.9 0.5286 

SF13b  217.0 0.5709 

SF14t  231.7 0.6097 

SF15t  207.8 0.5467 

Surface 
finish 

Mean slip load, 
Fsm (kN) 

Standard 
deviation, sFs (kN) 

Mean slip 
factor, µm 

Standard 
deviation, sµ 

Characteristic 
slip factor, µk 

Sa 0 119.6 8.985 0.3146 0.02365 0.27 

Sa 1 209.6 13.50 0.5516 0.03553 0.50 

Sa 3 210.0 15.10 0.5525 0.03975 0.50 
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(a) SF1 Clean mill scale (Sa 0) 

 
(b) SF12 Sand blasted (Sa 3) 

Figure 4.12. Condition of faying surface after testing 

 
Figure 4.13. (a) Clean mill scale (Sa 0) surface with fully exposed steel around bolts, 
(b) Sa 0 with partially exposed steel, (c) Sa 0 without mill scale damage, and (d) sand 

blasted surface (Sa 3) with smoothed surface around bolts 
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4.4 Discussion and evaluation of experimental results 

4.4.1 Slip factor for AS/NZS 3678-350 

For the clean mill scale surface a mean slip factor of 0.31 was obtained with a standard 

deviation of 0.02. The characteristic slip factor for design was calculated as 0.27 based on the 

5% fractile with 75% confidence level. This is marginally less than the average slip factor of 

0.33, standard deviation 0.07, reported by Kulak et al. [187] for ASTM A7, A36, A440, Fe37 

and Fe52 steels in the clean mill scale condition. Compared with these steels, AS/NZS 3678-

350 differs in terms of the yield stress and chemical composition. For example, the Australian 

grade 350 has a minimum yield stress of 320 to 360 MPa depending on the thickness, and a 

maximum carbon content of 0.22 %. In comparison, A36 steel has a minimum yield point of 

250 MPa and a maximum carbon content of 0.26 %. 

For the sand blasted surface finish a mean slip factor of 0.55 was obtained for the Sa 1 and Sa 

3 grades, with standard deviations of 0.036 and 0.040 respectively. The characteristic slip 

factor was calculated as 0.50 based on the 5% fractile with 75% confidence level. There was 

not a significant difference between the mean slip factor for the Sa 1 and Sa 3 grades. The 

mean slip factor of 0.55 is greater than the value of 0.51 (standard deviation 0.09) for blast 

cleaned A7, A36, and Fe37 steels reported by Kulak et al. [187]. However, the mean slip factor 

of 0.55 is consistent with the value of 0.558 reported by Cruz et al. [183] for sand blasted S275 

steel. A greater difference is observed comparing the characteristic values, with 0.50 obtained 

in the present study and 0.476 reported by Cruz et al. [183]. The study by Cruz et al. [183] had 

a greater standard deviation which explains the difference in the characteristic values.  

According to the related standards, EN 1090-2 indicates a slip factor of 0.50 for blast cleaned 

surfaces, 0.30 for surfaces with loose rust removed by wire brushing, and 0.20 for surfaces as 

rolled [150]. In comparison, the Specification for Structural Joints Using High-Strength Bolts 

[138] indicates a slip factor of 0.33 for uncoated clean mill scale surfaces, and 0.50 for 

uncoated blast cleaned surfaces. Based on the results of this study use of a standard value of 

0.30 for the clean mill scale surface would be unconservative. It should be noted that the 

characteristic value obtained (0.27) is dependent on the specific conditions of the test 

specimens, including the mill scale thickness and composition. If not identified by project 

specific slip factor tests, the overall safety of the design may have been ensured by the partial 

safety factor (1.25 [150]) or capacity factor (0.8 [139]) applied in the calculation of the slip 

load. For the sand blasted surface the characteristic value of the slip factor from the current 

study matches the standard value of 0.50.  
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4.4.2 Load slip behaviour and effect of surface condition 

The experimental results may be explained in the context of the adhesion theory of friction, as 

summarised by Loo et al. [201] and Khoo et al. [202]. Figure 4.14 shows a conceptual 

illustration of contacting mill scale surfaces. The surface consists of a series of high points 

which are known as asperities. While two contacting plates appear to have a large contact area, 

the real contact area is much smaller. The contact is limited to selected areas known as 

junctions, depending on the topography.  

 
Figure 4.14. Conceptual illustration of contacting mill scale surfaces 

The resistance to tangential relative movement is known as friction, and it depends on the 

applied normal force and the coefficient of friction [202]. The friction resistance is made up 

of two components, namely adhesion and deformation. The adhesion component is caused by 

inter-atomic attractions which develop between the contacting surfaces [202]. The 

deformation component is caused by plastic deformation of interlocking asperities as the 

surfaces slide over one another. 

Oxide layers, such as mill scale, provide separation between the underlying steel surfaces, 

thereby reducing the adhesion which can develop [201]. However, as the surfaces start to slide 

over one another the oxide layer may be damaged exposing the underlying steel material. 

Junctions can then be formed between the exposed steel surfaces, resulting in an increased 

friction resistance. The real contact area is increased resulting in an increase in the friction 

resistance. In specimens where the mill scale layer was damaged (e.g. Figure 4.13(a,b)), the 

F-d curve shows an increase in the friction resistance after the initial slip (e.g. SF1t in Figure 

4.11(c)). In comparison, specimens with no damage to the mill scale layer (e.g. Figure 4.13(c)) 

showed a sudden slip with no subsequent increase in the friction resistance (e.g. SF5t in Figure 

4.11(c)). The surfaces with no damage to the mill scale layer showed little wear, other than a 

slightly shiny appearance around the bolts, which may be attributed to a smoothing of the 

surface at these locations. It may be concluded that the mill scale surfaces have a lower slip 
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factor due to the relatively smooth surface, in addition to the reduced adhesion resulting from 

the oxide layer separation.  

For rough surfaces, the asperities may interlock and the friction resistance is increased by the 

requirement that asperities move over, or through, one another [201]. For the sand blasted 

specimens, the worn surfaces appeared to be shiny. This suggests that, at the contacting areas, 

the process of sliding had flattened the asperities, leaving behind a smoother surface which 

presents as a shiny surface. The increased friction resistance for the sand blasted surfaces may, 

therefore, be attributed to the deformation component of friction, wherein the asperities deform 

plastically as the surfaces slide.  

In the case of the clean mill scale (Sa 0) surface, two different force-slip behaviours were 

observed, as explained previously. For the sand blasted surfaces, however, the force-slip 

behaviour was consistent across all of the specimens. The variation in the behaviour for the Sa 

0 surface may be attributed to the mill scale layer which varies in several aspects, including 

thickness, strength and adhesion to the underlying substrate. In comparison, the sand blasted 

surfaces were more uniform due to the controlled sand blasting process.  

4.4.3 Evaluation of digital image correlation method 

By using DIC, full field displacements were obtained on the visible face of the specimen. This 

allowed the selection of any points for the calculation of relative displacement during post-

processing. In comparison, linear variable differential transformers (LVDTs) are more limited, 

recording displacements only for specific points. The experimental force slip plots, for 

example Figure 4.11, show noise in the DIC data which originates from several sources 

including notably the camera sensor in combination with the external lighting. However, the 

DIC data clearly displays the force slip behaviour even at small slip values in mm. This force-

slip behaviour was compared with the numerical simulations, to which a good match is 

obtained by inputting the relevant friction coefficient, as will be shown in the following 

Section 4.5.  

4.5 Numerical simulation 

Numerical simulations are conducted to ensure the load-slip (F-d) behaviour was accurately 

captured by the experimental program, and to investigate the parameters which affect the F-d 

behaviour. A numerical model is developed using ABAQUS, and it is illustrated in Figure 

4.15. Following the experiments, the gap between the bolt shank and the adjacent plate is set 

as 1.9 mm in the numerical analysis. This provides an initial separation of 0.1 mm between 

the surfaces. Following the analysis of the experiment results, the slip is determined as the 
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relative displacement between the inner and outer plates at the centre of the bolt group as 

shown in Figure 4.16. The displacement of the outer plate is taken as an average value such 

that the slip is given by 

 ( )3 1 20.5P P Pslip δ δ δ= − + , (4.6) 

where δP1, δP2, and δP3, are the displacement in the z-direction at the points P1, P2, and P3, 

respectively. 

 
Figure 4.15. Illustration of ABAQUS numerical model 

 
Figure 4.16. Location of displacement measurements for the calculation of slip in the 

numerical model 

4.5.1 Material properties 

A quad-linear profile was used for the steel stress strain properties based on the work of Yun 

et al. [203]. Following AS4100 [139] the elastic modulus was taken to be 200 GPa and the 

Poisson’s ratio as 0.25. The relevant material parameters are given in Table 4.4.  
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Table 4.4. Summary of material properties 

4.5.2 Interaction and contact property 

Krolo et al. [204] outlines guidelines for modelling preloaded bolts in structural connections. 

The bolt preload technique was adopted with three main analysis steps. An artificial boundary 

condition, shown in Figure 4.17, which prevents translation of the bolt mid-section in all three 

directions, was applied for the first step. In the second step, the bolt load was created using the 

Apply force method, and the contact interactions were applied. The bolt surface was defined 

as the master surface for the bolt to plate contact pairs, as shown in Figure 4.18. An interaction 

property was defined for the plate to plate contact areas which had Penalty friction for the 

tangential behaviour and Hard Contact with the Augmented Lagrange enforcement method 

for the normal behaviour. The elastic slip was explicitly defined as 10-3 mm for the tangential 

behaviour, based on the study by Husson [205]. Similarly, for the bolt head to plate contact 

areas an interaction property was defined with Penalty friction and Hard Contact. The bolt 

shank to plate contact interaction was taken to be frictionless with Hard Contact. In the third 

step, the tension force was applied to the plate surface as shown in Figure 4.17. 

 
Figure 4.17. Load and boundary conditions for numerical model 

Description Standard Minimum yield 
stress (MPa) 

Minimum tensile 
strength (MPa) 

Minimum 
elongation (%) 

Bluescope Xlerplate, 8mm 
thick 

AS/NZS 
3678-350 

360 450 20 

Bluescope Xlerplate, 16mm 
thick 

AS/NZS 
3678-350 

350 450 20 

Hobson 
M16x2.0Px60,8.8,HR Bolts 

AS/NZS 
1252 

660 800 12 
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Figure 4.18. Master/slave assignments for bolt-plate contact in numerical model 

4.5.3 Mesh convergence 

First order 8-node linear brick, reduced integration elements with hourglass control, known as 

C3D8R [206], are adopted. The effect of the mesh size on the resulting force-slip behaviour is 

investigated by preparing numerical models with nominal mesh sizes of 4, 2, and 1 mm as 

shown in Figure 4.19. A friction coefficient of 0.31 is used based on the clean mill scale surface 

finish. The resulting force-slip (F-d) behaviour is shown in Figure 4.20. A nominal mesh size 

of 2 mm is found to be fine enough, with the F-d curve indistinguishable between the 2 and 1 

mm mesh sizes. A mesh size of 2 mm is therefore adopted for the numerical analysis with a 

friction coefficient of 0.55.  

 
Figure 4.19. Nominal mesh sizes of (a) 4, (b) 2, and (c) 1 mm 

4.5.4 Numerical calibration 

Figure 4.21(a) shows a comparison between the numerical result (i) and the mean experimental 

results (ii and iii) for the plain mill scale surface finish. Similarly, Figure 4.21(b) shows a 

comparison between the numerical result (i) and the mean experimental result (ii) for the Sa 3 
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sand blasted surface finish. A good match is observed between the numerical and the mean 

experimental results. As explained previously, the experimental results show a drop in force 

following major slip as the testing machine was unable to maintain the force applied. This is 

not observed in the numerical simulation where the force does not drop due to a change in 

length of the specimen. It should also be noted that the present numerical model cannot capture 

multiple small slips as was observed for some of the clean mill scale specimens. 

 
Figure 4.20. Numerical force-slip curves for different mesh sizes 

  
(a) Clean mill scale (Sa 0) 

 
(b) Sand blasted (Sa 3) 

Figure 4.21. Comparison between numerical and mean experimental data for (a) Sa 0, 
and (b) Sa 3 surface finish 
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4.6 Load-slip models and parametric study 

4.6.1 Location of displacement measurement 

In the preceding sections the slip is calculated based on displacement measurements taken at 

the centre of the respective bolt group. However, several previous studies take measurements 

at the end of the outer plates. In the present study, full field displacements are available due to 

the use of digital image correlation. A good match is obtained between the numerical and 

experimental results for measurements at the plate end (PE) location, for example as shown in 

Figure 4.22(a) for the Sa 3 specimens.  

 
(a) Sand blasted (Sa 3) at plate ends (PE) 

 
(b) Centre bolt group (CBG) and plate ends (PE) 

Figure 4.22. (a) Comparison between numerical and experimental data for mean Sa 3 
response at plate ends (PE), (b) Comparison between PE and centre bolt group (CBG) 

measurement locations based on numerical data 

Figure 4.22(b) shows a comparison between the force-slip behaviour measured at the centre 

bolt group (CBG) (i) and PE (ii) locations based on the numerical simulations. A less stiff 

response was recorded at the PE location due to the additional plate elongation in the 

measurements at this location. While the load-slip response varies, the additional relative 

displacement measured at the PE location had no effect on the slip load in the present study. 

In the case of the Sa 3 specimens, for example, the CBG response shows major slip at 0.05 
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mm. In comparison, the PE response shows major slip at approximately 0.08 mm relative 

displacement. The peak load was unchanged and still occurred prior to the standard limit of 

0.15 mm so the same slip load was recorded. Since measurement at the plate ends only affects 

the initial stiffness, its effect could be generalised because the displacement of the plate under 

uniaxial tensile load can be straightforwardly calculated.  

4.6.2 Proposed load-slip model 

Based on the calibrated numerical results, the initial force-slip behaviour at the centre bolt 

group location can be approximated by an exponential function of the form 

 
( ) 1 exp dF d A

B
 −  = −     

, 
(4.7) 

where d is the slip (mm), F is the applied load (kN), and A and B are parameters. This function 

passes through the origin and then increases to become asymptotic to the value of A which is 

the upper limit. The parameter B controls the rate of increase towards the upper limit.  

Figure 4.23 shows the proposed model for the Sa 0 and Sa 3 specimens in comparison with 

the existing model [145]. The y-axis shows the normalised load (F/Fsm) which is the applied 

shear force divided by the slip resistance. Compared to the existing model [145], the proposed 

exponential model provides a more accurate representation of the initial slip stiffness, which 

may be desirable for the design of slip-critical connections.  

 
Figure 4.23. Comparison of proposed and existing model [145] 

Figure 4.24(a) shows a good match between the fitted curves and the numerical data for the 

CBG measurement position. The fit to the numerical data provides a reasonable fit to the 

experimental data and may be preferred for design purposes when the reduction in load 

following slip is not relevant. For example, Figure 4.24(b) applies to the Sa 3 sand blasted 

specimens and shows the exponential fit to the numerical data along with the experimental 

data. 
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(a) Sa 0 & Sa 3 (CBG) 

 
(b) Sa 3 (CBG) 

Figure 4.24. (a) Exponential fit to numerical data, and (b) Sa 3 exponential fit 
compared with experimental data 

4.6.3 Slip factor and bolt preload 

The slip factor and preload are varied in the numerical model to investigate the effect on the 

parameters A and B in the proposed model. For each numerical simulation the proposed 

exponential model is fitted to the resulting force-slip curve. Figure 4.25 shows the variation of 

A with the slip factor (a) and bolt preload (b). Similarly, Figure 4.26 shows the variation of B. 

The parameters A and B depend on the slip factor and the preload. Fitting a curve to the 

numerical data, the parameter A may be estimated as 

 ( , ) 3.99t tA N Nµ µ≈ , (4.8) 

where µ is the slip factor, and Nt (kN) is the bolt preload. It is apparent that Equation (4.8) 

closely resembles the existing empirical formula for the slip resistance of a bolted steel 

connection [187]. Therefore, A may be more accurately given as 

 ( , ) tt s bA nN n Nµ µ= , (4.9) 

where ns is the number of slip planes, and nb is the number of bolts. Similarly, the parameter 

B may be estimated as 
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The empirical formula for A and B, i.e., equations (4.9) and (4.10), provide a reasonable fit to 

the numerical data as shown in Figure 4.25 and Figure 4.26. 

 
(a) Slip Factor 

 
(b) Preload 

Figure 4.25. Variation of A with slip factor (a) and preload (b) 

4.6.4 Application of proposed model 

Three experimental force-slip curves are selected from the literature to demonstrate the 

application of the proposed model to other materials [149, 182, 184]. Table 4.5 presents a 

summary of the relevant parameters for the selected force-slip (F-d) data. The F-d curves apply 

to S275 [149], S355 [182] and 1.4404 stainless steel [184]. Figure 4.27 shows the proposed 

model (Equation (4.7)) fitted to the selected data. A good fit is shown for the S355 and 1.4404 

stainless steel materials. For the S275 material the proposed model (Equation (4.7)) does not 

fit the data as well. This may be due to the use of the plate end (PE) measurement location in 

the referenced study [149], whereas the proposed exponential model was developed for the 

centre bolt group (CBG) location.  
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(a) Slip Factor 

 
(b) Preload 

Figure 4.26. Variation of B with slip factor (a) and preload (b) 

Table 4.5. Summary of parameters for selected load-slip data 
PE – plate edge, CBG – centre bolt group 

Ref. Steel 
material 

Surface 
finish 

Slip 
factor 

Bolt 
size / 
preload 
(kN) 

Location Proposed model 
(Equation (4.7)) 
fit 

Proposed 
empirical 
formula 

A 
(kN) 

B (mm) A 
(kN) 

B (mm) 

[149] S275 Sa 2.5 0.558 M20 / 
170 

PE 452 0.0888 379 0.0193 

[182] S355J2C+N Sa 2.5 0.81 M20 / 
172 

CBG 568.5 0.0410 557 0.0230 

[184] Stainless 
steel, 
1.4404 

Grit 
blasted 

0.55 M16 / 
88 

CBG 188 0.0176 194 0.0105 



104 

 
Figure 4.27. Proposed model fitted to data from the literature 

Table 4.5 shows the parameters A and B which result from fitting the proposed exponential 

model (Equation (4.7)) to the selected data. For comparison, the parameters are calculated 

using the proposed empirical formula, i.e., equations (4.9) and (4.10). The empirical formula 

for A (Equation (4.9)) matches the CBG curve fit values well. However, if the PE measurement 

location is used then the value of A is underestimated. This occurs because elongation of the 

inner plate is incorporated in the slip measured at the plate end location. Due to the 0.15 mm 

slip limit specified in the standard [150], the PE measurement location resulted in an 

underestimate of the slip resistance in the referenced study [149]. Therefore, although 

Equation (4.9) (p.101) provides a good estimate of the slip resistance and, hence, parameter A, 

it is only applicable for the CBG location. In comparison, the proposed empirical formula for 

parameter B (Equation (4.10), p.102) does not match the curve fit values. This may be due to 

the different materials which exhibit different initial F-d behaviours. For design purposes, the 

value of B may be obtained through experiments, as was done in the present study for the G350 

steel material. 

4.7 Summary 

The shear load-slip behaviour of AS/NZS 3678-350 steel (G350) material was investigated in 

this study by conducting experiments and numerical simulations. The test results were 

discussed and explained in terms of the adhesion theory of friction. The main findings are 

summarised as follows. 

1. The characteristic slip factors for the AS/NZS 3678-350 (G350) steel material are 0.27 

and 0.50 for the clean mill scale (Sa 0) and Sa 3 sand blasted surfaces, respectively. This 

matches the standard value of 0.50 well for the sand blasted surface, however, the standard 

value of 0.30 for the clean mill scale surface overestimates the slip factor by 11 % based 

on the specimens in the present study. The slip factor was shown to be insensitive to the 
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surface finish, where the degree of sand blasting, i.e., Sa 1 and Sa 3, is defined by visual 

assessment to the ISO 8501-1 standard.  

2. The bolt preload can be reasonably controlled using the torque method, as confirmed by 

the relatively low standard deviation obtained. The use of digital image correlation to 

determine slip displacements was demonstrated to be effective and is recommended for 

use in slip factor testing.  

3. The existing model [145] gives a conservative prediction of the initial slip stiffness. A 

more accurate empirical model is proposed for the load-slip behaviour of the standard slip 

factor test specimen [150], depending on the surface condition. The exponential empirical 

model provides a good fit to the data with slip measured at the centre of the bolt group 

(CBG).  

4. The proposed model can be applied in the development of slip critical connections. For 

example, the model may be applied to inter-module connections in modular steel 

buildings, for which adequate site assembly tolerances are required while limiting slip 

displacement. In this application an accurate model for the initial slip is important because 

the large number of connections can result in large cumulative displacement over the 

building height. 
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Chapter 5 New post-tensioned (PT) connection: 
Experimental and numerical studies1 

5.1 Introduction 

In Chapter 2 it was identified that the design and construction of reliable inter-module 

connections is a major challenge. Therefore, in this chapter, a new post-tensioned (PT) inter-

module connection is developed and investigated. The connection permits vertical connection 

between modules without the requirement for external access. While the proposed connection 

may offer improvements in terms of constructability, the structural performance in shear 

remains to be demonstrated. The main objective of this chapter is, therefore, to investigate the 

structural performance of the proposed connection. An experimental study is conducted to 

establish the shear force displacement behaviour by applying quasi-static monotonic loading. 

The initial portion of the load-slip behaviour is focused on in order to enable the development 

of a suitable model for the initial slip stiffness. Numerical analysis is completed and the model 

is calibrated based on the experiments. The main parameters influencing the slip behaviour, 

including the bolt preload, slip factor and contact area, are investigated. Following the 

parametric study based on the numerical simulations, an empirical model is proposed for the 

initial shear load slip behaviour of the proposed connection.  

5.2 Proposed post-tensioned (PT) connection 

The proposed connection consists of a shear key combined with a post tensioned tie rod which 

is located inside of the hollow steel sections (HSS) that form the module columns. The 

conceptual detail is illustrated in Figure 5.1. The shear key component is made up of an upper 

and lower square hollow section, each of which is shop welded to a plate (P1). The plate P1 

has a central hole to allow a threaded rod to pass through. An access opening is provided in 

the module columns, and a plate P2 is shop welded within each of the columns as shown. 

During site assembly, the shear key component is placed in the lower module column, and the 

lower module is lifted and installed in its final location within the overall structure. Then, the 

upper module is lifted and placed on top of the lower module with the shear key serving to 

locate the upper module in position as it is lowered by the crane. Once the upper module is 

                                                      
1 The related work in Chapter 5 was published in the Journal of Constructional Steel Research: 

Lacey AW, Chen W, Hao H, Bi K, Tallowin FJ. Shear behaviour of post-tensioned inter-module 
connection for modular steel buildings. J Constr Steel Res. 2019;162:105707. 
https://doi.org/10.1016/j.jcsr.2019.105707 

 

https://doi.org/10.1016/j.jcsr.2019.105707
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placed, the opening in the HSS column wall allows the tie rod to be installed and tensioned 

from inside the modules.  

 
Figure 5.1. Proposed post-tensioned (PT) inter-module connection 

The proposed connection offers a simple detail which may be considered visually appealing 

because the majority of the connection components are hidden from external view. The access 

opening provided in the column wall allows the tie rod to be installed from inside the module 

such that the requirement for working at heights during site installation is reduced. If 

disassembly of the structure is considered, the module may be simply relocated after the tie 

rod component is removed.  

Regarding the potential disadvantages, the present detail allows for only vertical connection 

between modules. A detail which provides horizontal connection could be devised, however, 

this is beyond the scope of the present study. The detail has potentially awkward shop welding 

details where the plate is welded inside of the hollow section. The welding process was found 

to be reasonable for the column size adopted in the following experimental study (75 mm). 

The use of a single tie rod may require a large diameter rod which may be difficult to tension. 

To allow for tensioning of the tie rod during site installation, access openings are required in 

the internal finishes of the module and in the steel column wall. Care should be taken in the 

selection of the opening size to permit access to tension the rod, and ensure the strength of the 

column is not compromised.  

Inter-module connections with access holes may be classified as semi-rigid connections, 

allowing a stable cyclic frame response with large deformation capacity [53]. However, the 

reduction in the loading capacities of the steel hollow section column must be considered in 

design. The opening shape may be refined to limit stress concentrations and suit the tensioning 

procedure. In addition, cover plates may be provided to enhance the visual appearance, protect 
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the connection components from the elements, and strengthen the column as required. It 

should be noted that the access openings may be eliminated completely if the tensioning rod 

extends the full building height with the use of couplers, as in the work of Zheng et al. [207]. 

However, this would require external access during site assembly and the protruding tie rods 

may pose a safety issue. Overall, the proposed connection offers significant advantages, which 

outweigh the disadvantages.  

5.3 Experimental study 

5.3.1 Method and specimens 

To investigate the behaviour of the proposed connection, an experimental program was 

performed at Curtin University. Six connection specimens were prepared with varying surface 

finish, torque controlled threaded rod preload and contact surface area as shown in Table 5.1. 

Table 5.1. List of connection specimens and associated parameters 

The specimens were prepared to be loaded in compression using a Shimadzu 300kN universal 

testing machine (UTM), as shown in Figure 5.2. Each specimen consisted of an inner part and 

two outer parts. As shown in Figure 5.3(b) the inner part had a central plate (P1) with an inner 

SHS welded on either side. The inner SHS had an outer width of 59 mm and was fabricated 

from 6 mm thick plate, and P1 was fabricated from 8 mm thick plate with a central 24 mm 

diameter hole through which the M20 threaded rod passed. As shown in Figure 5.3(a), each 

outer part had a plate (P2) with a 75x75x6 SHS welded on one side. P2 was fabricated from 

12 mm thick plate and had a 24 mm diameter hole through which the M20 threaded rod passed. 

The P2 plates were welded externally to the 75x75x6 SHS. This allowed an easier external 

fillet weld between P2 and the 75x75x6 SHS for the experimental specimens, without 

significantly affecting the shear behaviour. Prior to loading, the inner and outer parts were 

assembled by inserting the M20 threaded rod through, and tensioned by tightening the M20 

nut on one end. One at a time, the specimens were placed into the UTM with the two outer 

SHSs supported on the lower compression plate via two steel bearings, and load applied by 

the top compression plate to the central plate P1. A maximum load of 200 kN was applied, 

Specimen Surface Finish µm Torque (Nm) Preload (kN) Contact Surface Area 

NSB-150 Clean mill scale 0.31 150 45 Standard (1530 mm2) 

NSB-250 Clean mill scale 0.31 250 81 Standard (1530 mm2) 

Sa3-150 Sa3 sand blast 0.55 150 45 Standard (1530 mm2) 

Sa3-250 Sa3 sand blast 0.55 250 81 Standard (1530 mm2) 

Sa3-150-IA Sa3 sand blast 0.55 150 45 Increased (3474 mm2) 

Sa3-250-IA Sa3 sand blast 0.55 250 81 Increased (3474 mm2) 
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starting from zero and increasing at a rate of 0.15 kN/s. A nominal 4 mm gap was provided 

between the inner and outer SHSs such that the applied load was initially resisted by friction 

between the outer SHSs and the central plate P1.  

 
Figure 5.2. Setup for experimental testing 

 
Figure 5.3. Illustration of standard specimen assembly showing (a) outer part and (b) 

inner part 
All dimensions in mm. 

All the specimens used the same steel materials, namely 75x75x6 C350 hollow steel sections, 

grade 350 hot rolled plates, and property class 8.8 threaded rods. 6 mm fillet welds were 

adopted generally as shown in Figure 5.3 and Figure 5.4, and the minimum nominal tensile 

strength of the weld metal was specified as 430 MPa. The contact surface area was increased 

by welding 6 mm thick plate around the outside of the outer SHSs as shown in Figure 5.4. This 

increased the apparent contact area from 1530 mm2 for the 75x75x6 SHS to 3474 mm2 for the 

SHS plus plate section. 
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Before testing the specimens were assembled and the tie rods were tensioned using a torque 

wrench (Figure 5.5a). During tensioning, the specimen was clamped with acrylic shims to 

ensure the correct positioning of the inner hollow section (Figure 5.5). The inner hollow 

section was positioned to give the maximum gap of 4 mm between the inner and outer hollow 

sections nearer the lower compression plate of the UTM (Figure 5.5c). This ensured that the 

connection was operating in friction mode at the start of the test.  

 
Figure 5.4. Illustration of specimen assembly with increased contact area 

All dimensions in mm. 

 
Figure 5.5. Assembly of test specimens 
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5.3.2 Slip factor 

Slip factor testing was conducted in Chapter 4 following the method given in Annex G of EN 

1090-2 [150]. Fifteen specimens were tested with three different surface finishes – clean mill 

scale, and sand blasted grade Sa1 and Sa 3 to Australian standard AS 1627.4 [193]. The clean 

mill scale surface specimens gave a mean slip factor of 0.3146 with a standard deviation of 

0.024. The Sa 3 sand blasted specimens gave a mean slip factor of 0.5525 with a standard 

deviation of 0.040. Further details on the slip factor testing are provided in Chapter 4.  

5.3.3 Torque controlled preloading 

Assembly tests were completed to determine the relationship between the torque applied to 

the nut and the resulting preload in the threaded rod. A custom 200 kN barrel load cell was 

used to measure the load in the threaded rod. Prior to the assembly test, the load cell was 

calibrated using a Shimadzu AGS-300kNX universal testing machine (UTM). The load cell 

was placed in the UTM and a compression load applied. The load cell signal was recorded for 

selected force values. The resulting linear fit was used to determine the force measured by the 

load cell based on the output signal. The linear fit was then checked by loading from 0 to 200 

kN at a rate of 1 kN/s using the UTM. Figure 5.6 plots the UTM force against the 200 kN 

barrel load cell force, showing a reasonable match between the two. For example, Figure 5.7 

shows the percentage error calculated relative to the UTM measurement, which was 

designated Class AA to AS 2193 [208] indicating a maximum error of ± 0.5 %. As shown, the 

percentage error inherent in the linear fit was approximately 16 % for a force of 45 kN, and 

3.3 % for a force of 81 kN. In the following assembly tests, the forces measured with the barrel 

load cell were corrected for the known percentage error, such that only the repeatability error 

remained.  

 
Figure 5.6. Plot of force measured by custom barrel load cell against force measured 

by universal testing machine (UTM) load cell 
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Figure 5.7. Percentage error in custom barrel load cell force calculated with respect to 

the UTM load cell force 

The setup for the assembly test is illustrated in Figure 5.8. A length of M20 threaded rod was 

held in a vice by the lower nuts. Rotation of the rod was restricted using two nuts tightened 

against one another. Additional tests were completed in which the lower nut was welded to 

the threaded rod to ensure rotation of the rod was not permitted. The custom load cell was 

positioned in between the lower and upper nuts. During the test the upper nut was tightened 

using a click type torque wrench (Sidchrome ½” drive, 30-270 Nm). The rod force and nut 

rotation were recorded for each applied torque value. Figure 5.9 shows an example of the 

variation of the rod force with time. The applied torque values are labelled at the relevant 

times. 

 
Figure 5.8. Setup for threaded rod assembly test using custom load cell 

Figure 5.10 shows the average rod force plotted against the applied torque. An initial torque 

of 40 Nm was applied to snug tighten the nut. A peak rod force was reached as the nut was 

tightened, after which the rod force slightly decayed. Figure 5.10 plots the sustained rod force, 

which is the force approximately sixty seconds after the torque was applied. The sustained 

value gives an indication of the rod force applicable in the following connection shear tests. 

Considering a torque of 250 Nm the mean rod load was 81 kN with a standard deviation of 2.7 

kN. For a torque of 150 Nm the mean rod load was 45 kN with a standard deviation of 2.3 kN.  
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Figure 5.9. Example plot of load cell measured rod force against time 

 
Figure 5.10. Plot of rod force against torque 

5.3.4 Results and analysis 

Vertical displacements were calculated based on the images recorded throughout the test. The 

Matlab program, ncorr [198, 209], was adopted for the digital image correlation (DIC) used to 

evaluate the displacements. The accuracy of the DIC method has been verified with reference 

to strain gauge measurements in the works by Yuan et al. [199, 200, 210]. As an example, 

Figure 5.11 shows the vertical displacements obtained for specimen NSB-150 at the nominated 

time increment. For each time increment the vertical displacements were extracted at the points 

P1 to P3 as illustrated in Figure 5.11. The displacements at points P1 and P3 were averaged 

and subtracted from the displacement at point P2 to obtain the relative displacement, which is 

referred to as the slip. This was repeated for each time increment to produce the force-slip plot 

for each specimen as shown in Figure 5.13 and Figure 5.14. 
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Figure 5.11. NSB-150 vertical displacement (mm) at t=295s (46 kN) showing location of 

displacement measurements for calculation of slip 

For the standard slip factor test given in Annex G of EN 1090-2 [150], the slip load is typically 

taken to occur at a slip displacement of 0.15 mm (iii), unless there is an earlier peak (i) or 

sudden slip (ii), as illustrated in Figure 5.12. Following a similar approach, the slip load was 

determined for each specimen based on the experimental force-slip curves. In Figure 5.13 and 

Figure 5.14 a star symbol (☆) is used to denote the location of the slip load on the force-slip 

curve, and the method used to identify the location is noted. For example, Figure 5.13(a) shows 

the slip load for NSB-150 was identified by the change in the slope of the force-slip curve, in 

addition to review of the DIC displacements, which was also used for the specimens shown in 

Figure 5.13(b, c) and Figure 5.14(a, b). In comparison, Figure 5.13(d) shows the slip load for 

Sa3-250 was identified as the peak value in the force-slip curve. Figure 5.13(d) also shows a 

low initial slope of the force-slip curve for Sa3-250 which was caused by rotation of the 

specimen, and is discussed further in Section 5.5. For each specimen the slip load represents 

the point at which there was a sudden change in the slope of the experimental force-slip curve. 

Table 5.2 gives a summary of the slip load and the corresponding relative displacement when 

the slip occurred. 

 
Figure 5.12. Force-slip behaviours in slip factor test 

Adapted from [138, 182]. 

  



116 

 

(a) NSB-150 

 

(b) NSB-250 

 

(c) Sa3-150 

 

(d) Sa3-250 

 

Figure 5.13. Experimental force-slip plots showing slip load (☆) 
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(a) Sa3-150-IA 

 

(b) Sa3-250-IA 

 

Figure 5.14. Experimental force-slip plots showing slip load (☆) 

Table 5.2. Experimental slip load and corresponding relative displacements 

Comparing the slip loads between the specimens, the following observations were made with 

respect to the effect of the bolt preload, contact area, and surface finish. Increasing the preload 

from 45 to 81 kN increased the slip load from 40.8 to 70.7 kN (73%) for the plain surface 

finish (NSB), 48.4 to 92.6 kN (91%) for the Sa 3 finish, and 52.4 to 95.7 kN (83%) for the Sa 

3 finish with increased surface area. Increasing the apparent contact area from 1530 to 3474 

mm2 increased the slip load from 48.4 to 52.4 kN (8.2%) for Sa3-150, and 92.6 to 95.7 kN 

(3.4%) for Sa3-250. The Sa 3 surface finish gave a slip load that was increased from 40.8 to 

48.4 kN (19%) for the 45 kN preload, and 70.7 to 92.6 kN (31%) for the 81 kN preload, 

compared to the clean mill scale surface. The results showed that the slip load was significantly 

Specimen Slip Load (kN) Slip (mm) 

NSB-150 40.8 0.106 

NSB-250 70.7 0.0616 

Sa3-150 48.4 0.0605 

Sa3-250 92.6 0.0781 

Sa3-150-IA 52.4 0.0377 

Sa3-250-IA 95.7 0.0514 
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affected by the preload and the surface finish. In contrast, the apparent contact area had a 

relatively small effect on the slip load. Discussion on the cause of these observations is 

provided in Section 5.4.3 (p.121). 

After testing, the specimens were disassembled to examine the faying surfaces. For the central 

plate P1, wear was identified as the shiny smoothed areas in the shape of the contacting outer 

SHS. This is shown in Figure 5.15 for the NSB-250 (b), Sa3-250 (d) and Sa3-250-IA (f) 

specimens. For the NSB specimens, the clean mill scale layer was not damaged (Figure 5.15b). 

For the specimens with increased contact area, e.g., Sa3-250-IA, deformation of the outer SHS 

could be seen in the smoothed surface left on the central plate P1, as shown in Figure 5.15(f). 

For the outer SHS, wear was mostly observed at the top, where load was applied to the central 

plate by the testing machine compression plate. Similar to the central plate, the wear generally 

presented as shiny smoothed areas. Fine tracks were observed on the surface of the outer SHS 

for some specimens, which appeared to have been ploughed by the high points at the interface. 

Ploughed tracks are evident in Figure 5.15(a) and (c) for the NSB-250 and Sa3-250 specimens, 

respectively.  

5.4 Discussion and evaluation of experimental results 

5.4.1 Accuracy 

The preload was controlled using the torque tightening method, wherein the preload was 

related to the torque applied to the nut by a torque wrench. This method of preloading is 

commonly used internationally [192]. In Australia, however, use of this method is less 

common because of uncertainty in the reliability of the method when applied to locally 

available materials [192]. An indication of the expected accuracy can be found in the standard 

texts. For example, the Machinery’s Handbook [211] gives an indicative accuracy of ± 25 % 

for the torque method. As shown in Section 5.3.3 (p.112), for the 250 Nm applied torque, the 

mean preload was 81 kN with a standard deviation of 2.7 kN, which gave a 95 % confidence 

interval of 81 kN ± 3.8 %. For the 150 Nm torque, the 95 % confidence interval was 45 kN ± 

5.8 %. Overall, in the present study, an accuracy of ± 5.8 % was achieved using the torque 

method for preloading of the threaded rod. In comparison with the suggested accuracy of ± 25 

% for the torque method [211], the achieved accuracy of ± 5.8 % demonstrates good control 

of the preload during the experiments.  
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Figure 5.15. Photos of faying surfaces after testing 

In Chapter 4, slip factor testing was completed to establish the slip factor for the G350 steel 

plate interfaces. The mean slip factor for the clean mill scale surface was 0.3146, and the 

standard deviation was 0.02365, based on nine measurements of the slip load (Table 4.3, p.90). 

The 95% confidence interval for the mean slip factor can be given as [212] 

 1.96 1.96m m
s s
n n

µ µ µ− < < + , (5.1) 

where µm is the mean slip factor from the nine samples, s is the sample standard deviation, and 

n is the number of samples. Following Equation (5.1) the 95% confidence interval for the clean 

mill scale surface can be given as 0.31 ± 0.015, or 0.31 ± 4.9% expressed as a percentage of 

the mean. Similarly, the 95% confidence interval for the Sa 3 sand blasted surfaces can be 

given as 0.55 ± 5.6 %.  

The variation of the slip factor was due mainly to variation of the bolt preload and the surface 

profile. For further analysis it is desirable to estimate the proportion of the slip factor variation 



120 

which was due only to the surface profile. This requires an estimate of the variation of the bolt 

preload. The bolt preload for the slip factor tests was torque controlled based on a manufacturer 

supplied k-factor (Equation (4.1)). The mean k-factor for the M16 bolts used for the slip factor 

tests (§4.3.3, p.82) was 0.136, and the coefficient of variation was 0.044, based on five 

assembly tests completed by the manufacturer in accordance with EN 14399-2 [213]. The 

standard deviation was therefore 0.0060, and the 95% confidence interval was ± 3.9% of the 

mean. This gives an indication of the uncertainty of the preload in the slip factor tests. Given 

that the slip factor was calculated as a ratio between the slip load and preload, the variation 

due to the surface profile for the clean mill scale specimens can be estimated using the 

confidence intervals as [214] 

 ( ) ( )2 20.049 0.039 3.0%− = ± , (5.2) 

where 0.049 represents the confidence interval for the slip factor, and 0.039 represents the 

confidence interval for the preload. Similarly, for the Sa 3 sand blasted specimens, the 

variation due to the surface profile can be estimated as 

 ( ) ( )2 20.056 0.039 4.0%− = ± . (5.3) 

Finally, the uncertainty in the slip load for the post-tensioned connection specimens can be 

estimated by combining the variation of the rod preload with the variation of the surface 

profile. Hence, the maximum uncertainty was estimated as 

 ( ) ( )2 20.058 0.040 7.0%+ = ± , (5.4) 

where 0.058 represents the confidence interval for the rod preload resulting from the 150 Nm 

torque and 0.040 represents the confidence interval for the sand blasted surface slip factor. 

Similarly, for the specimen with a clean mill scale surface and 81 kN preload, i.e., NSB-250, 

the variation of the slip load was estimated as 

 ( ) ( )2 20.038 0.030 4.8%+ = ± . (5.5) 

This uncertainty should be considered when evaluating the effect of the investigated 

parameters of preload, slip factor and contact area in the following sections. 

5.4.2 Load-slip behaviour 

The load-slip curves given in Figure 5.13 (p.116) and Figure 5.14 (p.117) generally show a 

consistent behaviour. As the load was applied, the slip gradually increased as a result of small 

relative displacements between the central plate and the outer SHS. The applied load slowly 

increased at a rate of 0.15 kN/s until the friction resistance was exceeded and there was a large 
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slip. After this major slip a peak and corresponding reduction in force can be seen in the load-

slip curve which can be attributed to the difference between the static and kinetic friction 

coefficient for the faying surfaces. The slip then continued to increase with little change in the 

force until the bolt hole tolerance of approximately 4 mm was reached. For the increased area 

specimens, the load-slip behaviour was recorded into the bearing phase. At approximately 4 

mm, the inner SHS came into contact with the outer SHS causing a sudden increase in the 

load-slip stiffness. The tests were stopped in this bearing phase.  

Initially, load applied to the specimen was resisted by friction between the central plate and 

the outer SHSs. As the applied load was increased, some rotation of the outer SHSs was 

permitted, due to the offset of the lower bearings (see Figure 5.16). This had the effect of 

increasing the normal force at the top of the specimen, and reducing it at the bottom of the 

specimen. Given that friction resistance increases with increasing normal force, the upper 

faying surfaces resisted a greater portion of the applied load, resulting in more wear in this 

area.  

 
Figure 5.16. Illustration of normal force variation due to offset bearing support 

5.4.3 Slip Load 

Clean mill scale surfaces generally have a lower slip factor which is the result of a smooth 

surface in combination with reduced adhesion caused by the separation of the steel substrates 

[201, 202]. In comparison, sand blasted surfaces generally have a higher slip factor, which is 

caused by sharper asperities which can interlock, providing greater resistance to tangential 

movement [201]. These general statements are supported by the results of the present study, 

where the slip load for the sand blasted surface was increased for each of the sand blasted 

specimens, compared with the clean mill scale specimens, as shown in Figure 5.17(a). 

Considering the effect of the bolt preload directly, the results showed that increasing the 

preload significantly increased the slip load for each of the specimens as shown in Figure 

5.17(b). Increasing the apparent contact area also increased the resulting slip load as shown in 

Figure 5.17(c). Increasing the contact pressure reduces the effective slip factor due to 
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flattening of the surface asperities [149, 187]. Increasing the contact area effectively reduced 

the contact pressure in the experiments thereby increasing the slip factor and, hence, the slip 

load. However, the increase in the slip load was relatively small. The 8.2 % increase in the slip 

load for the Sa3-150 specimen is not significant considering the accuracy discussed in Section 

5.4.1 (p.118).  

(a) Slip factor 

 

(b) Preload 

 

(c) Contact area 

 

Figure 5.17. Effect of slip factor (a), preload (b) and contact area (c) on the 
experimental slip load 

5.5 Numerical simulation 

Numerical simulations were completed to extend the results of the experimental program. A 

finite element model was developed using ABAQUS. Two geometries were defined, one for 

the standard specimen (Figure 5.18a), and the other for the specimen with increased contact 

area (Figure 5.18b). As shown in Figure 5.18, one quarter of the geometry was defined due to 

the symmetry about the XY and ZY planes. In the numerical simulations, the slip was 

calculated as the relative displacement between the central plate P1 and the outer hollow 

section, in the same way as for the experimental analysis (§5.3.4, p.114). 
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Figure 5.18. Numerical model for (a) standard specimen and (b) increased contact 

area specimen 

5.5.1 Material properties 

The stress strain properties for the steel materials were defined based on the quad-linear profile 

proposed by Yun et al. [203]. The elastic modulus and Poisson’s ratio were defined as 200 

GPa and 0.25 respectively [139]. The associated material properties are shown in Table 5.3.  

Table 5.3. Material properties 

5.5.2 Interaction and contact 

The numerical analysis consisted of three steps. The contact interactions were applied in the 

first step. The penalty friction formulation was adopted for the tangential behaviour in the 

ABAQUS numerical model. Hard Contact with the Penalty enforcement method was adopted 

for the normal behaviour. In the second step, the bolt load was defined using the applied force 

Description Steel grade 
Thickness 
[mm] 

Minimum 
yield stress 
(MPa) 

Minimum 
tensile strength 
(MPa) 

Minimum 
elongation 
(%) 

Orrcon Steel hollow 
section, AS/NZS 1163 

C350L0 6 350 430 12 

Bearing support, 
AS/NZS 3679.1 

300 ≤50 300 440 22 

Bluescope Xlerplate, 
AS/NZS 3678 

350 ≤12 360 450 20 

Hobson Precision 
Sampsonrod M20 
threaded rod 

Class 8.8  660 800 12 
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method. In the third step, the bolt length was fixed, and the shear force was applied to the 

central plate surface as shown in Figure 5.19.  

 
Figure 5.19. Loading and boundary conditions 

The penalty method, which was adopted for the tangential behaviour, allows relative motion 

between the surfaces prior to slip [206]. The maximum slip permitted when the surfaces should 

be sticking is known as the elastic slip (γcrit). This is shown in Figure 5.20 which presents the 

frictional shear stress plotted against the relative displacement, or total slip, between the 

surfaces. Two parameters are required to define the friction behaviour. First, the friction 

coefficient is required to define the critical shear stress at which the surfaces will slide, which 

is given as 

 crit pτ µ= , (5.6) 

where µ is the friction coefficient and p is the contact pressure. Following Equation (5.6), τcrit 

depends on the contact pressure, the distribution of which may depend on the geometry and 

relative material strengths in a nonlinear model. Second, the elastic slip is required to define 

the maximum slip in the sticking phase. The elastic slip is analogous to the minor relative 

displacement between surfaces due to local displacement of the surface profile. The elastic 

slip therefore depends on the surface profile and the material strength. As shown in Figure 

5.20 the stiffness in the sticking stage is given as 

 
,

crit
s i

crit

k
τ
γ

= . (5.7) 

Since the critical shear stress depends on the contact pressure, the stiffness varies throughout 

the analysis [215]. The elastic slip (γcrit) values for the contact between P1 and the outer SHS 

in the present numerical model were determined by comparison with the experimental results, 

which is described in the following numerical calibration (§5.5.4). For the contact between the 

bearing support and the outer SHS the friction coefficient was set as 0.3, and the elastic slip 

was taken generally as 0.001 mm [205]. The lower friction coefficient reflected the smoother 
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surface of the bearing which was in contact with the painted surface of the outer SHS. For 

contact between the galvanised bolt, which was integrally modelled with the nut and washer, 

and the plate P2, the friction coefficient was set as 0.05 [216]. In the case of contact between 

the bolt shank and the plates P1 and P2, the tangential behaviour was taken to be frictionless 

[204]. 

 
Figure 5.20. Plot of frictional shear stress against total slip [206] 

5.5.3 Mesh convergence 

The mesh consisted of first order 8-node linear brick elements. The mesh convergence was 

investigated by conducting simulations with nominal mesh sizes of 8, 4, and 2 mm for the 

specimen Sa3-150-IA (Figure 4.19). As shown in Figure 4.20 the overall shape of the load-

slip curve was not sensitive to the mesh size. Three clear stages are shown, including the initial 

stage prior to slip, the slip stage, and the post-slip increase in stiffness due to bearing between 

the steel parts. Focussing on the initial stage (Figure 4.20a) the 4 mm mesh size gave a 

sufficiently accurate load-slip curve for the transition into the slip stage. For the bearing stage 

(Figure 4.20b) the smaller mesh sizes provided a better representation of the curved shape of 

the bolt and inner hollow section giving a more accurate point of contact between the curved 

elements. Again, the nominal 4 mm mesh size was found to be sufficient.  

 
Figure 5.21. Mesh sizes of (a) 8, (b) 4, and (c) 2 mm 
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Figure 5.22. Numerical load-slip curves for varying mesh size 

5.5.4 Numerical calibration 

To calibrate the numerical model, the friction coefficient and elastic slip were input based on 

the experimental results. For the NSB specimens the slip factor test result (0.3146) was not 

directly applicable due to the difference in the faying surface condition for the connection 

specimens in comparison with the slip factor test specimens. In the slip factor tests the natural 

steel surfaces formed the faying surfaces, as shown in Figure 5.23(b). For the connections, the 

sliding interfaces were made up of a natural plate surface and the cut surface of a square hollow 

section, as shown in Figure 5.23(a). While the plate surface was similar to the surface in the 

slip factor tests, the cut surface of the hollow section was different. During fabrication the 

hollow sections were cut and the surface was prepared with a milling machine as required. 

This produced a surface free of mill scale, and with a repeated pattern of ridges as shown in 

Figure 5.5(c) (p.111). The lack of mill scale and the rougher patterned surface profile resulted 

in a higher effective friction coefficient for the NSB connection specimens. The friction 

coefficient for the NSB specimens was more accurately estimated as 0.5 based on the 

experimental data. The friction coefficient of 0.5 gave a good match between the numerical 

and experimental results for both cases under different preloads, as shown in Figure 5.24(a). 

For the Sa3 and Sa3-IA specimens, however, the sand blasting process gave a more uniform 

controlled surface which was consistent with the slip factor testing. The friction coefficient 

was, therefore, input as 0.5525 based on the slip factor tests (Table 4.3, p.90), resulting in a 

good match to the experimental results as shown in Figure 5.24(b,c).  

The elastic slip values were determined by iteration, adjusting the elastic slip in the numerical 

model and matching the resulting initial stiffness of the force-slip curve with the experimental 

result. The elastic slip for the two NSB specimens was 0.05 mm which gave a good match to 

the initial stiffness from the experiments as shown in Figure 5.24(a). The elastic slip for the 

four sand blasted specimens was 0.045 mm. The initial stiffness was matched reasonably well 
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to the experimental results as shown in Figure 5.24(b,c). However, the initial stiffness from 

the experiments varied between the specimens. Although care was taken in the fabrication and 

assembly, the specimens were not identical. Instead, the fabrication and assembly tolerance 

varied across the specimens, resulting in a subtle variation in the resulting force-slip behaviour. 

For example, the central plate may have been slightly rotated in plane relative to the applied 

load, either due to misalignment of the outer hollow sections (Figure 5.25a) or due to the angle 

of the cut surface of the hollow section (Figure 5.25b). This would have resulted in an unequal 

distribution of load between the faying surfaces giving a lower initial slip load and hence load-

slip stiffness. For example, Figure 5.24(b) shows a low initial slope for the Sa3-250 

experimental force-slip curve which is not well matched to the numerical result. At a later 

stage of the curve, however, the slope increases as the specimen firmly contacts the two 

bearings and the slope is closer to the numerical result. Similarly, the central plate may have 

been rotated out of plane (Figure 5.25c) affecting the vertical displacements and, hence, load-

slip behaviour recorded. In the final calibration the numerical result gave a slightly larger 

initial stiffness for the Sa3 specimens, and a slightly smaller stiffness for the Sa3-IA 

specimens, compared with the experimental results. Overall, a reasonable match was achieved 

for the four sand blasted specimens using an elastic slip of 0.045 mm. However, the calibration 

process highlights the sensitivity of the inter-module connection to the alignment. It is, 

therefore, suggested that biaxial shear be considered in future works to resolve this aspect of 

the behaviour. 

 
Figure 5.23. Illustration of faying surfaces in (a) connection specimens and (b) slip 

factor test specimens 
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(a) NSB 

 

(b) Sa 3 
* Low initial slope of Exp. (Sa3-
250) due to specimen rotation. 

# Slip of Exp. increases matching 
Num. (Sa3-250) 

 

(c) Sa3-IA 

 

Figure 5.24. Comparison between numerical and experimental force-slip curves 

The smaller elastic slip for the sand blasted specimens gave a larger initial force-slip stiffness 

which may be explained by the difference in the surface profile. For rougher sand blasted 

surfaces, interlock of the asperities may restrain local displacement until the applied force is 

sufficient to force the asperities over or through each other leading to slip. However, the 

difference in the elastic slip for the NSB (0.05 mm) and Sa3 (0.045 mm) specimens was 

relatively small. For engineering design purposes it may be sufficient to adopt the larger elastic 

slip (0.05 mm) which corresponds with the smaller initial stiffness.  
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Figure 5.25. Illustration of possible specimen variation due to fabrication and 

assembly tolerances 

5.6 Theoretical verification and proposed load-slip model 

5.6.1 Prediction of slip load according to existing standards 

The slip resistance of a friction-type connection, assuming equal preload in all of the bolts, is 

calculated as [187] 

 slip ts bF n Nnµ= , (5.8) 

where µ is the slip factor, ns and nb are the number of slip planes and bolts respectively, and 

Nt is the bolt preload. This general formula for the slip resistance is adopted by the existing 

standards, for example AS4100 [139]. Using this formula the slip resistance can be calculated 

for each of the specimens as shown in Table 5.4. The percentage error is given which is the 

error in the estimated slip load in comparison with the experimental slip load. The existing 

empirical formula (Equation (5.8)) gives a good estimate of the slip resistance for the sand 

blasted (Sa 3) specimens. The greatest percentage difference between the experimental and 

estimated slip load for the sand blasted specimens is -6.5 %, which is less than the estimated 

uncertainty in the experimental slip load which is ± 8.6 % as shown in Section 5.4.1 (p.118). 

For the plain mill scale specimens, i.e., NSB-150 and NSB-250, the estimated slip resistance 

is substantially less than the experimental value. This is explained by the difference in the 

faying surface condition for the connection specimens, in comparison with the slip factor test 

specimens as explained in Section 5.5.4 (p.126).  
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Table 5.4. Experimental and estimated slip resistance 

5.6.2 Comparison with existing connections 

To demonstrate the improvement in initial stiffness offered by the proposed connection, two 

existing inter-module connections were selected for comparison. The two selected studies 

reported the force-slip behaviour of the inter-module connection allowing direct comparison 

with the results of the present study. The first selected connection was previously presented 

by Styles et al. [50]. It consisted of a 300x200x6 RHS C350 column with 370x410x25 mm 

G350 end plates, and a total of eight M24 class 10.9 structural bolts, as shown in Figure 

5.26(a). The relevant preload of 247 kN was considered in the ANSYS numerical simulation 

using PREST179 elements which were located in the middle of the bolt shank. The second 

selected connection was previously presented by Gunawardena [33]. It consisted of 

150x150x9 SHS C350 columns, 25 mm thick G350 end plates, and M12 or M16 class 8.8 

structural bolts, as shown in Figure 5.26(b). Three different connection geometries were 

considered. One connection had M12 bolts with 14 mm round holes (TG1), another had M16 

bolts with 18 mm round holes (TG2), and the other had M16 bolts with 18x26 mm slotted 

holes (TG3). The bolt preloads for the M12 and M16 bolts were 31.8 and 59.2 kN, respectively.  

 
Figure 5.26. Illustration of existing inter-module connections from the work of (a) 

Styles et al. [50] and (b) Gunawardena [33] 

Specimen 
Experimental Slip 
Load, Fslip,exp (kN) 

µm 
Nt 
(kN) 

Estimated 
slip load 
Fslip,est (kN) 

( ), ,exp

,exp

slip est slip

slip

F F
F
−

 (%) 

NSB-150 40.8 0.3146 45 28.3 -30.7 

NSB-250 70.7 0.3146 81 51.0 -28.0 

Sa3-150 48.4 0.5525 45 49.7 2.71 

Sa3-250 92.6 0.5525 81 89.5 -3.36 

Sa3-150-IA 52.4 0.5525 45 49.7 -5.11 

Sa3-250-IA 95.7 0.5525 81 89.5 -6.52 
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Figure 5.27 plots the experimental results from the present study against the results for the two 

selected inter-module connections from the previous studies [33, 50]. Figure 5.27(a) compares 

the present results with the numerical results published by Styles et al. [50]. Figure 5.27(b) 

compares the present results with the experimental results from the previous study by 

Gunawardena [33]. On the y-axis the force is normalised by dividing by the slip resistance 

which is estimated based on Equation (5.8). Slip at a normalised force less than one therefore 

indicates a relatively low slip resistance. The plots show that the proposed PT connection has 

greater initial load-slip stiffness than either of the existing IMCs.  

(a) 

 

(b) 

 

Figure 5.27. Comparison of the present experimental results with data for the existing 
inter-module connections presented by (a) Styles et al. [50] and (b) Gunawardena [33] 

5.6.3 Load slip model 

Based on the experimental and numerical results, a shear load-slip model is proposed for the 

new inter-module connection as shown in Figure 5.28. The proposed model differs from the 

existing model (Figure 2.23, p.39) in the first stage (OP). In the proposed model the initial 

load-slip behaviour is modelled by the exponential function 

 
( ) 1 exp dF d A

B
 −  = −     

, 
(5.9) 

where F (kN) is the applied load, d (mm) is the slip, and A (kN) and B (mm) are parameters. 
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This exponential function is chosen to match the experimental behaviour, and better represents 

the initial load-slip stiffness than the linear behaviour assumed in the existing model (Figure 

2.23, p.39). Equation (5.9) applies generally in the initial friction/slip stage, i.e., 0 ≤ d ≤ dP 

where dP is the bolt hole tolerance, and the parameters A and B, which control the slip 

resistance and initial stiffness, may be calibrated based on experiments. It should be noted, 

however, that Equation (5.9) is a simplified model which is not able to capture the effect of all 

factors affecting the force-slip curve. For example, if the faying surfaces are damaged as they 

slide over one another there may be a corresponding increase in the friction coefficient, 

resulting in an increase in the slip resistance which is not captured by Equation (5.9). The 

second and third stages, i.e., PQ and QR are the same as in the existing model (Figure 2.23, 

p.39). PQ represents the bearing stage in which the stiffness can be calculated based on the 

combined shear and bending stiffness of the outer and inner hollow sections. Q is the failure 

point which represents the ultimate shear strength of the connection and may be estimated 

based on the existing design standards considering the typical failure modes. The failure modes 

include, for example, shear yield of the weld between the inner SHS and the central plate, 

combined bending and shear of the inner and outer SHS, and local bearing failure of the outer 

and inner SHS. 

 
Figure 5.28. Proposed shear force-slip model 

To demonstrate the application of the proposed model, the exponential function (Equation 

(5.9)) is fitted to the experimental data. Figure 5.29 shows the resulting curves fitted to the 

experimental data for the NSB (a), Sa3 (b) and Sa3-IA (c) specimens. Figure 5.29(d) shows 

the fitted curves for all of the specimens, to allow direct comparison. Figure 5.29 generally 

shows a good fit to the experimental data. For the sand blasted specimen Sa3-250, the fitted 

curve does not match the experimental data well. This is due to the variation in the load-slip 

stiffness caused by the fabrication tolerance as discussed in Section 5.5.4 (p.126). 
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(a) NSB 

 

(b) Sa3 

 

(c) Sa3-IA 

 

(d) All Specimens 

 

Figure 5.29. Exponential fit to experimental data for (a) NSB, (b) Sa3, (c) Sa3-IA, and 
(d) all of the specimens 
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5.6.4 Effect of slip factor and bolt preload 

To investigate the effect on the initial load-slip behaviour, the slip factor and preload were 

varied in the numerical model for the standard connection geometry (Figure 5.3, p.110). The 

slip factor was varied from 0.2 to 0.6, and the preload from 50 to 145 kN. The elastic slip was 

set as 0.05 mm following the numerical calibration (§5.5.4, p.126). The proposed exponential 

function (Equation (5.9)) was fitted to each numerical load-slip curve giving the parameters A 

and B. A was found to depend on the slip factor and preload. A curve was fitted to the A values 

which showed that A may be estimated as 

 ( , ) 1.97t tA N Nµ µ≈ , (5.10) 

where Nt (kN) is the preload and µ is the slip factor. This can be recognised as the standard 

equation for the slip resistance of friction-type connections (Equation (5.8), p.129). In this case 

there was one bolt and two slip planes such that A may be more accurately estimated as 

 ( , ) 2slit s ttbpF nA N n NNµµ µ== = . (5.11) 

Figure 5.30 applies this empirical formula (Equation (5.11)) and shows a linear relationship 

for the selected preload and slip factor values. The numerical data used for the curve fit is also 

shown. 

(a) Slip factor 

 

(b) Preload 

 

Figure 5.30. Variation of parameter A with (a) slip factor and (b) preload 
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Figure 5.31 presents the variation of B with the slip factor (a) and the bolt preload (b). The 

parameter B is shown to be approximately constant. The value of B from the numerical 

analyses ranged from 0.035 to 0.039 mm. For engineering design purposes, a value of 0.04 

mm can be recommended for B. 

(a) Slip factor 

 

(b) Preload 

 

Figure 5.31. Variation of parameter B with (a) slip factor and (b) preload 

5.7 Summary 

A new post-tensioned (PT) vertical inter-module connection (IMC) for modular steel buildings 

was proposed in this chapter. Experimental and numerical investigation of the initial shear 

load-slip behaviour was conducted. The test results were discussed and an empirical model 

was proposed. The main findings are summarised as follows. 

1. For the proposed PT connection, the slip load can be effectively controlled by varying the 

bolt preload and faying surface slip factor. Sand blasting the faying surfaces increased the 

slip factor, which gave a greater slip resistance. Increasing the bolt preload significantly 

increased the slip load. Increasing the contact area resulted in a small increase in the slip 

load, which was not significant given the accuracy of the slip load measured in the 

experiments.  
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2. The proposed PT connection has greater initial load-slip stiffness than the existing inter-

module connections presented by Styles et al. [50] and Gunawardena [33].  

3. A new exponential model is proposed for the initial load-slip behaviour of the PT 

connection. The model is better suited to IMCs which exhibit high initial shear stiffness, 

such as the PT connection. The model has two parameters, i.e., A and B, which can be 

obtained through experiments, or estimated for design purposes. The first parameter, A, 

defines the slip load, and can be estimated using the empirical formula for slip resistance. 

The second parameter, B, controls the initial load-slip stiffness, and a value of 0.04 mm is 

suggested for design purposes.  
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Chapter 6 New interlocking (IL) connection: 
Experimental and numerical studies1 

6.1 Introduction 

This chapter introduces a novel interlocking (IL) inter-module connection (IMC). The 

proposed IMC combines structural bolts with interlocking elements to improve the 

constructability and shear force-slip behaviour. An experimental study is conducted to 

establish the shear behaviour. A method and setup are developed, and in-plane displacements 

are recorded throughout the experiments using digital image correlation (DIC). The bolt 

tightening torque is defined to control the bolt preload with reference to the manufacturer 

supplied k-factor. Parametric studies are conducted considering the effects of the interlocking 

elements, bolt preload, and bolt hole tolerance on the shear behaviour. Finally, an improved 

model is proposed for the shear force-displacement behaviour of the proposed IL connection.  

6.2 Proposed interlocking (IL) connection 

An interlocking connection detail is envisaged which combines structural bolts with 

interlocking elements. The pre-tensioned bolts provide the initial shear stiffness and the slip 

resistance can be demonstrated based on the preload and slip factor. After the initial slip, the 

connection transitions to a bearing type where the bolts and the interlocking components 

contribute to the shear resistance. The interlocking components assist with correct positioning 

of the module during site installation and provide safety during construction, prior to 

installation and tensioning of the bolts. The tolerance may be adjusted to suit the anticipated 

accuracy in site positioning of the modules, and the desired interplay of the connection 

elements in the shear slip sequence.  

More specifically, the interlocking connection proposed in this chapter is shown in Figure 6.1. 

The features of the proposed connection, which was developed for modular buildings with 

steel columns, include: horizontal connection by plate P2, vertical connection by structural 

bolts (the grey bolts in the figure), and locating pins for site assembly and improved shear 

stiffness. The locating pins are inserted through and welded to the underside of plate P1. The 

P1/locating pin assemblies are then welded to the top end of the lower columns during shop 

fabrication of the lower modules. After placement of the lower modules on site, the plate P2 

                                                      
1 The related work in Chapter 6 was published in Engineering Structures: 

Lacey AW, Chen W, Hao H, Bi K. New interlocking inter-module connection for modular steel 
buildings: Experimental and numerical studies. Eng Struct. 2019;198:109465. 
https://doi.org/10.1016/j.engstruct.2019.109465 

 

https://doi.org/10.1016/j.engstruct.2019.109465
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is placed on top of the P1 plates, with the locating pins extending through P2. The upper 

modules are then placed on top, with the locating pins extending through the P3 plates, which 

were shop welded to the bottom end of the upper module columns. Structural bolts are then 

inserted through the combined thickness of the plates P1, P2, and P3. The proposed connection 

offers a simplification of detailing with the ability to provide connection between up to eight 

modules, i.e., four lower and four upper modules. The site installation is relatively easy, as is 

the end of life deconstruction. Safety during construction is considered and improved by the 

interlocking component, i.e., the locating pin. Considering the disadvantages, the detail 

requires site installation of the P2 plates, and site installation and tensioning of the bolts. The 

latter may require external access which may interfere with the building finishes, which is 

another disadvantage. However, the potential advantages are expected to compensate for the 

disadvantages.  

 
Figure 6.1. Proposed interlocking inter-module connection 

6.3 Experimental study 

6.3.1 Method and specimens 

An experimental study was completed to investigate the shear force-slip (F-d) behaviour of 

the proposed connection. Six specimens were fabricated with different bolt preload, bolt hole 

tolerance, and presence or absence of locating pins, as shown in Table 6.1. There were three 

main specimen types: A, B, and C. The geometry for the A specimens is shown in Figure 6.2 

which includes a cut away view showing the otherwise hidden components. The plates are 

labelled SP14t, SP14b, SP16, SP15t, and SP15b for convenience in the following discussions. 

These labels follow the fabrication drawings where SP referred to single parts, and t and b 

referred to the top and bottom of the assembled specimen (Figure 6.2). The A specimens had 

a standard bolt hole tolerance of 2 mm, i.e., a 14 mm diameter hole, as specified for M12 bolts 
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in the Australian standard AS 4100 [139]. The 12 mm diameter locating pins had a 

corresponding 16 mm diameter hole. This gave a tolerance of 4 mm for the locating pins which 

ensured that the bolts would bear on the plates at the same time as the plates contacted the 

locating pins. During assembly the specimens were aligned to allow the maximum slip 

displacement during the test, thereby ensuring the initial shear resistance was due to friction 

between the plates. The B specimens were fabricated without locating pins but were otherwise 

the same as the A specimens. The C specimens had slotted holes with a diameter of 14 mm 

and a length of 22 mm, as illustrated in Figure 6.3. Slotted holes were included to investigate 

the effect on the F-d behaviour. The slotted hole was expected to give a reduced slip resistance 

and greater slip displacement in comparison with the standard hole tolerance.  

Table 6.1. Test matrix. 

 
Figure 6.2. Illustration of specimen A showing (a) bolt hole and (b) locating pin details 

All dimensions in mm. 

Specimen A1 A2 B1 B2 C1 C2 

Bolt preload (kN) 50 35 50 35 50 35 

Hole tolerance Standard Standard Standard Standard Slotted Slotted 

Locating pin Y Y N N Y Y 
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Figure 6.3. Illustration of specimen C showing (a) bolt hole and (b) locating pin details 

All dimensions in mm. 

Each specimen consisted of a simplified two-column connection detail which was duplicated 

to give a balanced loading arrangement. The loading arrangement is illustrated in Figure 6.4 

and the actual setup is shown in Figure 6.5. The connection was tested in shear using a 

compression load from a Shimadzu AGS-300kNX universal testing machine (UTM). Load 

was applied to the specimen by the top compression plate at a rate of 0.1 kN/s, starting from 

zero and increasing to a maximum of 250 kN. The load was transferred from the top 

compression plate to the upper hollow section columns by two upper bearings, which provided 

clearance around the bolts (Figure 6.4a). Similarly, at the bottom, the load was transferred 

from the specimen through the lower bearing to the lower compression plate. For the upper 

bearings there was a nominal gap of 7 mm between the bearing and the adjacent end plate, 

allowing for the weld between the plate and hollow section (Figure 6.4b). The lower bearing 

was located approximately centrally, giving a nominal gap of 5mm (Figure 6.4c). A chamfer 

was provided to the lower bearing edge to ensure adequate clearance between the bearing and 

the weld (Figure 6.4c). 

Prior to testing the specimens were assembled and the bolts were tensioned using a torque 

wrench. The torque (Mr) required to give the specified preload (Nt) was calculated based on 

the general relationship given in AS/NZS 1252.1 [190], i.e., Equation (4.1) which was 

presented in Section 4.2.4 (p.80). From the manufacturer supplied test certificate, the mean k-

factor (km) was 0.119, and the corresponding coefficient of variation was 0.042 based on five 
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assembly tests. The five tests were performed by the manufacturer in accordance with EN 

14399-2 [213]. 

 
Figure 6.4. (a) Conceptual view of experimental setup showing (b) Upper and (c) 

Lower bearing details 

 
Figure 6.5. Photo of experimental setup 

A summary of the materials used for the specimens is given in Table 6.2. The faying surfaces 

of the steel plates were maintained in the clean mill scale condition. The slip factor was 0.31 

as determined by slip factor testing in accordance with Annex G of EN 1090-2 [150]. Chapter 

4 provides details on the slip factor testing and associated analysis. The M12 bolts were hot 

dip galvanised, giving a clean mill scale / galvanised interface between the plates and bolts. 
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The bearings had a smooth machined surface which was in contact with the factory painted 

finish of the hollow sections.  

Table 6.2. Material properties for the interlocking (IL) connection specimens 

6.3.2 Results and analysis 

A speckle pattern was applied to the front surface of each specimen and digital image 

correlation (DIC) was undertaken to determine the vertical displacements following the 

established method [200, 210]. For example, Figure 6.6 and Figure 6.7 show the vertical 

displacement contour of A1 at two selected time increments. For each time increment the 

vertical displacements (mm) were determined at selected points as shown. Points 1 to 4 were 

located along the lower column centreline, and the slip was calculated as the average difference 

in vertical displacement between the points 1 and 2, and 3 and 4. That is, the slip at the lower 

columns (dlower) was calculated as 

 ( ) ( )1 2 4 30.5lowerd δ δ δ δ= − + −   , (6.1) 

where δi is the vertical displacement at point i. Similarly, points 5 to 8 were located along the 

upper column centreline, and the slip at the upper columns was calculated as 

 ( ) ( )5 6 8 70.5upperd δ δ δ δ= − + −    . (6.2) 

The force obtained from the UTM was then plotted against the slip determined from the DIC. 

For example, the resulting F-d curves for A1 are shown in Figure 6.8. Although reasonable 

care was taken in the fabrication and assembly, variation in the part dimensions and 

straightness resulted in some gaps between the connection elements prior to loading. Due to 

the gap between SP15t and SP15b (Figure 6.8a), the initial slip for the lower column centreline 

Description (Parts, 
refer Figure 6.2, 
p.139) 

Grade Cross-section 
dimensions 
(mm) 

Min. yield 
stress 
(MPa) 

Min. tensile 
strength 
(MPa) 

Min. 
elongation 
(%) 

Hollow section, 
AS/NZS 1163 (SP10, 
SP12) 

C350L0 75x75x6 350 430 12 

Square bar, AS/NZS 
3679.1 (Bearings) 

300 75x75 290 440 22 

Round bar (SP11) 300 R12 375 530 34 

Plate, AS/NZS 3678 
(SP14, SP15, SP16) 

G350 75x8 360 450 20 

M12x1.75Px50,8.8, 
HR Bolts AS/NZS 
1252 (B) 

Class 8.8 - 640 800 12 
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was resisted by friction at the SP15b / SP16 interfaces. Therefore, only the preload of the two 

lower bolts contributed to the initial slip resistance resulting in a lower initial slip resistance. 

The full connection slip resistance, to which the preload of all four of the bolts contributed, 

was not reached until after the initial gaps were closed.  

 
Figure 6.6. Vertical displacement contour (mm) of A1 for an applied force of 46.2 kN 

 
Figure 6.7. Vertical displacement contour (mm) of A1 for an applied force of 93.8 kN 
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Figure 6.8. Force-slip plot for A1 showing slip at the lower and upper column 

centrelines 

For the upper column centreline, the F-d curve was affected by the initial gap between SP14t 

and SP16 (Figure 6.8b). The gap (b) was present in the specimens due to the fabrication 

process, during which the plate SP14 was welded to column SP10. The plate was welded on 

three sides and the heat from the process resulted in a small curvature in plate SP14. As a 

result, when the specimen was assembled, there was a gap between SP14t and SP16. This 

initial gap (b) allowed the SP14t / SP10t assembly to rotate as the load was applied. The 

rotation increased the vertical displacement at points 5 and 8 (Figure 6.7), and therefore 

increased the slip (mm), which was calculated following Equation (6.2), prior to the initial slip 

resistance (kN). The slip at the lower column centreline was less affected by the plate 

curvature. Therefore, to reduce the effect of the SP14 plate curvature, the slip for the remaining 

specimens was calculated from the lower column centreline only. The resulting F-d curves are 

shown in Figure 6.9 and Figure 6.10. 

Each of the specimens had initial gaps between the connection elements, although the size of 

the gaps varied. As a result, the F-d curves in Figure 6.9 and Figure 6.10 generally exhibit a 

lower initial slip resistance for which only two of the four preloaded interfaces were effective. 

The position of the initial slip points were determined as the first significant change in slope 

of the F-d curve. Once the initial gaps were closed, the full connection slip resistance was 

reached as all four of the preloaded interfaces contributed to the friction resistance. The 

position of the full connection slip points were similarly determined by examining the slope 

of the F-d curve. For A2, the initial gaps were small and the lower initial slip resistance was 

not apparent by visual inspection of the F-d curve (Figure 6.9b). Therefore, only the full 

connection slip resistance was determined for A2. The slip resistances are summarised in Table 

6.3.  

For A2 and B2 the point at which the bolts started to slide was clearly identifiable as a small 

increase in the slip resistance at approximately 2 mm slip, as shown in Figure 6.9(b) and Figure 
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6.10(b), respectively. To explain how the bolts could slide, Figure 6.11 illustrates a possible 

slip sequence focussing on one of the top bolts as shown in Figure 6.11(a). In the illustrated 

sequence, the connection slips at the SP15t/SP16 and SP16/SP14t interfaces until SP14t comes 

into contact with the bolt shank, as shown in Figure 6.11(b). SP16, SP14t and the bolt then 

slide together until the bolt shank comes into contact with SP15t, as shown in Figure 6.11(c). 

Table 6.3. Summary of experimental slip resistance 

(a) A1 

 

(b) A2 

 

Figure 6.9. Experimental force-slip plots for (a) A1 and (b) A2 

Specimen A1 A2 B1 B2 C1 C2 

a. Full connection slip resistance (kN) 93.8 68.6 97.8 70.2 105 60.2 

b. Initial slip resistance (kN) 46.2 - 48.2 31.8 51.3 30.2 

b / a 0.49 - 0.49 0.45 0.49 0.50 
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(a) B1 

 

(b) B2 

 

(c) C1 

 

(d) C2 

 

Figure 6.10. Experimental force-slip plots for (a) B1, (b) B2, (c) C1, and (d) C2 
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Figure 6.11. Illustration of possible slip sequence in the experiments 

(a) SP16 

 

(b) SP15b 

 
Figure 6.12. Post-test faying surfaces of C2 for (a) SP16 and (b) SP15b 
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Once the tests were completed the specimens were disassembled to examine the faying 

surfaces and performance of the locating pins. Plastic deformation of the locating pins was 

observed for the A and C specimens, as shown in Figure 6.12 for C2. In all the specimens, 

wear of the plate was observed around the bolt hole and at the upper SHS flange as shown in 

Figure 6.12(a). The wear of the plates at the upper SHS flange location was caused by the 

rotation of the outer hollow sections, i.e., SP10t, due to the bending induced by the offset 

loading. Damage of the mill scale layer around the bolt holes was observed for some specimens 

as shown in Figure 6.13 for C2 and Figure 6.14 for B2. This explains the increasing slip 

resistance observed for some specimens, for example B2 (Figure 6.10b). As the surfaces slid 

over one another, the mill scale layer was damaged exposing the underlying steel surface and 

so increasing the friction resistance. 

 
Figure 6.13. Post-test faying surfaces of C2-SP14t and SP14b showing wear around 

slotted holes 

 
Figure 6.14. Post-test faying surface of B2-SP15t showing wear around standard 

round holes 
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6.4 Discussion and evaluation of experimental results 

6.4.1 Accuracy of the slip load 

In Section 5.4.1 (p.118), the variation of the slip factor due to the surface profile was estimated 

as ± 3.0% based on the clean mill scale slip factor tests (Chapter 4). For the M12 bolts used in 

the present inter-module connection tests, the mean k-factor was 0.119, and the coefficient of 

variation was 0.042, based on five assembly tests completed by the manufacturer in 

accordance with EN 14399-2 [213]. The 95% confidence interval for the preload in the 

connection tests is therefore ± 3.7% of the mean (Equation (5.1), p.119). Combining the 

variation of the preload with that of the surface profile, the uncertainty of the inter-module 

connection slip load is estimated as 

 ( ) ( )2 20.037 0.030 4.8%+ = ±  (6.3) 

where 0.037 represents the confidence interval for the preload, and 0.030 represents the 

confidence interval for the slip factor. 

6.4.2 Behaviour of locating pins and bolts 

The locating pins had little influence on the F-d behaviour in the initial friction/slip stage 

(Figure 6.9a, p.145). This was because the locating pins were not engaged until after the initial 

slip which allowed the plates to slide into contact with the locating pins. As a result, the slip 

resistance for the type A and B specimens is expected to be the same, except for variation in 

the surface profile and bolt preload. Therefore, the slip resistance for A1 and B1, and A2 and 

B2 may be averaged, giving 95.8 kN and 69.4 kN for the 50 kN and 35 kN preload, 

respectively.  

The locating pins reduced the slip displacement in the bearing stage. The presence of the 

locating pins in combination with the bolts increased the shear resistance. Therefore, while the 

B specimens showed an increase in slip approaching shear yield of the bolts, this was not 

observed for the A specimens. For example, the force-slip stiffness for B2 (Figure 6.10d) starts 

to reduce once the load approaches approximately 218 kN. This corresponds well with the 

estimated shear yield capacity of the four M12 bolts with threads excluded from the shear 

plane (224 kN) as per AS4100 [139]. For B1 (Figure 6.10c) the reduction in stiffness is not 

shown as clearly. This is because the DIC process resulted in less accurate measurements of 

the slip due to a relatively poorer quality of the speckle pattern on this specimen. Several 

inaccurate data points were excluded from Figure 6.10(c). In contrast, the A specimens did not 

show a significant reduction in stiffness before the maximum force of 250 kN was reached, as 

shown in Figure 6.10(a, b), because the shear resistance was increased by the locating pins. 
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Figure 6.15 shows a bolt from B1 after testing. The bolts had one interface with threads 

excluded, i.e., SP15/SP16 and one interface with threads included, i.e., SP16/SP14. 

Deformation of the bolt is visible at the SP15/SP16 interface and at the SP16/SP14 interface. 

B1 slipped at the SP16/SP14 interface first causing SP14 to contact the bolt shank before SP16. 

This resulted in a bending action in the bolt as the shear load was applied by SP14 and resisted 

SP15 which was offset by the thickness of SP16 (8 mm). The photo (Figure 6.15) shows that 

the bolt was approaching, but had not yet exceeded, the shear yield capacity. This confirms 

that the bolts in the B specimens were carrying most of the applied shear force. That is, after 

slip, the applied shear force was resisted by the bolts, rather than friction between the plates. 

 
Figure 6.15. Photo of post-test bolt from B1 

In comparison there was less visible deformation of the bolts in the A specimens after testing 

due to the presence of the locating pins. Deformation of the locating pins was observed as 

shown in Figure 6.16 for A2. Local bearing of the locating pin can be seen due to contact from 

SP14. Bending of the locating pin was caused by the bending action generated due to the load 

applied by SP14 being offset from SP15 by the thickness of SP16 (8 mm). The yielding of the 

locating pins occurred because the locating pins were engaged before the bolts, as shown in 

Figure 6.10(a, b). After the locating pins were deformed the bolts were engaged and the applied 

shear force was shared between the bolts and locating pins. A similar behaviour was observed 

for the C specimens, except that a larger deformation of the locating pins occurred as a result 

of the increased hole tolerance, as shown in Figure 6.12 for C2. The slip sequence for the C 

specimens is discussed further in Section 6.5.3 

The slip at the transition into the bearing stage differed between the A and B specimens. For 

the A specimens (Figure 6.10a, b), the plates came into contact with the locating pins at an 

average slip of 3.48 mm. Then, at an average slip of 4.12 mm, the bolt was also in bearing. 

For the B specimens (Figure 6.10c, d) the bearing stage started when the plates came into 

contact with the bolts at an average slip of 4.23 mm. Thus, for the A and B specimens, the 

bolts were in bearing at an average slip of 4.17 mm and the locating pins were in bearing at a 

slip of 3.48 mm. The difference may be explained by the bolts having on average a slightly 
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smaller diameter than the locating pins. In addition, local deformation of the thread on the bolt 

shank may have contributed to the larger slip for the bolts. 

 
Figure 6.16. Photo of post-test locating pin from A2 

6.4.3 Effect of bolt preload 

The bolt preload influenced the F-d behaviour in the friction/slip stage (Figure 6.10a), with the 

slip resistance being greater for the higher preload. Average slip resistances of 95.8 kN and 

69.4 kN were recorded for preloads of 50 kN and 35 kN respectively. The slip resistance was 

approximately proportional to the preload, i.e., 95.8 1.92
50

kN
kN

=  and 69.4 1.98
35

kN
kN

= . The ratio of 

the slip resistance to the bolt preload was slightly higher for the smaller preload of 35 kN, 

suggesting the slip factor was slightly greater. Although increasing the preload increased the 

slip resistance, the slip factor decreased slightly due to the increased preload. The decrease in 

the slip factor can be explained by a relatively greater flattening of the surface asperities in 

response to the increased contact pressure. If, for example, 0.31 is accepted as the slip factor 

for the 50 kN preload, then a slip factor of 0.32 may apply for the 35 kN preload. However, 

the difference in the slip factor was small and may equally be explained by variation in the 

surface profile or bolt preload. Therefore, the effect of the preload on the slip factor was 

neglected and the slip factor was taken to be a constant value of 0.31 based on the slip factor 

testing. 

6.4.4 Hole tolerance 

Comparing Figure 6.10(a, b) with Figure 6.10(e, f) (p.146), it can be seen that the slotted holes 

for the C specimens increased the slip displacement which occurred after the slip resistance 

was exceeded. Considering the effect on the slip resistance, the use of slotted holes was 

expected to increase the contact pressure which would have the effect of flattening the surface 

asperities and so reduce the slip resistance [149, 187]. This was observed for the 35 kN preload 
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for which the slip load reduced from 69.4 kN to 60.2 kN, i.e., 13%. Conversely, for the 50 kN 

preload the slip load increased from 95.8 kN to 105 kN, i.e., 9.6%. This difference in behaviour 

may be explained by the surface mill scale layer. For example, for the smaller preload of 35 

kN the increase in the contact pressure due to the slotted holes may flatten the surface asperities 

leading to a reduced slip resistance. However, the larger preload starts with higher contact 

pressure, and the additional contact pressure due to the slotted hole may be enough to damage 

the mill scale layer exposing the underlying steel thereby increasing the slip resistance. This 

explanation is supported by the photos of the post-test faying surfaces which show the 

specimens with slotted holes (Figure 6.13, p.148) had more severe damage to the mill scale 

layer than the specimens with standard hole tolerance (Figure 6.14, p.148).  

6.4.5 Fabrication and assembly tolerance 

The initial slip resistance of the specimens was reduced due to initial gaps between the 

connection elements. For engineering design purposes, the reduction in performance which 

may be expected due to typical fabrication and assembly tolerances should be considered. 

Table 6.3 shows the initial slip resistance (b), the full connection slip resistance (a), and the 

ratio between the two (b/a). As a result of the initial gap (Figure 6.8a), only two of the four 

bolt preloads contributed to the initial slip resistance. Therefore the initial slip resistance was 

approximately half that of the full connection slip resistance, to which all four of the bolt 

preloads contributed. This sensitivity to the fabrication and assembly tolerance should be 

considered when designing the inter-module connections. Although the connection design 

may not feature a horizontal gap between the columns, it may be appropriate to consider a 

small gap to ensure the assumed behaviour is conservative. In the experiments the largest 

initial gap was approximately 0.9 mm for the A and B specimens which had standard round 

holes (Figure 6.9a), and 1.9 mm for the C specimens which had slotted holes (Figure 6.10c). 

6.4.6 Comparison with existing connections 

To evaluate the shear behaviour of the proposed interlocking connection, a comparison may 

be made with the shear behaviour of the existing inter-module connections (IMCs). Two IMCs 

were selected for comparison, as introduced in Section 5.6.2 (p.130). The first selected 

connection was studied by Styles et al. [50], who completed numerical simulations to establish 

the shear F-d curve. The IMC joined two 300x200x6 RHS columns vertically by using 

370x410x25 mm end plates with two rows of four M24 property class 10.9 bolts. In 

comparison, the interlocking IMC specimens joined 75x75x6 SHS columns using 8 mm thick 

plate with two tensioned M12 property class 8.8 bolts and two R12 locating pins. The resulting 

F-d curves for the previous connection are shown in Figure 6.17(a) labelled as SV-FX and SV-

FY for loading in the x- and y-direction, respectively. In this figure, the x-axis shows the slip 
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divided by the hole tolerance. The hole tolerance is defined as the approximate slip 

displacement after which the shear force is transferred by bearing rather than friction. For 

example, the hole tolerance was 4 mm for the A and B specimens, and 10 mm for the C 

specimens. For the connection presented by Styles et al. [50] the hole tolerance was 2 mm. 

The y-axis shows the applied force divided by the actual slip resistance of the full connection, 

i.e., a value of 1 on the y-axis corresponds to the actual slip resistance.  

(a) 

 

(b) 

 

Figure 6.17. F-d curves for IL connection compared with existing inter-module 
connections studied by (a) Styles et al. [50] and (b) Gunawardena [33] 

F/Fslip = applied force / slip resistance, Slip/Tolerance = displacement at slip / hole tolerance 

The second selected connection was studied by Gunawardena [33], who completed 

experiments and numerical simulations to establish the shear F-d curve. This existing IMC 

detail was also a bolted end plate as shown schematically in Figure 6.17(b). It had 150x150x9 

SHS columns with 25 mm thick end plates. Gunawardena [33] considered three variations of 

the connection. The first, labelled as TG1, had four M12 property class 8.8 bolts with standard 

14 mm round bolt holes. The second, TG2, had four M16 bolts with corresponding 18 mm 

holes. The third, TG3, also had M16 bolts, but with slotted holes which were 18 mm wide and 

26 mm long. The hole tolerance was 2 mm for TG1 and TG2, and 6 mm for TG3. The main 

difference between the second selected connection and the interlocking IMC specimens was 

the use of the locating pins for the interlocking connection, and the simplification of the 

stacked plate arrangement. The resulting experimental F-d curves for the previous connection 
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are shown in Figure 6.17(b) labelled as TG1, TG2, and TG3. It can be seen in Figure 6.17(a, 

b) that the proposed interlocking connection specimens gave an improved initial shear F-d 

stiffness in comparison with the selected existing IMC details. 

6.5 Numerical simulation 

Numerical simulations were conducted to support the experimental program and allow further 

parametric study. A finite element model of each experimental specimen was developed using 

ABAQUS version 6.14 [206]. Taking advantage of the symmetry, only one quarter of the 

specimen was modelled, for example, as shown in Figure 6.18(a) for specimen A. Symmetry 

boundary conditions were defined in ABAQUS for the x-direction (XSYMM) and z-direction 

(ZSYMM), as shown in Figure 6.18(b). A multilinear profile was adopted for the stress strain 

curve of the steel materials, using the quad linear profile based on regression analysis by Yun 

et al. [203]. The elastic modulus was set as 200 GPa and the Poisson’s ratio as 0.25 following 

AS4100 [139]. The yield and ultimate strengths were determined based on the relevant 

material specification, as shown in Table 6.2 (p.142).  

6.5.1 Interaction and contact property 

For the plate interfaces, i.e., SP15/SP16/SP14 an interaction property was defined in ABAQUS 

using Penalty friction for the tangential behaviour. Following the slip factor tests the friction 

coefficient was set as 0.3146 (Table 4.3, p.90), and the elastic slip was set as 0.001 mm [205]. 

The normal behaviour was defined as Hard Contact with penalty enforcement. Interaction 

properties were similarly defined for the other contact areas. The friction coefficient between 

the bolt head and plate was taken as 0.05 [216]. The bolt shank to plate contact was taken to 

be frictionless [204]. Three steps were defined for the analysis. The contact interactions were 

established in the first step. Then, the bolt load was defined in the second step using the applied 

force method in ABAQUS. The bolt length was subsequently fixed, and the compression force 

was applied to the upper bearings in the third step, as shown in Figure 6.18(b). The bottom of 

the lower bearing was fixed, and the top of the upper bearing was limited to translation in the 

y-direction. These boundary conditions reflected the experiments in which restraint was 

provided by the universal testing machine compression plates (Figure 6.4, p.141), with friction 

developed at the interface between the compression plates and the bearings. 
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Figure 6.18. (a) ABAQUS numerical model for specimen A, and (b) Typical loading and 

boundary conditions 

 
Figure 6.19. ABAQUS numerical model for specimen A showing nominal mesh sizes 

(a) 4, (b) 2, and (c) 1 mm 

 
Figure 6.20. Numerical force-slip behaviour of A1 for mesh sizes 4, 2, and 1 mm 
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6.5.2 Mesh convergence 

First order 8-node linear brick, reduced integration elements were used for the mesh. To ensure 

the mesh element size was sufficiently small the model was analysed with increasingly smaller 

mesh size and the resulting F-d behaviour compared. First, a coarse 4 mm mesh size was used 

as shown in Figure 6.19(a). This was followed by a general 3 mm mesh with the areas of 

interest refined to 2 mm (Figure 6.19b), and finally with the area of interest refined to 1 mm 

(Figure 6.19c). The resulting F-d behaviours are shown in Figure 6.20. A nominal mesh size 

of 2 mm is shown to be fine enough, with little difference in the resulting F-d plot compared 

with the finer 1 mm mesh. It should be noted that the gap between the locating pin and adjacent 

plate was set as 3.9 mm in the numerical simulation. This provided an initial separation of 0.1 

mm which was beneficial for the initial convergence.  

6.5.3 Numerical calibration 

Figure 6.21 shows the numerical results as compared with the experimental F-d curves. In the 

experiments the effective friction coefficient for the steel plates varied throughout the 

specimen. The interface with the lower friction coefficient slipped first, followed by the next 

lowest in sequence. In comparison, in the numerical simulations, the same friction coefficient 

was adopted for all the steel plate interfaces, based on the slip factor tests. As a result, the slip 

sequence in the numerical simulations does not necessarily match that from the experiments.  

For example, for B1 the initial slip in the experiment was at the SP14/SP16 interfaces. 

However, the sliding interface was constantly changing throughout the slip stage in the 

experiment. In contrast, in the numerical simulation the SP14/SP16 interface slipped followed 

by the SP16/SP15 interface in turn. As a result, the slip stage for the numerical F-d curve is 

effectively a horizontal line, with an increase in the force at a slip of 2 mm as SP14 contacted 

the bolt shank causing the bolt to start sliding. Other than the different F-d curve in the 

friction/slip stage, this difference in slip sequence can change the loading conditions for the 

bolts in the bearing stage. For example, with load applied by the SP14 plate and resisted by 

the SP15 plate there is an 8 mm offset which results in additional bending in the bolt (Figure 

6.15). The additional bending deformation is one reason for the low stiffness in the bearing 

stage for the experimental result in comparison with the numerical result. Further, in the 

experiments, additional deformation was permitted by the deformation of the bolt threads and 

the rotation of the bolt shank relative to the nut. The bolt threads were not included in the 

numerical model, and the nut was combined with the bolt shank effectively preventing 

rotation. The numerical stiffness is, therefore, greater than the experimental stiffness. 
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(a) A 

 

(b) B 

 

(c) C 

 

(d) All 

 

Figure 6.21. Comparison between numerical and experimental F-d curves for the (a) A, 
(b) B, and (c) C specimens, and (d) numerical F-d curves for all the specimens 
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Similarly, for C1 the slip sequence in the numerical simulation differed from the experimental 

result. In the experiment the slip occurred at the SP14/SP16 and SP15/SP16 interfaces. With 

photos at 2 s intervals, and a loading rate of 0.1 kN/s, it appeared as though the slip occurred 

at the SP14/SP16 and SP15/SP16 interfaces simultaneously. This slip continued until SP14 

contacted the locating pin. The locating pin then deformed along with slip between the plates, 

until SP16 contacted the locating pin, increasing the F-d stiffness. Soon after, the total slip was 

enough to engage the bolts in bearing. In the numerical simulation, however, the SP14/SP16 

interface slipped first. After a slip of 7 mm, SP14 and SP16 started to slide along with the bolt. 

The slip occurred at the SP16/SP15 interface until SP16 contacted the locating pin. Then, 

bending of the locating pins occurred, but the bolts did not come into bearing. These two 

different slip sequences explain the difference in the experimental and numerical F-d curves 

for the C specimens shown in Figure 6.21(c). 

To match the numerical to the experimental result, the friction coefficient may be varied in the 

numerical simulations to ensure the slip sequence is consistent. However, a more meaningful 

calibration may be achieved by simply matching the initial stiffness of the force-slip curves. 

Disregarding the low initial slip resistances due to gaps, the numerical slip resistance gives a 

good match to the experimental slip resistance as shown in Table 6.4, considering the 

experimental uncertainty (§6.4.1, p.149). For C2 the slip resistance was overestimated by 16% 

based on the numerical simulation, compared with the experimental result. This is consistent 

with the 13% reduction in the slip resistance due to the slotted holes increasing the contact 

pressure and flattening the surface asperities (§6.4.4, p.151) considering the experimental 

uncertainty (§6.4.1, p.149). 

Table 6.4. Comparison between experimental and numerical slip resistance 

6.6 Proposed load-slip model 

6.6.1 OP: Friction/slip 

Following the numerical and experimental results, a model is proposed for the shear force-slip 

behaviour of the new interlocking inter-module connection as illustrated in Figure 6.22. The 

proposed model differs from the existing model for inter-module connections (Figure 2.23, 

Specimen A1 A2 B1 B2 C1 C2 

Experimental slip resistance, Fslip,exp (kN) 93.8 68.6 97.8 70.2 105.0 60.2 

Numerical slip resistance, Fslip,num (kN) 99.9 68.9 102.0 72.2 98.9 70.0 

Error ( ), ,exp ,exp/slip num slip slipF F F−  (%) 6.5 0.4 4.3 2.8 -5.8 16.0 



 

159 

p.39) in the friction stage OP. Whereas the existing model assumes a linear behaviour, in the 

proposed model the initial force-slip behaviour is given by the exponential function 

 
( ) 1 exp dF d α

β
  −

= −  
  

, 
(6.4) 

where F is the shear force (kN), d is the slip of the connection (mm) and α and β are parameters 

which define the upper limit and initial stiffness, respectively. The exponential function 

represents the initial stiffness more accurately than the linear behaviour assumed in the 

existing model.  

 
Figure 6.22. Proposed load-slip model 

Equation (6.4) was fitted to the calibrated numerical results for the experimental specimens 

resulting in a good fit as shown in Figure 6.23 for the A (a), B (b) and C (c) specimens. The 

exponential model does not capture the increase in the force at a slip of 2 mm as the bolt starts 

sliding, resulting in a slightly conservative F-d behaviour which can be seen in Figure 6.23(a, 

b). Figure 6.23(d) shows the exponential fit for all the specimens together to allow comparison. 

As shown, there is little difference in the slip resistance provided by the specimens A, B, and 

C, other than due to the differing preload. It should be noted, however, that the slip factor was 

not varied for the numerical simulations. For engineering design, the slip resistance should be 

reduced where slotted holes are adopted to account for the possible reduction in the slip factor, 

as discussed in Section 6.4.4 (p.151). A reduction factor of 0.87 is appropriate based on the 

present experimental results. This is consistent with the existing design standard AS4100 [139] 

which specifies a reduction factor of 0.85 for short slotted holes such as those used in specimen 

C. 
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(a) A 

 

(b) B 

 

(c) C 

 

(d) All 

 

Figure 6.23. Exponential fit to numerical data for (a) A, (b) B, (c) C, and (d) all the 
specimens 



 

161 

Following the curve fit for each specimen, the resulting α and β values were examined. The 

parameter α was not significantly affected by the presence of the locating pins, or by the bolt 

hole tolerance. α was affected by the slip factor and bolt preload, with a larger preload giving 

a greater value for α, such that α may be estimated as 

 ( , ) 6.64t tN Nα µ µ≈ , (6.5) 

where µ is the slip factor and Nt is the preload (kN). It should be noted that Equation (6.5) 

applies to the full specimen which incorporated two connections, one on each side. For a single 

connection with two bolts the value of α should be halved. Similarly, the parameter β was not 

significantly affected by the locating pins or the bolt hole tolerance, but the slip factor and 

preload did have an effect which may be estimated as 

 ( , ) 0.149 . 0.0657
473 /

t
t

N
N mm mm

kN mm
β µ µ≈ + − . (6.6) 

6.6.2 PQ: Bearing 

The slip displacement at the transition to the bearing stage, i.e., dP in Figure 6.22, may be taken 

as the effective bolt hole tolerance. As discussed in Section 6.4.2 (p.149), the bearing stage 

may begin at a slightly smaller or larger slip displacement depending on the geometry. 

However, the difference in slip displacement is relatively small, and the bolt hole tolerance 

gives a reasonable estimate of the average behaviour. The stiffness in the bearing stage can be 

estimated following the method of Konkong et al. [151] as outlined in Section 2.2 (p.26). As 

shown in Figure 6.24(a), the use of three plates can result in an offset bearing arrangement for 

the bolts, causing a reduction in the effective stiffness for the bolts, which must be accounted 

for in design. The effective stiffness for the locating pins may be estimated by following a 

similar approach using a cantilever beam model as shown in Figure 6.24(b).  

 
(a) 

 
(b) 

Figure 6.24. Illustration of (a) bolt bending and (b) locating pin bending due to offset 
shear loading 
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6.6.3 QR: Failure 

Following the existing model (Figure 2.23, p.39) the failure load can be estimated by summing 

the shear capacities of the bolts and interlocking elements as appropriate. The slip 

displacement at the transition to the failure stage can then be calculated based on the estimated 

failure load, and the bearing stiffness in the previous stage PQ. Consideration should be given 

to the combination of bending and shear, as illustrated in Figure 6.24(a) and (b). The combined 

bending and shear actions may be considered by the equation [202] 

 * *

1M V
M V

+ ≤ , (6.7) 

where M* and V* are the applied moment and shear force, and M and V are the plastic moment 

and shear yield capacity, respectively.  

6.7 Summary 

A new interlocking inter-module connection was proposed for modular steel buildings. The 

shear force-slip (F-d) behaviour was investigated by experimental tests and numerical 

simulations. The main findings are summarised as follows. 

1. The proposed interlocking inter-module connection offers a simplification of detailing 

with the ability to connect eight modules. The slip resistance of the inter-module 

connection depends primarily on the slip factor and bolt preload, while the locating pins 

provide additional shear resistance after the initial slip. The hole tolerance had a small 

effect on the slip resistance, and the experimental results support the use of a reduction 

factor of 0.85 for short slotted holes in comparison with standard round holes. 

2. The proposed interlocking inter-module connection offers an improved initial shear F-d 

stiffness in comparison with the selected existing inter-module connection details [33, 50].  

3. An empirical model was proposed for the shear force-slip behaviour based on the 

calibrated numerical results. The model is made up of three stages: friction/slip, bearing, 

and failure. For the friction/slip stage, an exponential formula was proposed which 

accurately represents the initial stiffness. For the bearing and failure stages, linear 

functions may be adopted, similar to the existing force-slip model for inter-module 

connections (Figure 2.23, p.39).  
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Chapter 7 Simplified models for the post-tensioned 
(PT) connection1 

7.1 Introduction 

In Chapter 5 a new post-tensioned (PT) inter-module connection (IMC) was introduced, and 

an empirical model was proposed for the shear behaviour of the experimental specimens. 

While the axial and moment-rotation (M-θ) behaviours may be relatively less significant than 

the shear behaviour (Chapter 3), simplified models are still required to define the performance 

of the connection. Therefore, this chapter investigates the axial force-displacement and M-θ 

behaviours of the PT connection. A numerical model is developed for the post-tensioned IMC. 

It is calibrated based on the experimental shear behaviour from Chapter 5, and the simplified 

empirical model for the shear behaviour is refined and extended to the bearing/yield stage. The 

numerical model is then further extended to the axial and M-θ behaviours. The numerical 

results are compared with the simplified analytical behaviours, which are derived in this 

chapter. In addition, the numerical results are compared with the experimental behaviours of 

selected existing IMCs. The differences are explained by the variation in the connection 

geometry and loading conditions, and the similarities are found to build confidence in the 

present numerical results.  

7.2 Post-tensioned (PT) connection 

The post-tensioned inter-module connection, which was introduced in Chapter 5 (Figure 5.1, 

p.108), is composed of a threaded rod and a hollow steel section shear key. During the site 

installation, which is described in Section 5.2 (p.107), the threaded rod is inserted and 

tensioned from within the module, via access openings. The access opening is located in the 

wall of the column, below the ceiling beam and above the floor beam. In Chapter 5, for 

example, it was shown as a rectangular opening (Figure 5.1), nominally 125 mm wide and 175 

mm high, for a 150 mm square hollow section column.  

In modular steel buildings the inter-module joint (IMJ) is made up of beam, column and 

connection elements (§2.2). The beam and column elements may be included as frame 

elements in the global model. Therefore, in the following sections, the stiffness of the inter-

module connection (IMC) was established excluding the stiffness of the column. That is, the 

                                                      
1 The related work in Chapter 7 was published in the Journal of Constructional Steel Research: 

Lacey AW, Chen W, Hao H, Bi K. Simplified structural behaviours of post-tensioned inter-module 
connection for modular buildings. J Constr Steel Res. 2020;175:106347. 
https://doi.org/10.1016/j.jcsr.2020.106347  
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IMC was defined as shown in Figure 7.1. Hence, the IMC stiffness was defined with respect 

to the length bc, and the column lengths ab and cd must be included in the global model which 

applies the simplified models derived in this study. With this definition, the access opening is 

located away from the IMC. Hence, while the access opening may reduce the column section 

capacities, it does not necessarily have a significant effect on the stiffness of the IMC. 

Therefore, the access opening was not included in the following numerical simulations, and 

the column section capacities must be considered in the global model.  

 
Figure 7.1. Post-tensioned inter-module connection 

Adapted from Chapter 5. All dimensions in mm. 

7.3 Numerical simulation 

7.3.1 Geometry 

A finite element model was developed in ABAQUS [206], and the geometry was based on the 

previous case study (Chapter 3). For the case study building, the columns and beams were 150 

mm square hollow sections (SHS), and there was a clear vertical distance of 425 mm between 

the ceiling and floor beams (see Figure 7.1). In the present chapter, the centreline of plate P2 

was located 150 mm above the floor beam, and 150 mm below the ceiling beam, i.e., there 

was a vertical distance of 1025 mm between the middle of the two P2 plates. The threaded rod 
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was therefore nominally 1200 mm long, allowing for the nut and washer thicknesses. A half-

scale numerical model was adopted, as shown in Figure 7.2, such that the threaded rod was 

nominally 600 mm long, and the columns were 75 mm square hollow sections. By using a 

half-scale model, the numerical shear behaviour could be calibrated by comparison with the 

experimental results from Chapter 5. 

 
Figure 7.2. Numerical model 

All dimensions in mm. 

The wall thicknesses for the 150 and 75 mm columns were 10 mm and 6 mm, respectively. 

For the numerical model, the 6 mm thickness was selected to match the specimens in the 

previous experiments (Chapter 5). In the previous experiments, the 6 mm thickness was 

adopted to match the 6 mm fillet welds (Figure 5.3, p.110), and to ensure the columns had 

adequate bearing capacity. In the following sections, the axial force-displacement and 

moment-rotation behaviours are derived analytically, accounting for the thickness of the 

column. For the shear force-displacement behaviour, the column thickness may affect the 

simplified empirical model, which is discussed further in Section 7.4.2 (p.172). 

7.3.2 Materials 

The materials adopted in this chapter, i.e., the type, thickness and grade of the steel, were based 

on the previous experiments which are presented in Chapter 5. The plates P1 and P2 were 12 

mm thick grade 350 hot rolled steel, the shear key was assembled from 6 mm thick grade 350 

plates, and the column section was 75x75x6 SHS C350. A quad-linear model [203] was 

adopted for the stress-strain curves of the steel. The elastic modulus was defined as 200 GPa, 

Poisson’s ratio was defined as 0.25, and the yield and tensile strengths were adopted as shown 
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in Table 5.3 (p.123). For the grade 350 plate sections, i.e., P1, P2, and the shear key, the yield 

strength was 360 MPa as indicated in AS/NZS 3678 [189] for plate thicknesses less than or 

equal to 12 mm.  

7.3.3 Contact interactions and constraints 

Hard contact and penalty friction were adopted for the normal and tangential behaviour, 

respectively. The friction coefficient (µ) and elastic slip (γcrit) were input for the column-plate 

interfaces based on the calibration with the experimental data. The values are summarised in 

Table 5.1. A contact property was defined for the rod-plate interfaces, and µ and γcrit were 0.05 

and 0.001 mm, respectively (Chapter 5). Similarly, a contact property was defined for the shear 

key-column interfaces, and µ and γcrit were 0.3 and 0.001 mm, respectively. The shear key was 

tied to the central plate, to reflect the welded detail in the previous experiments (Chapter 5). 

Similarly, P2 was tied to the column.  

7.3.4 Loading and boundary conditions 

The bolt load was defined in the first step using the applied force method. Then, the shear, 

axial, or bending moment was applied as required. As shown in Figure 7.3, the shear force was 

applied to the column webs at the bottom of the upper column, while the upper surface of the 

lower column was restrained. For the axial behaviour, the axial load was applied to the upper 

column at the top surface of P2, while the lower column was restrained, as shown in Figure 

7.4. For the moment-rotation behaviour, the moment was applied to top of the upper column 

relative to the reference point (RP), while the lower column was restrained, as shown in Figure 

7.5.  

 
Figure 7.3. Loading and boundary conditions for shear behaviour 
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Figure 7.4. Loading and boundary conditions for axial behaviour 

 
Figure 7.5. Loading and boundary conditions for moment-rotation behaviour 
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7.3.5 Mesh convergence 

First order 8-node linear brick elements were used for the mesh. For each loading type, i.e., 

shear, axial and moment, the influence of the mesh size was investigated by incrementally 

halving the size and observing the effect. For example, the moment-rotation (M-θ) behaviour 

was determined for three nominal mesh sizes of 4, 2, and 1 mm. The nominal 2 mm mesh was 

found to be sufficient, with little difference between the behaviour for the 2 and 1 mm meshes. 

However, the nominal 2 mm mesh overestimated the initial stiffness associated with yielding 

of the column. Hence, a nominal mesh size of 2 mm was adopted, however, the size was 

reduced to 1 mm at the base of the column where the yielding occurred. Through a similar 

procedure, a nominal mesh size of 4 mm was sufficient for the shear and axial behaviours. 

Therefore, the nominal 4 mm mesh was adopted for the pure shear and axial behaviours. For 

consistency, the refined 2 mm mesh was adopted for the combined actions, such as axial 

loading combined with bending.  

7.3.6 Model calibration 

The present numerical shear behaviour was compared with the experimental results from 

Chapter 5. Numerical models were prepared based on the experimental specimens. As shown 

in Table 5.1 (p.109), the specimens were labelled NSB-150, NSB-250, Sa3-150, and Sa3-250, 

which refers to the different surface finish and preload. NSB indicates a clean mill scale 

surface for the column-plate interface, and Sa3 indicates a Sa 3 class sand blasted surface 

finish [193]. 150 and 250 refer to the torque (Nm) applied to the nut, which was related to 

preloads of 45 and 81 kN, respectively (Chapter 5). The slip factor (µ), and elastic slip (γcrit) 

were input for the tangential contact behaviour to ensure the numerical shear behaviour 

matched the experimental results. 

In the previous experiments (Chapter 5) there were two slip planes, because the load was 

applied to the central plate while the columns were restrained (Figure 5.2, p.110). In 

comparison, in the present numerical model, there was only a single slip plane, because the 

load was applied to the upper column, while the lower column was restrained. Therefore, the 

slip resistance in the present numerical simulations was half that of the experimental 

specimens. Hence, to match the experimental behaviour, the present numerical force was 

multiplied by two.  

As shown in Figure 7.6, the numerical behaviour was matched to the experimental behaviour. 

To quantify the agreement, percentage errors were calculated for the initial stiffness and the 

slip load, assuming the experimental value was the most accurate, i.e., , ,exp

,exp

slip num slip

slip

V V
V

− . 



 

169 

Comparing the initial stiffness, the experimental behaviour for Sa3-250 shows a relatively low 

initial stiffness (Figure 7.6a). This was caused by misalignment of the specimen during the 

experiment (Chapter 5), and, hence, it is not replicated in the numerical result. Otherwise, the 

largest percentage error was 1.8% for NSB-250. Apart from experimental error, the main 

reason for this difference was the different boundary conditions. In this chapter, the top of the 

lower column was fixed, such that the restraint was located 12 mm from the slip plane. In 

comparison, in the experiments (Chapter 5), the restraint was provided by a bearing support 

which was located up to 30 mm from the slip plane. This resulted in a slightly different 

distribution of the contact pressure, and hence a slightly different value for the initial stiffness.  

 
Figure 7.6. Comparison between numerical and experimental shear behaviour for (a) 

Sa3 and (b) NSB specimens 

In all of the specimens, the numerical behaviour shows a more sudden transition into the slip 

stage, in comparison to the experimental behaviour, due to the different boundary conditions. 

For the NSB specimens (Figure 7.6b), the less severe friction behaviour in the experiments 

gave low slip loads, while the more severe numerical behaviour gave high slip loads, resulting 

in a large maximum percentage error of 16% for NSB-250. For the Sa3 specimens, the 

interlocking angular surface asperities of the sandblasted surfaces caused a severe friction 
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behaviour, which caused a reduction in the applied force following slip, but was more 

consistent with the numerical behaviour prior to slip. The largest percentage error in the slip 

load was 5.3% for Sa3-150, which was caused by variation of the surface finish and bolt 

preload in the experiment.  

7.4 Shear force-displacement behaviour 

7.4.1 Numerical results 

7.4.1.1 Shear force (V) 

Figure 7.7 shows the numerical shear force-displacement curves, in which the friction/slip and 

bearing/yield stages are clearly visible. In the friction/slip stage, the displacement increased 

slowly until the friction resistance was exceeded at point 1. The friction resistance was 

generated around the column perimeter, while the shear force was applied to the column webs 

(Figure 7.3, p.166), causing local deformation of the column flange (Figure 7.8b). As the 

friction resistance was exceeded there was a corresponding lateral displacement, and the upper 

column moved across, coming into contact with the shear key at point 2 (Figure 7.8a). The 

shear key was located centrally within the column, and there was initially a clear distance of 

2 mm either side. Therefore, point 2 was located at a displacement of 2 mm. Due to the local 

deformation of the column flange, the contact area between the upper column and the shear 

key at point 2 was reduced (Figure 7.8b). Then, since there was still a clear distance of 2 mm 

between the shear key and the lower column, the lateral displacement continued, and the upper 

column and shear key assembly moved across together, relative to the lower column, until the 

key contacted the lower column at point 3 (Figure 7.8a). Hence, point 3 was located at a 

displacement of 4 mm. The bearing/yield stage started after point 3, when the shear key was 

confined by the columns resulting in a significant increase in the stiffness. Eventually, at point 

4, the shear force was sufficient to cause yielding of the upper column, resulting in a gradual 

reduction in the stiffness. 

 
Figure 7.7. Numerical shear force-displacement curves 
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Figure 7.8. Numerical model showing key stages of the shear behaviour 

7.4.1.2 Axial – shear force interaction (N+V) 

To determine the effect on the shear behaviour, an axial force (N) was applied to the upper 

column, after which the shear force was applied, and incrementally increased to the maximum 

value. The axial forces considered included 0.5Nt, 0.1Nc, and 0.2Nc, where Nt was the 

ultimate tension capacity of the M20 rod, and Nc was the ultimate compression capacity of 

the column section. An axial load of 0.1 to 0.2Nc was considered as a typical value for modular 

buildings (§2.2.5.4, p.46). The resulting shear force-displacement curves (Figure 7.9) show 

that the axial compression force increased the slip resistance and shear yield capacity. 

Similarly, axial tension reduced the slip resistance and shear yield capacity.  

7.4.1.3 Moment – shear force interaction (M+V) 

To determine the effect on the shear force-displacement behaviour, a bending moment (M) 

was applied to the upper column at the same time as the shear force was applied. Following 

the cantilevering column arrangement of the numerical model, it was envisaged that a lateral 

load applied at the top of the column would generate a corresponding combination of shear 

and bending at the bottom of the column, and that the moment to shear ratio would depend on 

the column length. Hence, three cases were considered: M/V=1 m, M/V=0.5 m, and M/V=0.25 

m. The resulting force-displacement behaviours are shown in Figure 7.10, along with the pure 

shear behaviour for comparison. Although small lateral displacements were recorded for the 

combined moment and shear load cases, they were associated with column rotation, and shear 

slip of the connection did not occur. The negative slope shown for the combined load cases 

was caused by local yielding of the column flange at the location where the lateral 

displacement was measured. 
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Figure 7.9. Numerical shear behaviour for varying axial load 

 
Figure 7.10. Numerical shear behaviour for varying moment 

7.4.2 Simplified empirical model 

7.4.2.1 Friction/slip (OP) 

In Chapter 5, an exponential function was proposed for the shear force-displacement behaviour 

of the experimental specimens in the initial friction/slip stage as Equation (5.9) (p.131). In the 

present chapter the model for the friction/slip stage is refined, and the model for the following 

bearing/yield stage is developed. The simplified model proposed is shown in Figure 7.11. An 

improved function is proposed for the initial friction/slip behaviour as 

 ( ), ,
,( ) 1 exp OP i OP p

slip OP p
slip

K K x
V x V K x

V

  − −  = − + 
    

, 
(7.1) 

where Vslip is the slip resistance, previously given as A in Chapter 5, and KOP,i is the initial 

stiffness, which was previously defined by B, i.e., 1
,OP i slipK V B−= . KOP,p is the hardening 

stiffness, which is introduced to reflect the small increase in the friction resistance after slip, 

but before the bearing stage.  
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Figure 7.11. Proposed shear force-displacement model 

Equation (7.1) was fitted to the numerical data, and the resulting Vslip, KOP,i, and KOP,p values 

are shown in Table 7.1. Hence, from the numerical results, the slip load can be estimated as 

 slip slip p clampV C Fµ= , (7.2) 

where Cslip = 1.087 is a coefficient obtained by curve fitting to the numerical results, µp is the 

column-plate slip factor, and Fclamp is the effective clamping force, which will be derived in 

Section 7.5.3.1 (p.182) as Equation (7.23). In the numerical model, the penalty method was 

adopted for the tangential behaviour. The slip factor (µ) and elastic slip (γcrit) were input for 

each surface. This defined the critical shear stress (τcrit) at which surfaces slide, and, hence, 

following Equation (5.7) (p.124) the stiffness in the sticking stage can be given as 

 
,

pcrit
s i

crit crit

p
k

µτ
γ γ

= = , 
(7.3) 

where p is the contact pressure. The overall initial stiffness is, therefore, expected to be a 

function of 1
p clamp critFλ µ γ −= . Hence, the overall initial stiffness (KOP,i) can be estimated as 

 2
, 1 2OP iK c cλ λ= + , (7.4) 

where 5 1
1 2.272 10c mmkN− −= − × , 2 0.4203c = , and 11

p clamp critkN Fmmλ µ γ −−  =  . For preliminary 

design purposes, when the elastic slip is unknown, the initial stiffness can be estimated as 

 2
, 3 4OP i slip slipK c V c V= + , (7.5) 

where Vslip [kN] is the slip load calculated using Equation (7.2), c3 = -0.04728 kN-1mm-1, and 

c4 = 17.88 mm-1. For the hardening stiffness, KOP,p, a value equal to 0.3% of KOP,i is suggested.  

The column wall thickness may have an effect on the force-displacement behaviour obtained 

from the simplified model. For example, in the previous experiments (Chapter 5), increasing 

the column cross-sectional area from 1530 to 3474 mm2 increased the slip load by 8% for the 

Sa3-150 specimen. The increase in the slip load was explained by the fact that increasing the 

contact area reduced the contact pressure, thereby reducing flattening of the surface asperities 
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and increasing the slip load. Hence, increasing the column thickness will increase the cross-

sectional area, which may have a small effect on the slip load. 

It can be seen from Table 7.1 that the initial stiffness (KOP,i) values in this chapter differ slightly 

from those in Chapter 5. For example, in this chapter, the NSB-150 specimen had a slip load 

of 22.1 kN and an initial stiffness of 378 kN/mm. Hence, the value of B (§5.6.4, p.134) can be 

calculated as 0.059 mm, which is greater than the value of 0.04 mm suggested in Chapter 5. 

The difference was caused by the different boundary conditions, as explained in Section 7.3.6 

(p.168). 

Table 7.1. Connection specimens and associated numerical curve fitting parameters 
Positive axial load (N) indicates tension. 

7.4.2.2 Bearing/yield (PQ) 

The shear force-displacement behaviour in the bearing/yield stage can be represented by the 

exponential function 

 ( ),
, ,

,

( ) 1 exp PQ i P
friction y IMC y col

y IMC

K x x
V x V V V

V

  − −
= + − ≤      

, 
(7.6) 

where V is the applied shear force, x is the displacement, Vfriction is the shear force transferred 

through friction between the column and the central plate, Vy,IMC is the shear force which causes 

first yield of the components of the IMC, Vy,col is the shear force which causes first yield of the 

column, and KPQ,i is the V-x stiffness at the start of the bearing stage. Equation (7.6) is valid 

for x > xP, i.e., the displacement at point P, which is taken as the effective tolerance (4 mm). 

The shear yield capacity of the column (Vy,col) represents the maximum load which can be 

transferred by the column to the IMC. It can be estimated by calculating the column shear 

yield capacity, which may be reduced by the axial load in the column. A conservative estimate 

of the reduced shear yield capacity can be obtained by applying the Von Mises yield criterion 

[217]. Hence, the shear yield capacity can be given as 

Specimen µp Ft,ini 
(kN) 

γcrit 
(mm) 

N 
(kN) 

Fclamp 
(kN) 

Vslip 
(kN) 

KOP,i 
(kN/mm) 

KOP,p 
(kN/mm) 

KPQ,i 
(kN/mm) 

NSB-150 0.5 45 0.025 0 45.0 22.13 377.8 1.449 443.6 

NSB-250 0.5 81 0.025 0 81.0 40.98 619.1 1.998 415.5 

Sa3-150 0.55 45 0.0225 0 45.0 25.47 448.1 1.435 431.7 

Sa3-250 0.55 81 0.0225 46.38 40.5 21.76 388.1 1.388 443.1 

Sa3-250 0.55 81 0.0225 0 81.0 46.72 736.0 1.378 419.3 

Sa3-250 0.55 81 0.0225 -53.6 128.0 76.06 1080.0 3.559 346.8 

Sa3-250 0.55 81 0.0225 -107 175.0 108.30 1387.0 5.626 215.0 
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 ( ) 22 1
,

, ,

max ,

3
y col clamp col

y col V col

f N F A
V A

− −  = , 
(7.7) 

where fy,col is the column yield strength, N is the applied axial tension force, and Fclamp is the 

clamp force. AV,col is the portion of the column cross-section which is active for shear, and it 

can be estimated as [166] 

 , 0.5V col colA A= . (7.8) 

The shear yield capacity of the IMC (Vy,IMC) represents the maximum load which can be 

transferred by the IMC. It can be estimated based on the possible shear yield of the column 

flange (Vy,col,flange), and yield of the shear key (Vy,key). Shear yield of the column flange can 

occur due to lateral pressure from the shear key. Applying Equation (7.7), the shear yield 

capacity of the column flange can be estimated as 

 ( )22 1
,

, , 2
3

y col clamp col
y col flange col key

f F A
V t h

−−
= , 

(7.9) 

where Fclamp is the clamp force, tcol is the thickness of the column section, and hkey is the height 

of the shear key above the central plate. For example, with tcol = 6 mm, hkey = 50 mm, fy,col = 

350 MPa, Fclamp = 81 kN, and Acol = 1532 mm2 the shear yield capacity of the column flange 

is 120 kN. After the column contacts the shear key, friction between the column and the key 

allows the transfer of axial load to the key. However, this axial load is concentrated in the 

flange of the key, while the shear resistance is developed predominantly in the webs. Hence, 

the shear yield capacity of the key can be estimated simply as [166] 

 ,
, 0.5

3
y key

y key key

f
V A= , 

(7.10) 

where fy,key is the yield strength of the key, and Akey is the cross-sectional area of the shear key. 

For example, with fy,key = 350 MPa, and Akey = 1200 mm2 the shear yield capacity of the key is 

121 kN. Hence, the shear yield capacity (Vy,IMC) can be given as 

 , , , ,min( , )y IMC y col flange y keyV V V= . (7.11) 

After the column contacts the shear key, the clamping force can reduce due to friction between 

the column and the shear key. Allowing for the reduced clamping force, the friction resistance 

between the column and central plate can be given as 

 ( )friction P P slip k pV V V V C µ µ∗= − − , (7.12) 

where Cslip is a coefficient from Equation (7.2) (p.173), µp is the column-plate slip factor, µk is 

the column-key slip factor, ,P slip OP p PV V K x= +  is the slip resistance at the start of the bearing 
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stage, and PV V∗ >  is the applied shear force. Substituting Equation (7.12) into Equation (7.6), 

the exponential model can be given as 

 ( ), ,
,

,

( ) 1 exp
1

y IMC PQ i P
P y col

slip k p y IMC

V K x x
V x V V

C Vµ µ

  − −
= + − ≤   +    

. 
(7.13) 

In the numerical model, the shear force was applied to the webs of the upper column, while 

the corresponding frictional resistance was generated around the column perimeter. 

Consequently, there was local bending deformation of the upper column flange, as shown in 

Figure 7.8(b). This reduced the contact area between the column flange and the shear key. The 

resulting deformation of the shear key, which can be idealised as a cantilevering column, was 

increased because the height of the applied lateral load was raised. At the start of the bearing 

stage, the axial load in the upper column had a lateral offset of 4 mm relative to the lower 

column. The resulting bending moment caused a small rotation which further reduced the 

contact area between the column flange and the shear key, thereby increasing deformation of 

the shear key as the height of the applied lateral load was raised. In this way, the axial load in 

the column caused a reduction in the bearing stiffness (KPQ,i). Therefore, fitting a curve to the 

numerical results, the bearing stiffness (KPQ,i) can be given as a function of the clamping force 

as 

 3
, 5 6PQ i clampK c F c= + , (7.14) 

where Fclamp [kN] is the clamping force, 5 2 1
5 4.29 10c kN mm− − −= − × , and 1

6 441c kNmm−= . 

The bearing stiffness given in Equation (7.14) is the result of bending deformation of the 

column and shear key flanges, and combined bending and shear deformation of the shear key 

webs. Due to the restraint applied to the upper surface of the lower column, the deformation 

of the lower column and shear key was suppressed in the numerical model. These may be 

included by halving the stiffness given by Equation (7.14). In addition, the bending 

deformation of the column flange depends on the thickness of the column. Therefore, changes 

to the column thickness may affect the bearing stiffness.  

7.4.2.3 Comparison with numerical results 

Figure 7.12 shows the shear force-displacement curves from the numerical study, in addition 

to those which result from applying the simplified model. In the numerical model, the shear 

force was applied at the bottom of the upper column, which had the effect of suppressing the 

column shear yield. Therefore, the curves plotted in Figure 7.12 do not include the upper limit 

of Vy,col as shown in Equation (7.13), i.e., the applied shear force is not limited to the shear 

yield capacity of the column. In the bearing/yield stage, it can be seen that the simplified model 
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predicts a smaller shear capacity than the numerical simulation, particularly for the specimen 

with an axial tension force (0.5Nt). This occurs because the model assumes that the ultimate 

shear capacity is reached when the applied shear force first causes shear yield of the inter-

module connection. A positive hardening stiffness is not included because the resulting model 

could predict a shear capacity for the inter-module connection that is much larger than the 

column section could transfer. Therefore, the main interest is the accuracy of the model 

behaviour prior to the first shear yield.  

 
Figure 7.12. Comparison between simplified model and numerical results for shear 

behaviour 

Referring to the Sa3-250 specimens in Figure 7.12, the predicted slip load was most accurate 

for the 0.1Nc specimen (0.67% error) and least accurate for the 0.5Nt specimen (11% error). 

For the value of Cslip=1.087, the slip load for the 0.1Nc and 0.2Nc specimens is predicted 

accurately. For smaller clamp loads, which may occur due to axial tension or a small initial 

bolt preload, a value of Cslip=1 is suggested. This would reduce the percentage error for the 

0.5Nt specimen to 2.4%, while increasing that for the 0.1Nc specimen to 1.1%. The predicted 

initial stiffness (KOP,i) was most accurate for the 0.2Nc specimen (0.47% error) and least 

accurate for the 0.5Nt specimen (1.5% error). While the predicted initial bearing stiffness 

(KPQ,i) was most accurate for the 0.0N specimen (0.18% error), and least accurate for the 0.1Nc 

specimen (1.4% error). Overall, a good match is demonstrated between the numerical and 

model parameters for the behaviour prior to first yield. 
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7.5 Axial force-displacement behaviour 

7.5.1 Numerical results 

7.5.1.1 Axial force (N) 

Figure 7.13 shows the numerical axial force-displacement curves for the four specimens. 

Figure 7.13(a) relates to the inter-module joint (IMJ) for which the vertical displacement was 

calculated as 

 IMJ a dy y y= − , (7.15) 

where ya and yd were the vertical displacements at points a and d as shown in Figure 7.1 (p.164) 

and Figure 7.4 (p.167). For axial tension, a high force-displacement stiffness was observed 

which continued until the column started to lift and separate from the central plate at point 2 

(Figure 7.13, p.179). Thereafter, a lower constant stiffness was observed which continued until 

the rod started to yield at point 3, resulting in a sudden increase in the displacement. For axial 

compression, a high stiffness was observed, which was relatively constant until the 

compression force was sufficient to cause yielding of the column at point 1.  

Similarly, Figure 7.13(b) relates to the inter-module connection (IMC), for which the vertical 

displacement was calculated as 

 IMC b cy y y= − . (7.16) 

For axial compression the displacement was negligible in comparison with that of the IMJ. 

For axial tension the displacement was negligible until the column started to separate from the 

central plate at point 2. After the column started to lift, the stiffness was relatively constant 

until the rod started to yield at point 3.  

7.5.1.2 Moment – axial force interaction (M+N) 

A bending moment of 1.35 kNm was applied, and the axial force was increased incrementally 

to establish the axial behaviour, as shown in Figure 7.14. For axial tension, the stiffness of the 

IMC was a constant and there was negligible vertical displacement, until the upper column 

separated from the central plate. The tension force at which the upper column started to lift 

was reduced in comparison with the Sa3-250 specimen, which was subjected to an axial force 

only. The applied moment affected the distribution of the clamping pressure such that a smaller 

tension force was required to cause separation. A P-Δ effect was also introduced, wherein the 

initial bending moment caused a lateral flexural displacement of the column and, hence, as the 

axial force was applied there was a corresponding secondary moment induced in the column. 

For axial compression, the ultimate capacity of the column was reduced due to the P-Δ effect. 

In the case of axial tension, the lateral flexural displacement of the column due to the initial 
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bending caused the rod to contact the central plate earlier, and the ultimate tension capacity of 

the connection was reduced due to the combined bending and tension in the rod.  

 
Figure 7.13. Numerical axial behaviour for (a) the inter-module joint (IMJ) and (b) the 

inter-module connection (IMC) 

7.5.1.3 Shear – axial force interaction (V+N) 

A shear force equal to half the slip resistance of the Sa3-250 specimen was applied, i.e., 23 

kN. The axial force was then increased incrementally to establish the axial force-displacement 

curve, as shown in Figure 7.14. The applied axial tension force slowly reduced the clamp force 

and, hence, the slip resistance, until the connection eventually slipped. When the connection 

slipped there was a corresponding lateral displacement equal to the effective tolerance, i.e., 

the upper column moved across 4 mm relative to the lower column. The rod nuts did not 

immediately slip against the reacting plates (P2), therefore the centreline of the rod rotated 

relative to the column. As a result, a rotation was induced in the upper column due to the 

rotation of the line of action of the rod tension. Hence, the upper column separated from the 

central plate earlier due to the addition of the shear force. That is, the point at which the column 

started to lift was associated with the shear slip of the connection. The lateral displacement 

due to shear slip also caused a bending moment to be induced in the rod. This had the effect 
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of increasing the rod tension, and ultimately reduced the axial capacity of the rod due to the 

combination of bending and tension in the rod.  

 
Figure 7.14. Numerical axial behaviour for Sa3-250 with shear and bending moment 

7.5.2 Comparison with existing inter-module connections 

Two existing inter-module connections (IMCs) with published axial force-displacement data 

were selected for comparison with the post-tensioned IMC. The selected existing IMCs are 

known as the VectorBloc (VB) connection [218] (Figure 7.15a) and the Self-lock (SL) 

connection [219] (Figure 7.15b). In the VectorBloc (VB) connection [218], an upper bloc 

connector joins the module ceiling beams to the column, and a lower bloc connector joins the 

module floor beams to the column. The bloc dimensions were defined to suit a 101.6 x 101.6 

x 9.5 mm square hollow section (SHS) column. During the site assembly, a 12.7 mm thick 

gusset plate is screwed to the upper bloc connectors, thereby providing horizontal connection 

between adjacent modules. The 19.05 mm diameter screws have a countersunk flat head, and 

hence they are known as flat head cap screws (FHCS). A 50.8 mm diameter registration pin, 

which is fixed to the gusset plate, is inserted into the lower bloc of the upper module, and 

assists with the alignment of stacked modules during site assembly. Finally, two long screws 

are inserted through the lower bloc and gusset plate, and into the upper bloc connector of the 

lower module, thereby providing the vertical connection. The 25.4 mm diameter long screws 

have a socket head and are, therefore, known as socket head cap screws (SHCS).  

The axial behaviour of the VB connection was tested experimentally, and the resulting force-

displacement curves are shown in Figure 7.16. The curves, which were traced from the plots 

in the referenced work [218], show the axial behaviour for two similar specimens, i.e., 

Specimen 1 and Specimen 2. In tension, the failure was determined by failure of the long socket 

head screws, and the average maximum load was 521 kN. The ultimate tension capacity of 

each of the long screws was approximately 654 kN, i.e., 2506.7 1290.9 654tfN mm MPa kN= × =  

[218]. The long screws were offset from the column centreline and so they were subjected to 
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combined bending and tension. This explains why the connection failed at 521 kN, which was 

less than the tension capacity of the two screws (1,308 kN). In compression, the failure was 

due to buckling of the column, and the average maximum load was 1,830 kN. The ultimate 

capacity of the 101.6 x 101.6 x 9.5 mm SHS section was approximately 1935 kN, i.e., 
23500 552.9mm MPa×  [218]. 

In the Self-lock (SL) connection [219], a joint box joins the lower module ceiling beam to the 

column, and a similar joint box joins the upper module floor beam to the column. Referring to 

(Figure 7.15b), a stud (12) is fixed to the lower joint box, and it is inserted into the upper joint 

box during site assembly. The upper joint box includes female threaded parts, known as cone-

shaped latches (10), which engage with the male threaded part of the lower joint box, i.e., the 

stud (12). In the upper joint box, springs allow the threaded parts to engage during site 

assembly, without requirement for physical access. The axial tension behaviour of the SL 

connection was tested experimentally, and the resulting force-displacement curve is shown in 

Figure 7.16. The force-displacement curve shows three stages. First, the behaviour was linear 

elastic, up to a load of 350 kN. Then, the behaviour was nonlinear, due to plastic deformation 

of the threads in the stud and cone-shaped latches. Finally, at a load of 690 kN, the stud failed 

in tension at the first thread, where the diameter of the stud cross-section was 40 mm. The 

failure load was approximately equal to the ultimate tensile capacity of the stud, i.e., 
21257 553.7 696tfN mm MPa kN= × =  [219].  

 
Figure 7.15. Existing inter-module connections: (a) VectorBloc (VB) connector [218], 

and (b) Self-lock (SL) connector [219] 

Figure 7.16 shows the axial behaviours, and allows a comparison of the shape of the curve for 

the different IMCs. It can be seen that the behaviour of the PT connection is similar to the SL 

connection, which builds confidence in the numerical results of the present study. This is 

because the tension behaviour for the PT and SL connections was determined by the tension 

failure of a single threaded rod component. In comparison, the axial tension behaviour of the 

VB connection was determined by combined tension and bending in the long screws, which 

resulted in larger displacements.  
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Figure 7.16. Axial behaviour of the VectorBloc (VB) [218], Self-lock (SL) [219], and 

Post-tensioned (PT) inter-module connections 

7.5.3 Simplified analytical model 

A simplified four stage model is proposed for the axial behaviour of the post-tensioned inter-

module joint. The proposed model is defined by three key points, i.e., F, G, and H, as shown 

in Figure 7.17 for the inter-module joint (IMJ) and the inter-module connection (IMC), 

respectively. In this figure, a positive value for the applied force (N) indicates tension, and a 

positive displacement (y) indicates extension of the column length. For the compression 

behaviour, the proposed model has a linear behaviour until the ultimate compression capacity 

is reached at F. For the tension behaviour, the stiffness is constant until the applied tension is 

sufficient to separate the column from the central plate P1, which occurs at G. Prior to G the 

stiffness is high because the column and rod work in combination due to the initial preload in 

the rod. After G the stiffness is reduced as only the rod contributes to the resistance. Finally, 

at H, the ultimate tension capacity is reached.  

 
Figure 7.17. Proposed axial model for the inter-module joint (IMJ) and inter-module 

connection (IMC) 

7.5.3.1 Inter-module joint (IMJ) 

The following method can be used to derive the axial behaviour for the IMJ. First, the ultimate 

compression capacity of the column (NF) is determined using the relevant design standard, for 
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example, AS4100 [139]. Next, the stiffness of the segment FG is calculated by combining the 

stiffness of the column (kcol) with the effective stiffness of the rod assembly (krod,eff) as 

 ,FG col rod effK k k= + . (7.17) 

The stiffness of the column is approximated as 

 col col
col

ad

E A
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L
= , (7.18) 

where Ecol is the elastic modulus, Acol is the cross-sectional area of the column, and Lad is the 

grip length of the rod. The rod assembly consists of two plates (P2) and the rod in series, and 

the effective stiffness is calculated as 
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(7.19) 

where kP2 is the stiffness of plate P2, and krod is the stiffness of the rod. The stiffness of the rod 

can be estimated as 

 rod rod
rod

ad

E A
k

L
= , (7.20) 

where Erod is the elastic modulus, and Arod is the cross sectional area. For practical applications 

Equation (7.20) should be adjusted to allow for the threads in the rod, which were not included 

in the present numerical simulations. Plate P2 is assumed to be a square plate which is simply 

supported with the load applied to a small concentric circle. The effect of the bolt hole is 

neglected and the stiffness can be estimated as [220] 
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(7.21) 

where EP2 is the elastic modulus, bP2 and tP2 are the width and thickness of the plate, 

respectively, and α is a coefficient equal to 0.1267 for a square plate with Poisson’s ratio of 

0.3 [221]. Hence, the displacement at point F (Figure 7.17) can be calculated as 

 F
F

FG

Ny
K

= . (7.22) 

For the post-tensioned connection, the rod is tensioned following the site installation during 

which the modules are stacked. If an external axial load is subsequently applied to the column 

then this has an effect on the clamp force between the faying surfaces and, hence, an effect on 

the tension in the rod (Ft). If an external force (N) is applied to the column, such that N greater 

than zero indicates tension, then the reduced clamp force (Fclamp) can be estimated as 

 ,clamp t ini clampF F C N= − , (7.23) 
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where Ft,ini is the initial preload in the rod, and 
,

col
clamp

rod eff col

k
C

k k
 

=   + 
. The corresponding rod 

tension can then be estimated as 

 ( ), 1t t ini clampF F C N= + − . (7.24) 

To ensure the rod is limited to tension, and to account for the possible separation of the faying 

surfaces, the rod tension must be greater than or equal to zero, and the corresponding clamp 

force must be less than or equal to the applied load (N).  

 
Figure 7.18. Column separates from central plate 

G is the point at which the column separates from the central plate P1 (Figure 7.18). The load 

required to separate the column from the central plate can be found by setting the clamp force 

equal to zero, which gives 

 ,t ini
G

clamp

F
N

C
= , (7.25) 

and the displacement at point G can then be calculated as, 

 G
G
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N
y

K
= . (7.26) 

H is the point at which the rod yields in tension, and the corresponding stiffness of segment 

KGH can be estimated as, 

 ,GH rod effK k= . (7.27) 

Therefore, the displacement at point H can be calculated as, 

 H G
H G
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N N
y y

K
−

= + . (7.28) 
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7.5.3.2 Inter-module connection (IMC) 

For use in the global simulation of the modular building, it is convenient to define the IMC as 

shown in Figure 7.1 (p.164). To derive the axial behaviour for the IMC, a simplification is 

proposed in which the displacement due to the IMC is considered to be insignificant until the 

applied tension is sufficient to separate the upper column from the central plate. Hence, for the 

IMC, the displacement at G is zero, and, after separation, the displacement at H is estimated 

as 

 ,
,

,

H t ini
H IMC

rod eff

N F
y

k
−

= . (7.29) 

7.5.3.3 Moment – axial force interaction (M+N) 

If a constant bending moment is applied in combination with an increasing axial force, a 

change in the N-y stiffness is expected when the neutral axis reaches the centre of the column, 

where the rod is located. To ensure equilibrium, the applied moment (M*) can be related to the 

initial rod tension (Ft,ini) and the applied axial force (N*) as 

 ( )( )*
,t ini Fc FtM F N y y∗ = − −  , (7.30) 

where yFc is the location of the equivalent compression force, and yFt is the location of the rod 

tension. Further explanation on the relevant parameters is provided in Section 7.6.3 (p.193). 

With the neutral axis located at the centre of the column, i.e., 0.5NA Fty y b= = , the location of 

the equivalent compression force can be estimated as 1.8Fc NAy y= . Therefore, the tension force 

at which the N-y stiffness reduces can be estimated as 
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(7.31) 

where b is the width of the column section. For design purposes the axial behaviour can be 

established based on the maximum design bending moment. In addition, the rod preload can 

be selected to ensure that the design bending moment does not exceed the decompression 

moment. 

7.5.3.4 Shear – axial force interaction (V+N) 

If a constant shear force is applied in combination with an increasing axial force, then a change 

in the N-y stiffness is expected when the connection slips in shear. Therefore, the tension force 

at which the connection slips can be estimated as 
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(7.32) 
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where V* is the constant applied shear force. For design purposes, provided the tension force 

is limited to NG, the shear force has little effect on the axial behaviour. That is, the maximum 

axial tension force can be set by selecting the maximum shear force (V*<Vslip). 

7.5.3.5 Comparison with numerical results 

Figure 7.19 compares the simplified model with the numerical results for the axial behaviour 

of specimens Sa3-250 and Sa3-150, i.e., Ft,ini = 81 and 45 kN. The behaviour of the IMJ is 

shown in Figure 7.19(a), and the behaviour of the IMC is shown in Figure 7.19(b). The 

simplified models can be seen to provide a reasonable estimate of the numerical behaviours. 

For example, the numerical result for Sa3-250, i.e., 81 kN preload, showed the column would 

separate from the central plate at a load of 89.3 kN. In comparison, the analytical model 

predicted the column would separate from the central plate at a load of 92.7 kN. This 

represented an error of approximately 3.8%, assuming the numerical result was the more 

accurate value.  

 
Figure 7.19. Simplified model and numerical results for axial behaviour 

For the rod tension, Equation (7.24) (p.184) was well matched to the numerical results, as 

shown in Figure 7.20. The accuracy of the estimated rod tension curve could be improved by 
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a more accurate estimate of the stiffness of plate P2, although a reasonable match was achieved 

with the present simplification. As shown in Figure 7.20, the tension in the rod increases in 

response to a tension force applied to the column. During the design, the size of the rod should 

be selected to ensure that sufficient additional tension capacity is available for the anticipated 

design tension force on the column. At the same time, the reduction in the slip resistance which 

results from the reduced clamping force, following Equation (7.23) (p.183), should be 

considered.  

 
Figure 7.20. Plot of rod tension against column axial load 

7.6 Moment-rotation behaviour 

7.6.1 Numerical results 

7.6.1.1 Moment (M) 

Figure 7.21 shows the numerical moment-rotation (M-θ) curves for the four specimens. Figure 

7.21(a) relates to the inter-module joint (IMJ) for which the total rotation (θ) was calculated 

based on the displacement of points 1 and 2 (Figure 7.5, p.167) as 
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(7.33) 

where x1 and y1 indicated the displacement of point 1 in the x- and y-direction, respectively. 

Similarly, Figure 7.21(b) relates to the inter-module connection (IMC) for which the gap 

rotation (θgap) was calculated based on the displacement of the points 3 and 4 (Figure 7.5) as 
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(7.34) 

A similar behaviour was observed for each of the specimens. Initially, the rotation was caused 

by flexural displacement of the column. At point 1, which is also known as the decompression 

point, the clamp force due to the rod preload was reduced to zero at the leading edge of the 
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column flange. As a result, the column started to lift as illustrated in Figure 7.22. As the column 

started to lift there was a corresponding shift in the neutral axis, and the total rotation increased 

due to the opening of a gap between the upper column and the central plate. As the applied 

moment increased, there was a corresponding increase in the maximum stress in the 

compression flange of the upper column. At point 2 there was local yielding of the column 

flange which caused an increase in the rotation as the gap rotation increased. At point 3 the 

rod came into contact with the central plate which caused a small increase in the M-θ stiffness. 

As illustrated in Figure 7.23, the upper column came into contact with the shear key at point 

4, which again caused a small increase in the M-θ stiffness. Then, at point 5, the shear key was 

effectively confined as the key came into contact with the lower column. 

 
Figure 7.21. Numerical M-θ curves for (a) the total rotation, and (b) the gap rotation 

The ultimate moment capacity was controlled by the key points illustrated in Figure 7.24, 

which occurred after point 5 in Figure 7.21. Since the rod had come into contact with the 

central plate, the applied moment resulted in a combination of tension and bending in the rod, 

which resulted in yielding of the rod at point 6. Due to friction between the upper column and 

the central plate, the applied moment caused local deformation of the column flange, leading 

to contact between the upper column and the shear key at point 7. Friction at the new column 
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to shear key interface, i.e., point 7, then contributed to the ultimate moment resistance. 

Similarly, friction at the interface formed at point 4 (Figure 7.23) increased the moment 

capacity. In the ultimate state the friction resistance was exceeded and the upper column slid 

over the shear key as illustrated by point 8 in Figure 7.24.  

 
Figure 7.22. M-θ key points 1-3 

 
Figure 7.23. M-θ key points 4-5 

 
Figure 7.24. Key points for the ultimate M-θ behaviour 
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7.6.1.2 Axial force – moment interaction (N+M) 

To determine the effect on the moment-rotation (M-θ) behaviour, an axial force (N) was 

applied to the upper column, after which the moment was applied, and incrementally 

increased. The axial forces considered included 0.5Nt, 0.1Nc, 0.2Nc, and 0.3Nc where Nt was 

the tension capacity, and Nc was the ultimate compression capacity of the column. The 

resulting M-θ curves are shown in Figure 7.25. The axial tension force (0.5Nt) decreased the 

decompression moment, i.e., point 1 in Figure 7.21 (p.188), whereas the axial compression 

forces (0.1Nc – 0.3Nc) increased the decompression moment. The applied axial load changed 

the effective clamp force, which explains the difference in the decompression moment. In the 

case of axial compression, the applied axial force increased the effective clamp force, which 

increased the moment required for the column to start to lift. The increased initial clamp force 

also caused an increase in the column stress once the moment was applied. Hence, the 

specimens subjected to an axial compression force had a reduced gap rotation at failure due to 

the earlier yielding of the column flange. For preliminary design purposes, the bending 

behaviour may be established based on the design gravity load. 

 
Figure 7.25. Numerical M-θ curves for the Sa3-250 specimen with varying axial force 

7.6.1.3 Shear force – moment interaction (V+M) 

To determine the effect on the moment-rotation (M-θ) behaviour, a shear force (V) was applied 

to the upper column at the same time as the moment (M) was applied. Following Section 

7.4.1.3 (p.171), three cases were considered: M/V=1 m, M/V=0.5 m, and M/V=0.25 m. The 

resulting M-θ curves are shown in Figure 7.26. The M-θ behaviour in the early stages was not 

affected by the addition of the shear force. In the later stages, as the shear key was effectively 

confined at point 5 (Figure 7.23), the shear force increased the effective normal force, i.e., at 

point 8 in Figure 7.24, which increased the friction developed, and, hence, increased the 

ultimate moment capacity. Since the main interest in design is the early behaviour, the shear 

force may be considered to have negligible effect. 
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Figure 7.26. Numerical M-θ curves for the Sa3-250 specimen with varying shear force 

7.6.2 Comparison with existing inter-module connections 

Two existing connections with published moment-rotation (M-θ) data were selected for 

comparison with the post-tensioned inter-module connection (IMC): a Rotary connection (RC) 

[222] (Figure 7.27a), and a bolted moment end plate (EP) [165] (Figure 7.27b), also known as 

a beam splice connection in the referenced work. For the existing connections considered in 

Section 7.5.2 (p.180), experimental data for the moment-rotation behaviour of the isolated 

connection was not available. Hence, two different existing connections were selected. In 

Figure 7.27, the illustrations are taken from the referenced works, and text added for the 

present study is shown in red. In the Rotary connection (RC), upper and lower corner fittings 

are incorporated in the modules at the corners. The corner fittings are welded in place during 

fabrication of the module, joining the module column to the module beams. The fittings are 

212 x 212 x 234 mm high and 16 mm thick, and suit a 200 x 200 x 18 mm square hollow 

section module column. Holes in the corner fittings allow insertion of a connector during site 

installation of the modules. The connector includes a threaded M58 rod which provides the 

connection between vertically stacked modules, and rotating parts which lock the connector 

in place after positioning of the modules on site. For the experiments [222], the corner fittings 

were fabricated from Q345B steel which had a yield stress of 355 MPa, and an ultimate 

strength of 515 MPa. The connector rod and rotating parts were fabricated from steel with a 

yield stress of 340 MPa and an ultimate strength of 590 MPa.  

In the bolted moment end plate (EP), square hollow sections are joined by a bolted end plate. 

This is a traditional connection type which can be applied in modular buildings as a vertical 

IMC which joins the columns of stacked modules. Wheeler et al. [165] reported the M-θ 

behaviour for this connection type based on experiments completed at the University of 

Sydney. The connection had four M20 8.8/T bolts which were arranged in two rows, and 

tensioned to 145 kN. The yield and ultimate capacity of the bolts was measured as 195 and 

230 kN, respectively. The end plates were grade 350, and had 22 mm diameter bolt holes 
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which were located with 30 mm from the plate edge to the centre of the hole. The 150 x 150 

x 9 mm square hollow sections had nominal yield strength of 350 MPa, and were welded to 

the end plates via 8 mm fillet welds. Three experimental curves were selected for comparison 

with the post-tensioned IMC: T17, T18, and T19, referring to Test 17, Test 18, and Test 19, 

respectively. The end plate thicknesses were 12, 16 and 20 mm for T17, 18, and 19, 

respectively. For the 12 mm thick plate (T17) the test was stopped due to excessive 

deformation of the end plate. In comparison, for T18 and T19, the test was stopped when the 

bolt fractured in tension.  

 
Figure 7.27. Existing inter-module connections: (a) Rotary connection (RC) [222], and 

(b) Bolted moment end plate (EP) [165] 

 
Figure 7.28. Normalised M-θ behaviour of the Rotary connection (RC) [222], Bolted 
moment end plate (EP) [165], and Post-tensioned (PT) inter-module connections 

Figure 7.28 shows the normalised M-θ behaviour for the selected connections. The y-axis was 

normalised by dividing by the plastic moment, Mp, and the x-axis was normalised by the 

corresponding rotation, θp. The plastic moment was identified as the inflection point on the M-

θ curve, which was located between the decompression point and the point at which the rod 

came into contact with the central plate. It can be seen that the behaviour of the PT connection 
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is similar to that of the rotary connection and the bolted moment end plate, which builds 

confidence in the numerical results of the present study.  

7.6.3 Simplified analytical model 

A simplified two stage model (OTU) is proposed for the moment-rotation (M-θ) behaviour, as 

shown in Figure 7.29. In the first stage (OT) the connection is compressed due to the rod 

preload. A linear model can be applied which has two parameters: KOT and MT. KOT is the 

initial M-θ stiffness, which is due to flexure of the column, and can be estimated based on a 

fixed-free cantilever with a concentrated moment applied at the free end. Hence, assuming a 

rigid behaviour for the column, the stiffness can be given as 
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= , (7.35) 

where L12 is the initial vertical distance between points 1 and 2 in Figure 7.5 (p.167), and Ecol 

and Icol are the elastic modulus and area moment of inertia for the column cross-section, 

respectively.  

The derivation of Equation (7.35) can be further explained as follows. Referring to Figure 7.5 

(p.167) it can be seen that L12 is the joint length along the upper column. Moreover, that the 

column segment initially displayed a rigid behaviour, based on which the total rotation was 

given in Equation (7.33) (p.187). Following the fixed-free cantilever model with a 

concentrated moment (M) at the free end, the lateral displacement x can be given as a function 

of y as 

 2

( )
2 col col

Myx y
E I

= . 
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Due to the initial preload, the column was effectively fixed at point 1 (Figure 7.5, p.167), 

hence, the lateral displacement at point 2 can be given as 
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Since the column segment initially displayed a rigid behaviour, the total rotation can be given 

as 
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Assuming a small angle, which will be the case for the initial stiffness, then 

 12

2 col col

ML
E I

θ = , (7.39) 

and the moment-rotation stiffness can be given as 
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T represents the point at which the applied moment is sufficient to cause first decompression 

of the column. The first decompression occurs when the tensile stress due to bending is equal 

to the compression stress due to the preload, plus any additional applied axial load. Hence, the 

moment at which the column edge starts to lift can be given as 

 clamp col
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where Fclamp is the clamp force which is defined by Equation (7.23) (p.183), Zcol is the elastic 

section modulus of the column, and Acol is the gross area of the column cross-section. The 

rotation at T can then be calculated as 

 T
T

OT

M
K

θ = . (7.42) 

 
Figure 7.29. Proposed M-θ model 

After decompression the M-θ behaviour is nonlinear and it is represented by the segment TU 

in Figure 7.29. The nonlinear M-θ behaviour can be estimated by following an iterative 

procedure as shown in Figure 7.30. First, an arbitrary rotation is applied to the connection, and 

the depth to the neutral axis (Figure 7.31) is guessed. The maximum compression strain in the 

column can then be calculated by adopting the Monolithic Beam Analogy (MBA) [223, 224]. 

In the present application, the MBA indicates that the lateral displacement of an equivalent 

monolithic column is equal to the sum of the lateral displacements due to the elastic flexural 

displacement of the column, and the gap opening between the column and the central plate. 

This analogy provides the second equation needed to determine the strain in the column, while 

ensuring strain compatibility, given the use of an unbonded post-tensioning rod [224].  
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Figure 7.30. Iteration flow chart 

 
Figure 7.31. Free body diagram for iterative calculation of the M-θ behaviour 

The lateral displacement of a monolithic column subjected to a bending moment M can be 

given as 

 2

2mon mon
Lφ∆ = , (7.43) 

where mon
M
EI

φ =  is the curvature, and L is the height of the monolithic column. After 

decompression the lateral displacement can be given as 

 2

2gap dec
LLθ φ∆ = + . (7.44) 

The decompression curvature can be given as [223] 
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where N is the axial load, Ft is the rod tension, Ecol is the elastic modulus, Acol is the column 

cross-sectional area, and b is the column width. Assuming mon∆ = ∆ , the curvature can be 

calculated as 
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Hence, the maximum compression strain can be calculated as 
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Assuming a linear distribution, the strain can be given as 
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where b is the column width and yNA is the distance to the neutral axis. The compression stress, 

fc, can then be calculated based on the quad-linear material model [203] for the column steel. 

The strain in the rod can be estimated by summing the strain due to the initial rod tension with 

the strain due to the applied rotation (θgap). Hence, the total strain in the rod can be given as 
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where Lad is the grip length of the rod and krod is the axial stiffness of the rod. yFt gives the 

location of the rod tension force which can be estimated as 
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where Lbd is the length between points b and d in Figure 7.1 (p.164), dtol is the bolt hole 

tolerance, and θrod is the rotation of the rod which can be estimated as 

 ab
rod

ad

L
L

θ θ≈ . (7.51) 

Hence, the tension stress can then be calculated based on the quad-linear material model for 

the rod steel, and the tension in the rod can be calculated as 

 t t rodF f A= . (7.52) 

The guessed neutral axis location can then be varied over several iterations, until vertical force 

equilibrium is achieved. Finally, the corresponding moment can be estimated based on 

moment equilibrium, after the position of the equivalent compression force is calculated. 
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Based on the column geometry, the total width of the square hollow section area, excluding 

the hollow internal area, can be expressed as a function of y as 
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where b, t, and ro are the column section width, thickness and outer corner radius, respectively, 

and 1 or yλ = −  and 2 or b yλ = − + . Hence, the cross-sectional area of the column subjected to 

compression can be given as 
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where yNA is the distance to the neutral axis. The compression force can then be calculated as 
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and the location of the equivalent concentrated compression force can be calculated as 

 

NA

c

b

col c
y

F
c

yw f dy
y

F
=
∫

. 

(7.56) 

The corresponding moment values can be estimated as 
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Having followed an iterative procedure to obtain the M-θ curve, the plastic moment, which 

was used to normalise the behaviour in Section 7.6.2 (p.191), can be obtained directly. As 

shown in Figure 7.32, the plastic moment (Mp) is defined by the intersection between the initial 

and hardening stiffness, after the point of decompression (MT).  

Figure 7.32 compares the simplified model with the numerical results for the moment-rotation 

(M-θ) behaviour of specimens Sa3-250 and Sa3-150. A reasonable match is shown for the 

early stages. For example, for Sa3-250, the numerical results showed the column edge would 

start to lift at a moment of 1.64 kNm. In comparison, the analytical model predicted the column 

edge would lift at a moment of 1.63 kNm which, assuming the numerical value was more 

accurate, indicated an error of 0.55%. Considering the plastic moment, the numerical and 

analytical model values were 2.74 and 2.37 kNm, respectively, indicating an error of 14%. In 
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the later stages, the ultimate moment capacity is underestimated. For example, for Sa3-250, in 

the numerical model, the upper column came into contact with the shear key at a moment of 

5.7 kNm. Thereafter, the simplified model underestimates the moment capacity because 

contact between the column and shear key is not accounted for.  

 
Figure 7.32. Simplified model and numerical results for M-θ behaviour 

Figure 7.33 compares the model and numerical M-θ curves for specimen Sa3-250 with varying 

applied axial load. A reasonable match is shown, demonstrating that the model is able to 

capture the effect of the axial load. For example, with an axial load of 0.3Nc, the numerical 

result shows a plastic moment of 4.97 kNm, and an ultimate moment capacity of 6.00 kNm. 

The analytical model, however, predicts a plastic moment of 4.96 kNm, and an ultimate 

capacity of 5.73 kNm, indicating errors of 0.55 and 4.5%, respectively. Similar to the case 

with no axial load, the model underestimates the moment capacity if the gap rotation is large 

enough to cause contact between the column and the shear key.  

 
Figure 7.33. Simplified model and numerical results for M-θ behaviour with axial load 

7.7 Summary 

In this chapter, the shear, axial and bending behaviours of the newly developed post-tensioned 

inter-module connection were investigated by numerical simulations. Simplified models were 
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developed to predict the shear, axial and moment-rotation behaviours. The main findings are 

summarised as follows.  

1. The important shear behaviour can be represented by a two stage model (Figure 7.11, 

p.173). Bending moments have negligible effect, while axial forces affect the effective 

clamp force and, hence, the slip resistance. For preliminary design, the shear behaviour 

may be based on the corresponding design gravity load. 

2. The axial behaviour can be represented by a multi-linear model (Figure 7.17, p.182). 

Bending moments affect the clamping pressure and introduce a P-Δ effect, which affects 

the axial behaviour. For design, the axial behaviour can be established based on the 

maximum design moment. Shear forces affect the tension behaviour, causing the upper 

column to lift earlier, and reducing the capacity due to combined tension and bending in 

the rod. For design, the tension force may be limited depending on the maximum shear 

force, such that the shear force has negligible effect on the axial behaviour. 

3. The moment-rotation behaviour can be represented by a two stage model (Figure 7.29, 

p.194). In the first stage the behaviour is linear, while in the second stage, the nonlinear 

behaviour is estimated by an iterative procedure. Axial forces affect the bending behaviour 

by reducing the gap rotation at failure due to earlier yielding of the column. For a 

preliminary design, the bending behaviour may be established based on the design gravity 

load. Shear forces affect the behaviour in the later stages due to the development of friction 

between the column and the shear key. Since the main interest is the early behaviour, the 

shear force can be considered to have negligible effect. 
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Chapter 8 Simplified models for the interlocking 
(IL) connection1 

8.1 Introduction 

A new interlocking (IL) inter-module connection (IMC) was proposed in Chapter 6, and 

experimental and numerical studies were undertaken to develop an empirical model for the 

shear behaviour. Numerical models were developed based on the experimental specimens 

which combined two connections to give a balanced load arrangement (Figure 8.1a). This was 

replicated in the numerical models (Figure 8.1b) which included symmetry boundary 

conditions in the X- and Z-directions. Penalty friction was adopted for the tangential behaviour 

in ABAQUS, and the elastic slip and friction coefficient were input based on the previous slip 

factor tests (Chapter 4). To validate the numerical models, the numerical and experimental 

shear force-displacement curves were matched. Hence, a simplified empirical model was 

proposed for the shear behaviour of the experimental specimens. However, it remains to 

investigate the shear behaviour of a single IL connection, which may be different to that of the 

experimental specimens due to the different loading and boundary conditions. Moreover, it 

remains to establish simplified models for the axial force-displacement and moment-rotation 

(M-θ) behaviours of the IL connection.  

Therefore, in this chapter, an intermediate numerical simulation is undertaken to investigate 

the effect of the loading and boundary conditions on the shear behaviour. The intermediate 

model is different to the previous numerical models (Chapter 6) in three ways. First, the 

intermediate model has only one connection, as would be the case in a modular steel building, 

whereas the previous models included two connections (Figure 8.1). Second, the shear force 

is applied directly to the column in the intermediate model, whereas the shear force was 

applied to the bearings in the previous models. Third, the intermediate model has the bolts and 

locating pins positioned centrally in their respective holes, whereas in the previous models 

they were positioned at one side of the holes. Following the intermediate simulations, extended 

numerical models are developed based on a more realistic geometry which has two bolts per 

column to improve the resistance to in-plane rotation. The shear behaviour is similarly 

investigated, following which the simplified model developed for the shear behaviour in 

Chapter 6 is reviewed and improved. Then, the numerical models are further extended to 

establish the axial and M-θ behaviours. To verify the extended numerical results, simplified 

                                                      
1 The related work in Chapter 8 was published in Engineering Structures: 

Lacey AW, Chen W, Hao H, Bi K. New interlocking inter-module connection for modular steel 
buildings: Simplified structural behaviours. Eng Struct. 2021;227:111409. 
https://doi.org/10.1016/j.engstruct.2020.111409 

 

https://doi.org/10.1016/j.engstruct.2020.111409
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analytical and semi-empirical models are developed, and the results are compared. Further, a 

comparison is made between the present numerical behaviours, and the experimental 

behaviours reported for other existing IMCs [165, 218, 219, 222]. The extended numerical 

results are shown to be similar to those from the previous experimental studies, which verifies 

the accuracy of the present numerical simulations.  

 
Figure 8.1. (a) Previous experimental setup and (b) numerical model 

Adapted from Figure 6.5 (p.141) and Figure 6.18 (p.155). 

8.2 Interlocking (IL) connection 

The new interlocking IMC was introduced in Chapter 6. It was illustrated in Figure 6.1 (p.138) 

and described in Section 6.2 (p.137). In this chapter, the interlocking (IL) connection is limited 

to a configuration suitable for the connection of two upper and two lower modules (Figure 

8.2). Although the IL connection supports the connection of eight modules, the present chapter 

is simplified by limiting the scope to two and four modules. As shown in Figure 8.3, these are 

the two cases which occur for a building comprised of modules placed either side of a central 

corridor, such as the case study building considered in Chapter 3. 

8.3 Inter-module joint model 

The development of joint models applicable to bolted IMCs was summarised in Section 2.2.3.1 

(p.27). The IMC model adopted in the present work is shown in Figure 8.4. For the vertical 

connection between two modules, i.e., 2C (Figure 8.4b), points a, b, and c were defined along 

the column centreline, such that ab and bc represent two link elements, which may be 

combined into a single vertical link. In the following sections, nonlinear springs were defined 
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to reflect the shear, axial and moment-rotation behaviours of the links. For the connection 

between four modules, i.e., 4C, the vertical connection was defined similarly, with two points 

along each column centreline, as shown in Figure 8.4(c). Hence, ab and bc are vertical links 

on one side, and de and ef are vertical links on the other side. For the horizontal connection, a 

horizontal link was defined between points b and e. Then, in the following sections, the axial 

and shear springs were established based on the section properties of the central tie plate.  

 
Figure 8.2. Interlocking inter-module connection 

Adapted from Figure 6.1 (p.138). 

 
Figure 8.3. Typical modular layout showing (a) module, (b) 2 column connection, and 

(c) 4 column connection 

The combination of the vertical and horizontal connections in the 4C geometry contributed 

significantly to the complexity. In the existing literature, a horizontal gap is generally provided 

between the adjacent columns. This gap simplifies the analysis by ensuring that there is no 

contact between horizontally adjacent columns, which might otherwise affect the behaviour. 

In the present work, the connections were modelled without a horizontal gap between the 

columns, which was considered a more realistic arrangement. Then, in the cases where contact 
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between the columns occurred, the effect on the connection behaviour is discussed, and a 

recommendation is made on whether the contact should be considered for design purposes.  

 
Figure 8.4. Inter-module connection model showing (a) XY section through 

connection, (b) connection between two module columns (2C), and (c) connection 
between four module columns (4C) 

8.4 Numerical simulation 

8.4.1 Intermediate numerical models 

The finite element model was prepared using ABAQUS [206], and the geometry (Figure 8.5) 

was based on the experimental specimens A1 and A2 (Figure 6.2, p.139), for which the bolt 

preloads were 50 and 35 kN, respectively. The bolts and locating pins were positioned 

centrally in their respective holes, and a symmetry boundary condition was defined in the z-

direction. The locating pins, L1 and L2, were tied to the lower plates, P3L and P3R, to match 

the experimental weld detail. Similarly, the column cross-sections were tied to the adjacent 

plates, i.e., C1 was tied to P1L, C2 to P1R, C3 to P3L, and C4 to P3R. The mesh consisted of 

first-order 8-node linear brick elements (C3D8R in ABAQUS) with a nominal size of 3 mm. 

The 3 mm size was selected following a sensitivity study, wherein the shear force-

displacement behaviour was determined for mesh sizes of 6, 3, and 1.5 mm (Figure 8.6). The 

3 mm mesh was found to be suitable, with little difference in the shear behaviour compared to 

the model with the 1.5 mm mesh.  

Hard normal contact was input generally and separation was allowed. Penalty friction was 

adopted for the tangential behaviour, and the friction coefficient and elastic slip were input 

based on the numerical calibration carried out in Section 6.5 (p.154). Hence, the elastic slip 

was 0.001 mm for all of the contacting surfaces. Similarly, the friction coefficient was 0.3146, 

0.05, 0.2, and 0.3 for the plate/plate, bolt head/plate, locating pin/plate, and column/column 

interfaces, respectively, while the bolt shank/plate contact was frictionless. The friction 

coefficient of 0.3146 for the plate/plate interface reflected the clean mill scale finish (Table 
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4.3, p.90), while the coefficient of 0.3 represented the painted finish applied by the 

manufacturer of the hollow steel sections (§5.5.2, p.123). The material properties were also 

matched to the previous study. The stress-strain curves were defined using the quad-linear 

model [203], and the elastic modulus and Poisson’s ratio was input as 200 GPa and 0.25, 

respectively. Finally, the yield and tensile strengths were defined as shown in Table 6.2 

(p.142). 

 
Figure 8.5. Intermediate numerical model 

All dimensions in mm. 

Three steps were defined for the analysis. First, the contact interactions were activated, after 

which the bolt preloads were generated using the applied force method. Finally, the bolt length 

was fixed, and the shear force was applied to the web of the upper column (C1), while the 

lower columns (C3 and C4) were restrained, as shown in Figure 8.5(a). Figure 8.7 shows the 

experimental and numerical shear behaviours from the previous study (Chapter 6), along with 

the numerical shear behaviours for the intermediate connection. Since the experimental setup 

included two connections, while the intermediate geometry had only one connection, the 

numerical force was multiplied by two for the intermediate connection curves. B1 and B2 refer 



206 

to the previous experimental specimens which were identical to A1 and A2 except that the 

locating pins were omitted. 

 
Figure 8.6. Numerical shear force-displacement behaviour for the intermediate 

connection with varying nominal mesh size 

 
Figure 8.7. Shear force-displacement curves for the intermediate connection and 

previous experimental specimens (Chapter 6) 

Referring to the friction/slip stage in the previous study (Chapter 6), the experimental shear 

force-displacement (V-x) curve differed from the numerical curve mainly due to the presence 

of gaps between the connection elements, which resulted from the fabrication and assembly 

tolerance. For the A2 and B1 specimens, for example, the initial gap was small and the 

numerical and experimental curves matched well in the friction/slip stage (Figure 8.7). In the 

following bearing stage, deformation of the bolt threads and rotation of the bolt shank relative 

to the nut increased the experimental displacement. In comparison, the numerical curve 

overestimated the stiffness as the numerical model did not include the bolt threads, and the nut 

and bolt shank were combined which reduced the rotation of the bolt shank. Moreover, while 

the numerical model resulted in a consistent slip sequence, the experimental slip sequence 

varied depending on the surface variation of the friction coefficient, which could result in 

eccentric loading of the bolt shank and further increase the experimental bearing displacement. 

Notwithstanding these differences, the previous study matched the friction/slip shear 
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behaviour neglecting the initial gaps, which validated the tangential behaviour in the 

ABAQUS numerical model. Although the previous experiments were not carried out until 

failure of the specimens, the deformed shape of the locating pins and bolts in the numerical 

results matched that observed in the experiments. For example, Figure 8.8(a) presents the 

numerical model of the A1 specimen showing the distribution of the Mises stress while Figure 

8.8(b) and (c) show the post-experiment deformation of a locating pin and bolt, respectively. 

 
Figure 8.8. (a) Numerical model of the A1 specimen showing distribution of Mises 
stress, (b) post-experiment deformation of a locating pin, and (c) post-experiment 

deformation of a bolt 

Similarly, in the present study, the main interest was the friction/slip portion of the V-x curve. 

Comparing the present numerical curves for the intermediate connection with the calibrated 

numerical curves for the experimental specimens (Figure 8.7), two main differences were 

observed. First, the displacement at the end of the friction/slip stage was smaller for the present 

intermediate connection which had an effective bolt hole tolerance of 2 mm, as compared with 

4 mm in Chapter 6. Second, the numerical slip resistance for the intermediate connection was 

smaller than the numerical slip resistance for the related experimental specimen, i.e., 86.6 

compared with 99.9 kN for A1 and 61.6 compared with 68.9 kN for A2. In the previous 

experiments, the shear force was simulated by applying a compression force to the upper 

bearing while the lower bearing was restrained, as shown in Figure 8.1(b). Therefore, the offset 

distance between the restraint and the applied shear force was larger in the previous study 

(Chapter 6). The bending moment caused by the offset shear force resulted in a different 

distribution of the contact pressure across the faying surfaces. This ultimately resulted in a 

larger slip resistance for the experimental specimens, as compared with a similar single 

connection in a modular building, based on the intermediate connection results. Therefore, the 

simplified model proposed for the shear force-displacement behaviour of the experimental 

specimens in Chapter 6 may over-estimate the slip resistance if applied to a single connection 
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in a modular building. Hence, further study of the shear force-displacement behaviour of a 

single interlocking connection was required. 

8.4.2 Extended numerical models 

While the experimental specimens were well suited to the experimental method adopted in 

Chapter 6, the geometry was not optimised for practical applications in real structures. As 

shown in Figure 8.5(a), the intermediate connections, which were based on the experimental 

specimens, had only one bolt per column. If a shear force was applied to the column in the Z-

direction (Figure 8.5a), then rotation of the column about the Y-axis would be restrained only 

by friction due to the bolt preload. The moment about the Y-axis which could be restrained in 

this way would be small, as the friction is generated closely around the bolt. To resist in-plane 

rotation in practical applications, it is desirable that at least two bolts are provided per column. 

Therefore, following the intermediate numerical models, two extended numerical models were 

developed. For the first numerical model, 2C, the geometry allowed connection between two 

modules, as shown in Figure 8.9(a). Similarly, the geometry of the second model, 4C, allowed 

connection between four modules, as shown in Figure 8.9(b). The key dimensions of the parts 

are illustrated in Figure 8.9(c).  

 
Figure 8.9. Numerical model showing (a) 2C geometry, (b) numerical model, (c) 4C 

geometry, and (d) partial 4C geometry 

For the extended numerical models, the materials, contact interactions and constraints, and the 

mesh were defined in the same way as described in Section 8.4.1. The shear force was similarly 
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applied to the upper column webs, while the top surface of the lower column was restrained, 

as shown in Figure 8.10(a). The axial force was applied to the top surface of the upper column, 

as shown in Figure 8.10(b), and the bending moment was applied relative to a central reference 

point located at the top of the upper column, as shown in Figure 8.10(c). For 4C, the loads 

were first applied to only one of the two upper columns, while the effect of loading on each of 

the two upper columns is discussed as appropriate in the following sections.  

 
Figure 8.10. Loading and boundary conditions 

8.5 Shear force-displacement behaviour 

8.5.1 Numerical results 

8.5.1.1 Shear (V) 

A shear force was applied to the column webs, while the displacement was recorded at points 

1 and 2, as shown in Figure 8.10(a) for the 2C geometry. For the 4C geometry, the shear force 

was similarly applied to column C1, while the two lower columns were restrained, as shown 

in Figure 8.13. Figure 8.11 shows the resulting numerical shear force-displacement (V-x) 

curves for two different bolt preloads, based on the average displacement. For example, the 

displacement in the x-direction was calculated as 

 1 2

2
x xx +

= , (8.1) 

where x1 and x2 were the x-displacement at points 1 and 2 (Figure 8.10a), respectively. 
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Figure 8.11. Numerical shear force-displacement curves corresponding to the 4C 

geometry, and the 2C geometry with different bolt preloads 

For 2C, a similar V-x behaviour was observed for the positive and negative shear forces. The 

displacement slowly increased until the friction resistance was reached, and there was a large 

displacement corresponding to the slip between the plates. As the slip displacement reached 2 

mm, i.e., the bolt hole tolerance, the bolts and the locating pin were confined and the V-x 

stiffness increased. B1 (see Figure 8.9, p.208) yielded first, although it was closely followed 

by the locating pin (L1), and finally by the second bolt B2. The bolt preload affected the slip 

resistance, and a higher preload resulted in a higher slip resistance due to the increased friction 

between the clamped plates. For example, two different bolt preloads, 35 and 50 kN, are shown 

in Figure 8.11.  

Pressure between the plates was generated at the bolt locations due to the initial bolt preloads. 

The initial friction resistance was, therefore, concentrated at the bolt locations, while the shear 

force was applied to the column webs, as shown in Figure 8.10(a). That is, the centroid of the 

bolt group was offset from the line of action of the applied shear force. Therefore, once the 

friction resistance was exceeded the resulting slip permitted rotation of the upper plates P1 and 

P5 relative to P6, as shown in Figure 8.12. The eccentricity was resolved by the rotation, which 

collectively engaged the two bolts and the locating pin to resist additional shear force by direct 

bearing.  

For 4C, the slip resistance for the positive shear force was greater than that for the negative 

shear force (Figure 8.11). When subjected to a positive shear force, C1 came into contact with 

C2, as shown in Figure 8.13(a). The frictional resistance was effectively doubled because all 

four of the bolts contributed. Moreover, the presence of P2 restrained rotation of P1, as friction 

developed at the interface between P1 and P2. Hence, the total slip resistance of 4C was greater 

than twice that for 2C. In contrast, when subjected to a negative shear force (Figure 8.13b), 

C1 moved away from C2, and only two of the four bolts contributed to the frictional resistance. 

The slip resistance for 4C was therefore more similar to 2C, although there was still a small 



 

211 

increase as P2 restrained the initial rotation of P1. After slip, contact between P1 and P2 

resulted in a greater V-x stiffness and ultimate capacity for 4C, compared with 2C.  

 
Figure 8.12. Deformed shape for 2C with shear force applied in the (a) positive and (b) 

negative x-direction 

 
Figure 8.13. Deformed shape for 4C with shear force applied in the (a) positive and (b) 

negative x-direction 

8.5.1.2 Axial – shear interaction (N+V) 

An axial load was applied to the upper column C1, as shown in Figure 8.10(b), after which a 

shear force was applied and incrementally increased to establish the shear V-x curve. Axial 

forces of 0.5Nt, 0.1Nc, and 0.2Nc were considered, where Nt and Nc are the yield strength of 

the connection in tension and compression, respectively, based on visual inspection of the 

numerical results in Section 8.6. The resulting V-x curves for the 2C geometry are shown in 

Figure 8.14. When an axial compression force was applied, additional friction was generated 

by the resulting normal pressure between the columns. This friction resistance was aligned 

with the shear force such that the rotation of the plates following slip was less significant. 
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Consequently, the shear force was transferred predominantly to only one bolt (B1) and the 

locating pin (L1). Hence, only B1 and L1 contributed to the first shear yield capacity.  

Applying a tension force 0.5Nt in this study caused the plates to separate from one another 

between the columns. P1 and P6 (Figure 8.12) were subjected to bending, while the normal 

pressure between P1 and the head of B1, and between P6 and the nut of B1 was increased. P1, 

P6 and B1 are labelled in Figure 8.12 which shows the deformed shape due to pure shear, 

while Figure 8.19 (§8.6, p.218) shows the deformed shape due to the axial tension force. For 

a positive shear force, as the friction resistance was reached P1 slipped 1 mm, and came into 

contact with the B1 bolt shank. However, due to the increased normal pressure between P6 

and B1, B1 was unable to immediately slide across, and the V-x stiffness increased, i.e., the 

tension force changed the slip sequence. This affected the bearing/yield behaviour by changing 

the boundary conditions for B1. The shear yield capacity of the connection was increased, as 

the full shear yield capacity of B1 resisted the applied shear force, and the failure mechanism 

was changed to bearing in P1. In comparison, the connection subjected to a compression force 

had a lower shear capacity, as the combined shear and bending in the bolt reduced the effective 

bolt shear yield capacity. In contrast, for a negative shear force, the vertical offset of the shear 

force increased the rotation of P1. This altered the normal pressure distribution around B1 

which allowed the bolt to slide. The subsequent shear yield of the connection was reduced due 

to the combined shear and bending in B1, and the failure mechanism included bending of P1 

and P6.  

 
Figure 8.14. Numerical shear force-displacement curves with varying axial force 

8.5.1.3 Moment – shear interaction (M+V) 

A bending moment and shear force were applied to the upper column, as shown in Figure 

8.10(c) and (a). The moment and shear force were applied simultaneously, as would be the 

case for a cantilevering column subjected to a lateral load. Three different bending moment to 

shear force ratios were considered, namely M/V=1 m, M/V=0.5 m, and M/V=0.25 m. A shear 
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force in the positive x-direction was assumed to correspond with a negative moment about the 

x-axis. Figure 8.15 shows the resulting V-x curves. Due to the relatively low M-θ stiffness, 

the V-x curves for each of the M/V combinations were related to the moment-rotation (M-θ) 

response of the connection. For M/V=0.25 m, for example, the V-x curve shows a large x-

displacement at -7.2 kN. The corresponding moment was 1.8 kNm, which will be derived as 

the positive plastic moment capacity in Section 8.7.3.2 (p.232). Therefore, the large x-

displacement at -7.2 kN was associated with yielding of the plates in bending, rather than shear 

slip at the plate interface. The negative M-θ stiffness was greater than the positive M-θ stiffness 

(see §8.7, Figure 8.27, p.228). Hence, the positive and negative V-x curves for the M/V 

combinations were not symmetric, as the x-displacement was mainly due to the rotation 

induced by the moment. In contrast, in the case of pure shear, the x-displacement was 

associated with the friction/slip shear behaviour, and so the positive and negative V-x curves 

were symmetric. 

 
Figure 8.15. Numerical shear force-displacement curves with varying bending moment 

Due to the low M-θ stiffness, it is unlikely that the connection will attract a large moment 

when incorporated in a modular structure. Moreover, if it does attract a large moment, then the 

friction/slip shear behaviour will be insignificant compared to the large rotation of the yielded 

connection. Therefore, it is suggested that the symmetric pure shear behaviour can be adopted 

for preliminary design purposes. If, however, the connection is to be adopted in applications 

where it will be subjected to bending moments approaching the moment capacity, then a 

reduction factor should be introduced to accommodate possible bending effects. 

8.5.2 Simplified empirical model 

8.5.2.1 Friction/slip (OP) 

In Chapter 6, a model was proposed for the initial shear force-displacement behaviour of the 

experimental specimens as Equation (6.4) (p.159). In the present chapter, an improved 

function is proposed (Figure 8.16) as 
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,( ) 1 exp V i

slip
slip

K x
V x V

V

  −
= −      

, 
(8.2) 

where α is replaced by Vslip, and β is replaced by 1
,slip V iV K − . Equation (8.2) is preferred over 

Equation (6.4), because the slip resistance (Vslip) and initial stiffness (KV,i) are shown clearly. 

Equation (8.2) is limited to the range 0 Px x≤ ≤  where xP is the effective tolerance. For x less 

than zero, Vslip is negative, while KV,i remains positive, resulting in a negative value for V, as 

expected.  

Table 8.1 shows the results of fitting Equation (8.2) to the numerical data. To estimate the slip 

resistance, a function was fitted to the numerical values, assuming that, disregarding numerical 

error, the positive and negative values should be equal. Hence, the slip resistance can be 

estimated as 

 slip slip p clampV C Fµ= , (8.3) 

where Cslip = 0.9915 with 95% confidence bounds of (0.9753, 1.008), µp is the slip factor, and 

 ,clamp b t iniF n F N= −  (8.4) 

is the clamping force calculated based on the number of bolts (nb), initial preload (Ft,ini), and 

applied axial force (N, tension positive). Similarly, the initial stiffness can be estimated as 

 1
, 1 2V i p critK c c Nµ γ −= + , (8.5) 

where 1
1 497.3 kNmmc −= , N [kN] is the applied axial force (tension positive), and 

2 0.03289c = − . γcrit [mm] is the elastic slip which, in the numerical model, defined the 

maximum slip in the sticking phase of the tangential contact, and defined the local sticking 

stiffness as in Equation (7.3) (p.173). Hence, the stiffness in Equation (8.5) is proportional to 
1

p critNµ γ − . For preliminary design, γcrit = 0.001 mm, i.e., the elastic slip input for all surfaces in 

this chapter, may be adopted in Equation (8.5).  

 
Figure 8.16. Proposed model for shear force-displacement behaviour 
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Table 8.1. Curve fitting parameters for the numerical shear behaviour of 2C 
Positive axial load (N) indicates tension, µp = 0.3146, and γcrit = 0.001 mm. 

As the slip displacement was measured at the column, the axial load applied to the column 

(N), affected the initial stiffness (KV,i). The centre of the bolt group was offset from the column. 

Therefore, the bolt preload caused the plates to separate underneath the column. Although the 

separation was small, it caused a reduction in the initial stiffness, because the shear force had 

to be transferred from the column to the bolts where the friction resistance was generated. That 

is, the slip displacement was increased by the axial elongation of the plate. Conversely, when 

a compression force was applied, the plates under the column were pushed together, and the 

friction resistance was generated directly underneath the column. This caused an increase in 

the stiffness (KV,i), as the axial elongation of the plate did not add to the measured slip 

displacement. The axial tension force also caused a difference between the initial stiffness for 

the cases of a shear force in the positive and negative x-directions. In the positive x-direction, 

the shear force reduced the separation of the plates under the column. Once the initial 

separation was closed, the stiffness was increased, and, hence, the curve fitting process 

resulted in a higher stiffness. In the negative x-direction, the shear force increased the plate 

separation, and so the curve fitting resulted in a lower stiffness. 

The simplified model for the friction/slip stage matched the numerical results for the 2C 

geometry (Figure 8.17). As shown in Table 8.2, the percentage error was calculated for the 

model slip resistance and initial stiffness, relative to the average numerical result. The largest 

error for the slip resistance was 3.6%. The error was mainly associated with the curve fitting 

process, which resulted in slightly different slip resistances for loading in the positive and 

negative x-directions. Except for the model subjected to axial tension, the largest error for the 

initial stiffness was 1.5%. In the case of axial tension, i.e., N equal to a positive value of 0.5Nt, 

the simplified model significantly overestimated the initial stiffness by 63%, as shown in 

Direction Ft,ini (kN) N (kN) Fclamp (kN) Vslip (kN) KV,i (kN/mm) KV,b (kN/mm) 

+x 50 0 100 31.87 509.1 95.12 

-x 50 0 100 -31.74 498.0 109.60 

+x 35 0 70 22.31 504.3 91.18 

-x 35 0 70 -22.4 492.8 106.40 

+x 50 -53.6 (0.1Nc) 153.6 46.5 1039.0 79.36 

-x 50 -53.6 (0.1Nc) 153.6 -46.01 1035.0 102.70 

+x 50 -107.3 (0.2Nc) 207.3 65.32 1629.0 98.72 

-x 50 -107.3 (0.2Nc) 207.3 -64.66 1601.0 130.40 

+x 50 13.1 (0.5Nt) 86.9 26.3 251.2 100.80 

-x 50 13.1 (0.5Nt) 86.9 -26.92 193.0 129.40 
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Figure 8.17(b). This occurred because the tension force caused the plates to separate 

underneath the column, reducing the initial stiffness. Therefore, Equation (8.5), which was 

based on the behaviour of the models with either zero axial force or an axial compression 

force, i.e., N equal to negative values of 0.1Nc and 0.2Nc, overestimated the initial stiffness. 

For preliminary design purposes, it is proposed that the shear behaviour can be established 

based on the design gravity load. Hence, the simplified model was matched to shear behaviour 

associated with 0.1Nc and 0.2Nc, while a comparison is made to the 0.5Nt behaviour to 

illustrate the limitations of the simplified model. As discussed in Section 8.5.1.3 (p.212), the 

simplified model reflects the symmetric pure shear behaviour, which is the main interest for 

preliminary design. 

 
Figure 8.17. (a) Numerical (Num.) and model shear behaviour with varying axial force, 

and (b) closer view of the shear behaviour with axial tension (0.5Nt) 

Table 8.2. Slip resistance (Vslip) and initial stiffness (KV,i) from the simplified model 
(mod) and average numerical (num) results, with corresponding error (mod-num)/num 

Positive axial load (N) indicates tension, µp = 0.3146, and γcrit = 0.001 mm. 

8.5.2.2 Bearing/yield (PQ) 

The behaviour in the bearing/yield stage can similarly be represented as 

 ( ),
, ,

,

( ) 1 exp V b P
friction y IMC y col

y IMC

K x x
V x V V V

V

  − −
= + − ≤      

. 
(8.6) 

Ft,ini 
(kN) N (kN) Vslip,mod 

(kN) 
Vslip,num 

(kN) 
Vslip Error 

(%) 
KV,i,mod 

(kN/mm) 
KV,i,num 

(kN/mm) 
KV,i, Error 

(%) 

50 0 31.2 31.8 -1.93% 497.3 503.6 -1.241% 

35 0 21.8 22.4 -2.33% 497.3 498.6 -0.251% 

50 -53.6 (0.1Nc) 47.9 46.3 3.60% 1052.2 1037.0 1.468% 

50 -107.3 (0.2Nc) 64.7 65.0 -0.504% 1607.6 1615.0 -0.461% 

50 13.1 (0.5Nt) 27.1 26.6 1.90% 362.1 222.1 63.018% 
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The first term, Vfriction, is the force transferred through friction, which, after slip, is equal to the 

slip resistance (Vslip). The second term is the additional component transferred via bearing 

through the bolts and locating pins of the inter-module connection (IMC). Hence, the 

maximum value, Vy,IMC, refers to the shear yield capacity of the IMC. The combined terms are 

limited to the shear yield capacity of the column (Vy,col), which can be estimated, allowing for 

the applied axial load, as 

 ( ) 22 1
,

,

max ,
0.5

3
y col clamp col

y col col

f N F A
V A

− −  = , 
(8.7) 

where fy,col is the yield strength, and Acol is the cross-sectional area of the column. The stiffness 

at the start of the bearing stage (KV,b) varied between 79 and 130 kN/mm depending on the 

axial load and direction of the shear force (Table 8.1, p.215), and on average it was equal to 

104 kN/mm. As indicated in Section 8.5.1.2 (p.211), the axial load can alter the slip sequence 

which can change the boundary conditions for the bolt and locating pins which are subjected 

to bending in the bearing phase. However, an empirical equation is not proposed in the present 

work, and further experimental studies are suggested to further establish and verify this aspect 

of the shear behaviour.  

The bolts and the locating pins were subjected to combined shear and bending (§6.4.2, p.149). 

Both of these elements can be modelled as steel rods, although the boundary conditions are 

different. The shear yield capacity of a steel rod can be given as 

 2
, ,

, 3 4 3
u rod rod u rod rod

y rod

f A f d
V

π
= = , 

(8.8) 

where fu,rod, Arod, and drod are the tensile strength, cross-sectional area, and diameter of the rod 

cross-section, respectively. The plastic moment capacity can be calculated as, 

 3
,

, 6
rod y rod

p rod

d f
M = , 

(8.9) 

where fy,rod is the yield strength of the rod steel. The interaction equation for combined shear 

and bending moment can be given as [225] 

 2
* *

, ,

1
y rod p rod

V M
V M
 

+ ≤  
 

, 
(8.10) 

where V* and M* are the applied shear force and bending moment, respectively. The applied 

bending moment can be estimated as 

 * *
effM L V= , (8.11) 

where Leff is the effective cantilever length. Solving Equation (8.10) for V*, the reduced shear 
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capacity can be estimated as 

 4 2 2 2
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6 2 4 2 2 3
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(8.12) 

The locating pin can be idealised as a cantilever beam (Figure 6.24, p.161) and, hence, Leff can 

be replaced by the plate thickness (tp), and the reduced shear capacity can be estimated as 11.9 

kN. Similarly, the bolt can be idealised as a fixed-guided beam with a span of 2tp and, hence, 

Leff can also be input as tp, giving a reduced shear capacity of 19.8 kN per bolt. Due to the 

eccentricity of the shear force applied to the column with respect to the bolt group, the two 

bolts did not contribute equally to the overall shear resistance. The shear force resisted by bolt 

B1 was larger than that resisted by bolt B2, such that the shear yield capacity of the connection 

(Vy,IMC) can be estimated by summing the capacity of one bolt and locating pin. This 

assumption follows the numerical shear behaviour with an axial compression force applied to 

the column (§8.5.1.2, p.211).  

As shown in Figure 8.17 (p.216), the simplified model, i.e., Equation (8.6) (p.216), was 

matched to the numerical results. Shear yield of the column was suppressed in the numerical 

model because the shear force was applied at the base of the column. Therefore, the shear force 

was not limited to the shear yield capacity of the column (Vy,col). To ensure the predicted 

capacity of the IMC did not significantly exceed Vy,col, the hardening stiffness was assumed to 

be zero in the model. Hence, the model curves fall below the numerical curves for larger 

displacements in the bearing/yield stage. The simplified model was most accurate for the 

models with an axial compression force, i.e., 0.1Nc and 0.2Nc, which were the main interest. 

For example, the shear yield force estimated by the simplified model had an error of 5.9% and 

3.4% for 0.1Nc and 0.2Nc, respectively, in comparison with the numerical result. For 0.5Nt, 

as explained in Section 8.5.1.2 (p.211), the tension force changed the slip sequence, thereby 

altering the bearing/yield behaviour, which was not accounted for in the simplified model. 

Therefore, the simplified model significantly underestimated the shear capacity for x-

displacements larger than 1 mm. 

8.6 Axial force-displacement behaviour 

8.6.1 Numerical results 

8.6.1.1 Axial (N) 

An axial force was applied to the upper surface of the column, as shown in Figure 8.10(b) 

(p.209) for the 2C geometry. For the 4C geometry, the axial force was similarly applied to 

column C1, while C5 and C6 were restrained (Figure 8.19b). The average y-displacement was 
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recorded based on points 1 and 2. As shown in Figure 8.18, the y-displacement was small in 

the case of axial compression, and, hence, 2C and 4C had a similar behaviour, and the bolt 

preload had little effect. For axial tension, however, the behaviours were different. As shown 

in Figure 8.19(a), the axial tension behaviour was determined by bending of the plates, which 

were restrained by the offset bolt group. The bolt preload had an effect on the initial stiffness, 

wherein decreasing the preload reduced the stiffness. As shown in Figure 8.19(b), the 4C 

geometry was able to resist larger tension forces than the 2C geometry due to the friction 

developed between C1 and C2, and P1 and P2. Due to the possibility of horizontal gaps 

between C1 and C2 (§6.4.5, p.152), it is recommended that, for preliminary design purposes, 

the axial behaviour should be established based on the 2C behaviour. 

 
Figure 8.18. Numerical axial force-displacement curves 

 
Figure 8.19. Deformed shape for (a) 2C and (b) 4C with axial tension force (NY) in the y-

direction 

8.6.1.2 Moment – axial force interaction (M+N) 

A bending moment about the z-axis was applied to the upper column, as shown in Figure 

8.10(c) (p.209), after which an axial force was applied and incrementally increased to establish 
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the axial F-d curves (Figure 8.20). Bending moments of 0.79 and -2.3 kNm were considered. 

These values were approximately half the plastic moment capacity for the 2C geometry with 

50 kN bolt preload, for positive and negative bending, respectively, based on visual inspection 

of the numerical results. Both the positive, and the negative moment caused an initial 

displacement in the y-direction. For the negative bending, the rotational stiffness was greater 

than for the positive bending, hence, the initial y-displacement was smaller for the negative 

moment. The reason for the different rotational stiffness was the different deformed geometry, 

which can be seen by comparing Figure 8.27(a) and (b) (p.228). It can also be seen that the 

bending caused lateral displacement at the top of the column C1. As the axial force was applied 

at the top of C1, there was a corresponding P-Δ effect, which caused the different axial F-d 

stiffness for positive and negative bending in Figure 8.20.  

 
Figure 8.20. Numerical axial force-displacement curves with varying applied moment 

8.6.1.3 Shear – axial force interaction (V+N) 

A shear force of ±15 kN was applied to C1 in the x-direction, after which the axial force was 

applied to establish the axial F-d curves (Figure 8.21). As the bolts were offset from the 

column, the bolt preload caused the plates to separate underneath the column, resulting in a 

small positive displacement in the y-direction, i.e., 0.013 mm. The shear force was offset from 

the upper surface of the lower column by a distance equal to the combined thickness of the 

plates, i.e., 3tp. Therefore, the positive shear force generated a small negative moment, which 

resulted in a negative y-displacement. This reduced the initial y-displacement due to the bolt 

preload to 0.0075 mm. Conversely, the negative shear force resulted in a positive y-

displacement, which increased the initial y-displacement to 0.11 mm. The effect on the initial 

displacement was greater, as the positive bending stiffness was smaller than the negative 

bending stiffness. In the same way, the positive shear force gave a small increase in the axial 

tension capacity, while the negative shear force gave a small decrease. The tension force 

caused the upper column to lift which resulted in bending in P1. For a positive shear force, for 

example, the y-displacement resulting from the tension force was reduced by the initial y-
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displacement from the positive shear force. Moreover, as the y-displacement increased due to 

the tension force, the corresponding lever arm for the moment due to the shear force increased, 

such that the effect of the shear force was amplified.  

 
Figure 8.21. Numerical axial force-displacement curves with varying applied shear 

force 

 
Figure 8.22. Axial behaviour of the interlocking (IL), Self-lock (SL) [219], and 

VectorBloc (VB) [218] connections 

8.6.2 Comparison with existing inter-module connections 

Two existing IMC’s were selected from the literature: the VectorBloc (VB) connection [218], 

and the Self-lock (SL) connection [219]. As introduced in Section 7.5.2 (p.180), the selected 

connections had published experimental results for the axial behaviour, which was compared 

with the axial behaviour of the interlocking (IL) connection with a bolt preload of 50 kN 

(Figure 8.22). The tension capacity of the SL connection was the largest, followed by the VB 

connection, and, finally, the IL connection. For the SL connection, the capacity was associated 

with tensile failure of a 40 mm diameter threaded stud. Whereas, for the VB connection, the 

capacity was limited by the combination of tension and bending in two 25.4 mm diameter 

screws, which were offset from the centre of the 101.6 x 9.5 mm SHS column. Similarly, the 

tension behaviour of the IL connection was determined by bending of the plates, and combined 
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tension and bending in two bolts which were offset from the centre of the 75 x 6 mm SHS 

column. Despite the different magnitude of the tension capacity, the shape of the axial N-y 

curves for the IL connection were similar to those for the VB connection, which builds 

confidence in the present numerical results. 

8.6.3 Simplified model 

8.6.3.1 Axial compression 

The axial force-displacement (N-y) behaviour can be divided into two stages as shown in 

Figure 8.23. The axial behaviour for compression, i.e., FG, can be represented by a linear 

function as 

 1

1

,
( )

, 0
F F FG

FG F FG

N y N K
N y

K y N K y

−

−

 − < −= 
− ≤ ≤

 
(8.13) 

where ( ), ,min , 536 kNF col y p y colN A f f= =  is the yield force, Acol is the column cross-sectional 

area, fy,p and fy,col are the yield strength of the plate and column steel, respectively, and KFG is 

the axial compression stiffness of the plates. The width subject to compression increases 

through the thickness of the plates, reaching a maximum at the centre of P5, as shown in Figure 

8.24(a). For a given half-apex angle (α), the maximum width can be given as 

 max 3 tancol pw t t α= + , (8.14) 

where tcol is the column thickness, and tp plate thickness. Hence, the average width through the 

plate thicknesses, which is reduced allowing for the plate edge constraints, can be estimated 

as 

 ( )0.25 4 4.5 tan 1.125 tanav col p col pw t t t tα α= + = + . (8.15) 

The column cross-sectional area (Acol) can be considered as the product of the column 

thickness (tcol) and a perimeter length,  

  1
,col perimeter col colL A t−= . (8.16) 

Therefore, the average area through the plate thicknesses can be estimated as 

 ( )1
, 1.125 tanav col perimeter av col col col pA L w A t t t α−= = + , (8.17) 

and the corresponding axial stiffness is 

 ( )1.125 tan
3 3

s col col ps av
FG

p col p

E A t tE A
K

t t t
α+

= = , 
(8.18) 

where Es is the elastic modulus of the plate steel.  
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Figure 8.23. Proposed model for axial force-displacement behaviour 

 
Figure 8.24. (a) Compression stiffness model, (b) yield line analysis model, and (c) 

cantilever beam model 

Assuming a half-apex angle of 30° [226], the stiffness can be estimated as 42.38 10  kN/mm× . 

Thus, the model overestimates the stiffness in comparison with the numerical result (
42.01 10  kN/mm× ). In the numerical model, although a half-apex angle of 30° was observed 

through P1 and P6, slip at the interfaces, i.e., P1-P5 and P5-P6, reduced the angle. Therefore, 

a reduced half-apex angle of 21° is suggested.  

8.6.3.2 Axial tension 

The axial behaviour for tension, i.e., GH, can be estimated as 

 ( ), ,
,( ) 1 exp N i N p

p N p
p

K K y
N y N K y

N

  − −  = − + 
    

, 
(8.19) 

where N is the axial force, y>0 is the y-displacement, Np is the tensile yield force, KN,i is the 
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initial stiffness, and KN,p is the hardening stiffness. Fitting Equation (8.19) to the numerical 

results for 2C yields the values shown in Table 8.3. 

Table 8.3. Curve fitting parameters for the numerical axial behaviour of 2C 

The tensile yield force, Np, can be estimated by yield line analysis. Three yield lines were 

apparent in the numerical results, as shown in Figure 8.24(b), i.e., AB, BC and CD. The normal 

vectors defining the corresponding planes 1 and 2 can be given as 

 ( )
( )

1

2

,0.5 , , and

0,1,0 ,
col en b a

n

δ δ= − +

=
 

(8.20) 

where δ is a vertical virtual displacement applied at the centre of the column, bcol is the column 

width, and ae is the plate edge dimension shown in Figure 8.24(b). The yield line rotation can 

then be estimated as [217] 

 1 2
12

1 2

n n
n n

θ
×

=
•

. 
(8.21) 

The corresponding internal work for plate yielding can be given as 

 ,p uv uv uv pU l mθ= , (8.22) 

where luv is the length of the yield line uv, θuv is the corresponding rotation, and mp is the plastic 

moment per unit length, which can be given as 

 2
,

1
4p p p pm t f= , (8.23) 

where tp is the plate thickness, and fp,p is the plate design stress. The plate design stress allows 

for the effect of strain-hardening, and is calculated as [165] 

 , ,
,

2
3

y p u p
p p

f f
f

+
= , (8.24) 

where fy,p is the yield strength, and fu,p is the ultimate tensile strength. Hence, the internal work 

for each yield line can be assembled, and the total internal work due to plate yielding can be 

given as 

 ( )
.

yield
lines

1 2 2

0.5
col e

Int p p
col e

b a
U U m

b a
δ

+ +
= =

+∑ . 
(8.25) 

Ft,ini (kN) KFG (kN/mm) Np (kN) KN,i (kN/mm) KN,p (kN/mm) 

50 2.01e4 24.22 26.15 2.003 

35 2.01e4 24.08 24.37 2.006 

5 2.00e4 24.18 19.62 2.005 
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Referring to Figure 8.24(b), the external work can be given as 

 
. 1

1
Ext p e p

e

U N L N
L
δ δ= = , (8.26) 

where Np is the tensile yield force, and ( )1
2 2

4e col eL b a= +  is the effective lever arm. Setting 

the external work equal to the internal work, the tensile yield force can be given as 

 ( )1 2 2
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b a
N m

b a

+ +
=

+
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(8.27) 

Therefore, for the 2C geometry, the tensile yield force can be estimated as 24.0 kN. Thus, the 

model underestimates the force in comparison with the numerical result (24.2 kN) by 

approximately 1%.  

It is recommended that the initial preload should be selected to ensure the plates do not separate 

between the bolts when subjected to the design tension force. The initial stiffness can then be 

estimated using the cantilever beam analogy shown in Figure 8.24(c). The vertical 

displacement along the cantilever can be derived as 

 My dxdx
EI

= ∫∫ , (8.28) 

where E is the elastic modulus, I is the moment of inertia of the P1 cross-section, and M is the 

moment which can be given as 

 ( )2( ) eM x N L x= − , (8.29) 

where 2 2e eL a= . The width of the P1 cross-section varies with x according to the equation 

 ( )
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2 2 2 .
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(8.30) 

The width missing due to the two bolt holes (bholes) can be derived as 

 ( ) ( )2 12 2 2holes holeb x d x −= − −    , (8.31) 

where 0.5x ≤  , dhole is the bolt hole diameter and ( )2 0.5hole col ed b a= − − . The moment of 

inertia can, therefore, be given as 

 3( )
( )

12
pb x t

I x = . 
(8.32) 

Hence, the vertical displacement can be derived from Equation (8.28), and the stiffness can be 

calculated based on the maximum vertical displacement as 
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Finally, the axial stiffness of the bolt can be estimated as 

 bolt
bolt

bolt

EA
k

L
= , (8.34) 

where E is the elastic modulus, Abolt is the cross-sectional area of a single bolt, and Lbolt is the 

grip length plus half the height of the bolt head and nut. The initial stiffness can then be 

estimated by combining the relevant plate and bolt springs, i.e., 
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−
 

= + + 
 

. 
(8.35) 

Therefore, for the 2C geometry, the initial stiffness can be estimated as 27.5 kN/mm. Thus, 

the model overestimates the stiffness in comparison with the numerical result (26.2 kN/mm) 

by approximately 5%.  

While the yield line was assumed to be located along the main diagonal of P1, in reality, it 

was located along the diagonal line passing through the bolts. Therefore, the actual yield line 

was slightly shorter, and the lever arm was slightly greater in the numerical model, than in 

simplified model. By assuming the yield line was located on the main diagonal, the width of 

P1 could be expressed as a single linear function (Equation (8.30)), whereas otherwise a 

piecewise function would have been needed. This simplified the equation for the moment of 

inertia and, hence, the integration for the stiffness. Although the initial stiffness was 

overestimated, the model was well matched to the numerical result as shown in Figure 8.25.  

 
Figure 8.25. Model and numerical axial behaviour for axial tension 

For large displacement the slope asymptotically tends to [227] 

 limit
, ,

sh
N p N i

E
K K

E
= , (8.36) 
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where E is the elastic modulus, and Esh is the strain hardening modulus, which was determined 

following the quad-linear material model [203] in the numerical analyses. The hardening 

stiffness input into the simplified model should be larger than the limiting value [227]. An 

empirical factor of 6 is proposed following the numerical results, such that the hardening 

stiffness can be estimated as 

 
, , ,6 0.071sh

N p N i N i
E

K K K
E

= ≈ . (8.37) 

8.7 Moment-rotation behaviour 

8.7.1 Numerical results 

8.7.1.1 Moment (M) 

Figure 8.26 shows the numerical moment-rotation (M-θ) curves for the 2C, and 4C geometries. 

The rotation about the z-axis was calculated based on the x- and y-displacements as 

 
3 4

4 3

atanz
col

y y
b x x

θ
 −

=  + − 
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(8.38) 

where x3 and y3 were the x- and y-displacement of point 3, and x4 and y4 were the x- and y-

displacement of point 4, as shown in Figure 8.27. bcol represents the width of the column 

section (Figure 8.9, p.208), i.e., the initial distance between points 3 and 4 in the x-direction.  

 
Figure 8.26. Numerical bending moment-rotation curves 

For 2C subjected to a positive moment, the deformed shape is illustrated in Figure 8.27(a). 

The first yielding occurred in P1, and it was centred on the corner of C1 which was subjected 

to tension. The yielded zone spread across P1, and a diagonal yield line was formed, as shown 

in Figure 8.32(a) (p.234). The deformed shape for a negative moment is illustrated in Figure 

8.27(b). The yielding occurred in both P1 and B1, and yield lines were formed as illustrated 

in Figure 8.32(b). Figure 8.26 shows the numerical M-θ curves for 2C with bolt preloads of 
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35 and 50 kN. The M-θ behaviour was determined mainly by the bending of the plates and, 

hence, the bolt preload had little effect.  

 
Figure 8.27. Deformed shape due to applied bending moment 

4C had a higher yield moment than 2C. For positive moment about the z-axis, friction between 

C1 and C2 increased the yield moment capacity (Figure 8.27c). For a negative moment, C1 

contacted C2, which substantially increased the capacity (Figure 8.27d). Reliance on contact 

between the columns may not be appropriate for design purposes. Both C1 and C2 may be 

subjected to a bending moment in the same direction. Hence, considering negative applied 

moment, for example, C2 would move away from C1, such that contact between the columns 

would not occur. Therefore, design based on the moment-rotation behaviour of 2C is 

recommended. 

8.7.1.2 Axial force – moment interaction (N+M) 

An axial load was applied, as shown in Figure 8.10(b) (p.209), after which a bending moment 

was applied and incrementally increased to establish the moment-rotation (M-θ) curve. 

Following Section 8.5.1.2 (p.211), axial forces of 0.5Nt, 0.1Nc, and 0.2Nc were considered. 

The resulting M-θ curves are shown in Figure 8.28. For axial tension, i.e., 0.5Nt, the applied 

axial force opened a gap between the plates, causing an initial rotation. When a negative 

moment was subsequently applied, the M-θ behaviour proceeded as follows. The initial 

rotation due to the axial load slowly reduced, until the applied moment was sufficient to 

completely close the gap, after which the M-θ stiffness increased. The first yield occurred in 

the top plate, P1. This was followed by tension yielding of the upper column, C1, yielding of 

P1 around the bolt head, and finally compression yielding of C1 and P1. In comparison, when 

a positive moment was applied, the initial gap did not close, but continued to open as the 

applied moment increased. The first yield occurred in the top plate, P1, and the yielding 

quickly spread across P1, forming a diagonal yield line. The moment capacity, i.e., the 

maximum applied moment, was reduced as a result of the initial moment induced by the 
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tension force. For axial compression, i.e., 0.1Nc and 0.2Nc, the compression force generated 

a bending moment which delayed separation of the plates. Hence, the initial stiffness and 

moment capacity were increased, compared to the case with no axial load. As the axial 

compression stiffness was larger than the tension stiffness, the initial rotation due to the axial 

load did not have a significant effect on the M-θ curves.  

 
Figure 8.28. Numerical bending moment-rotation curves with varying axial force 

8.7.1.3 Shear – moment interaction (V+M) 

Following Section 8.5.1.3 (p.212), a bending moment and shear force were applied to C1 

simultaneously, and three shear force ratios were considered: M/V=1 m, M/V=0.5 m, and 

M/V=0.25 m. A positive shear force was applied in combination with a negative moment. 

Whereas Section 8.5.1.3 presented the shear behaviour, this section presents the resulting 

moment-rotation (M-θ) behaviour (Figure 8.29). The shear force had only a small effect on 

the M-θ behaviour. A small bending moment was generated by the shear force, which was 

offset from the restrained lower column by the thickness of the plates. For a positive moment, 

the moment capacity was reduced due to the small positive moment generated by the negative 

shear force. Similarly, for a negative moment, the moment capacity was reduced due to the 

small negative moment generated by the positive shear force. As the moment decreased, the 

resulting rotation increased the offset of the shear force from the lower column. Therefore, the 

effect of the shear force on the M-θ behaviour was more significant for larger rotations. 

However, for preliminary design purposes, the main interest is the initial M-θ behaviour, for 

which the shear force had negligible effect.  

8.7.2 Comparison with existing inter-module connections 

Two existing IMCs were selected: the Rotary connection (RC) [222], and the bolted moment 

end plate (EP) [165]. As introduced in Section 7.6.2 (p.191), the selected connections had 

published experimental moment-rotation (M-θ) curves, which were normalised and plotted 

alongside the present numerical curves for the interlocking (IL) connection (Figure 8.30). The 
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applied moment was divided by the plastic moment and plotted on the y-axis. Similarly, the 

connection rotation was divided by the rotation corresponding with the plastic moment, and 

plotted on the x-axis. For the IL connection, the 2C geometry was adopted with a bolt preload 

of 50 kN. Axial loads of N= 0 and N= -53.6 kN, i.e., 0.0N and 0.1Nc, were considered, and 

normalised M-θ curves are given for positive and negative bending. For the RC connection, 

the M-θ behaviour was associated with yielding of an M58 rod which was located centrally 

inside a 200 x 18 mm SHS column. Whereas, for the EP connection, the M-θ behaviour was 

associated with bending of the end plates which were welded to the 150 x 9 mm SHS columns, 

and yielding of the tensioned M20 bolts. T17, for example, failed due to large deformation of 

the 12 mm thick plate. In contrast, T19 had 20 mm thick plates, and the connection failed due 

to tensile fracture of the bolts. The M-θ behaviour of the IL connection was determined by 

bending of the plates, and yielding of the bolts in tension. Hence, the M-θ behaviour of the IL 

connections was similar to that of the EP connection, which builds confidence in the present 

numerical results.  

 
Figure 8.29. Numerical bending moment-rotation curves with varying shear force 

 
Figure 8.30. Normalised moment-rotation behaviour of the interlocking (IL), Rotary 

(RC) [222], and bolted moment end plate (EP) [165] connections 
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8.7.3 Simplified model 

8.7.3.1 First stage (OT, OR) 

The moment-rotation behaviour can be divided into two stages as shown in Figure 8.31. In the 

first stage, i.e., OR and OT, the behaviour is linear. When the upper column is subjected to an 

axial compression force, a bending moment is generated which delays rotation caused by 

separation of the plates. The moment at which the column starts to lift can be estimated as 

 col
R T

col

NZ
M M

A
−

= − = , (8.39) 

where N is the applied axial tension force, and Zcol and Acol are the elastic section modulus and 

cross-sectional area of the column, respectively. For example, for the 2C geometry, MR and 

MT can be estimated as ±1.08 kNm and ±2.16 kNm, for an axial load of -53.6 kN and -107 kN, 

respectively. Thus, the model underestimates the moment in comparison with the average 

numerical result (1.11 and 2.24 kNm) by 2.7 and 3.6%, respectively. 

 
Figure 8.31. Simplified model for bending moment-rotation behaviour 

The rotation in this stage is associated with the axial stiffness of the plates below the column. 

The applied moment is assumed to be transferred via the column flanges, resulting in a 

compression force on one side, and a tension force on the other side. Similar to Section 8.6.3.1 

(p.222), the corresponding axial stiffness on each side, allowing for the plate edge constraint, 

is 

 
3
col av

axial
p

Eb wEAk
L t

= = , (8.40) 

where E is the elastic modulus, bcol is the column width, wav is the average width through the 

plate thicknesses calculated using Equation (8.15) (p.222), and tp is the plate thickness. Then, 

the moment-rotation stiffness is estimated as 

 22TR axialK L k= , (8.41) 

where ( )0.5 col colL b t= − , and bcol is the column width. Therefore, for the 2C geometry, KTR can 

be estimated as 14,100 kNm/rad. Thus, the model underestimates the stiffness in comparison 
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with the average numerical result (14,600 kNm/rad) by 3.4%.  

8.7.3.2 Second stage (TU, RS) 

In the second stage, i.e., RS and TU, the behaviour is nonlinear, and, for positive bending, it 

can be represented by an exponential function as 

 ( )( )
( )( ) 1 exp i p R

R p p R
p

K K
M M M K

M
θ θ

θ θ θ+ +
+ +

+

  − − −  = + − + − 
    

, 
(8.42) 

where 1
R R TRM Kθ −= , Mp+ is the plastic moment capacity, and Ki+ and Kp+ are the initial and 

hardening stiffness, respectively. Similarly, for negative bending, the behaviour can be 

represented as 

 ( )( )
( )( ) 1 exp i p T

T p p T
p

K K
M M M K

M
θ θ

θ θ θ− −
− −

−

  − − −  = + − + − 
    

, 
(8.43) 

where 1
T T TRM Kθ −= , and Mp-, Ki- and Kp- are the plastic moment, initial and hardening stiffness, 

respectively. Fitting equations (8.42) and (8.43) to the numerical data yields the parameters 

summarised in Table 8.4. In the absence of axial loading, the average initial stiffness was 89.9 

and 676 kNm/rad for positive and negative bending, respectively. On average, the hardening 

stiffness was equal to 0.024 times the initial stiffness for negative bending.  

Table 8.4. Curve fitting parameters for the numerical bending moment-rotation 
behaviour of the 2C geometry 

To verify the numerical results, the plastic moment capacity can be calculated by yield line 

analysis. For positive bending moment +Mz, three yield lines were apparent in the numerical 

Direction Ft,ini 
(kN) 

N (kN) KTR 
(kNm/rad) 

θR,  θT 
(x10-4 
rad) 

MR, 
MT 

(kNm) 

Mp 
(kNm) 

Ki 
(kNm/rad) 

Kp 
(kNm/rad) 

+Mz 50 0 - 0 0 1.808 92.42 0 
-Mz 50 0 - 0 0 -4.904 693.9 16.02 
+Mz 35 0 - 0 0 1.808 87.36 0 
-Mz 35 0 - 0 0 -4.909 658.5 16.29 
+Mz 50 -53.6 

(0.1Nc) 
14460 0.8022 1.16 2.522 308.7 0 

-Mz 50 -53.6 
(0.1Nc) 

14380 -0.7371 -1.06 -5.286 1108 24.88 

+Mz 50 -107 
(0.2Nc) 

14815 1.580 2.34 3.077 455.1 0 

-Mz 50 -107 
(0.2Nc) 

14820 -1.444 -2.14 -5.947 1285 21.25 
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results, i.e., AB, BC, and BD, as shown in Figure 8.32(a). The corresponding normal planes, 

i.e., 1 through to 3, can be defined by the normal vectors 

 ( )
( )
( )

1

2

3

, ,0 ,

, 2 , , and

0,1,0 ,

col

e

n b

n a

n

δ

δ δ

= −

= −

=

 
(8.44) 

where δ is a virtual displacement applied at the tension flange of the column. The yield line 

rotations and corresponding internal work for plate yielding can then be calculated, following 

the same procedure as in Section 8.6.3.2 (p.223). For the plastic moment per unit length (mp), 

the yield strength (fy,p) is adopted, rather than the design stress (fp,p), because strain hardening 

did not have a significant effect on the numerical M-θ behaviour for positive bending. Hence, 

the rotation and internal work for each yield line can be assembled, and the total internal work 

due to plate yielding can be given as 

 . 1Int p pU U mλ δ= = , (8.45) 

where 

 2 2 2 2

1

2 4 4 2 8 2
1

2
col e col e col e hole

e

b a b a b a d
a

λ
− + + + −

= + . 
(8.46) 

The external work can be given as 

 
.Ext p

col

U M
b
δ

= , (8.47) 

and, hence, the plastic moment capacity (Mp+) can be given as 

 1p col pM b mλ+ = . (8.48) 

Therefore, for the 2C geometry, Mp+ can be estimated as 1.82 kNm. Thus, the model 

overestimates Mp+ in comparison with the numerical result (1.80 kNm) by 1%. 

When an axial force is applied the plastic moment is increased. The bending moment due to 

the axial load can be calculated as 

 ( )0.5 0.25N e colM a b N= − + , (8.49) 

where N is the applied axial tension force, and ( )0.5 0.25e cola b+  represents the x- or z-

component of the distance between the centre of the column and the centre of the bolt group. 

The increase in the plastic moment can then be given as N RM M− . Hence, for an axial load of 

-53.6 kN, the plastic moment can be estimated as 2.55 kNm. Thus, the model overestimates 

Mp+ in comparison with the numerical result (2.52 kNm) by 1%.  
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Figure 8.32. Definition of yield lines for yield line analysis 

A different yielding mechanism applies in the case of negative bending, as shown in Figure 

8.32(b). Five yield lines are defined, and the corresponding planes are named 1 through 5. 

Following the same procedure, the internal work due to plate yielding can be given as 

 2p pU mλ δ= , (8.50) 

where 

 2 2 2 2

2

2 2 4 4 2 8 2
2 2

2
e col col e col e col e hole

e

a b b a b a b a d
a

λ
+ + + − + + −

= + + . 
(8.51) 

For the plastic moment per unit length (mp), the design stress (fp,p) is adopted, because strain 

hardening had an effect on the numerical moment-rotation behaviour for negative bending. 

The internal work due to the bolt yielding can be given as 

 , ,0.5b y b b y bU f fδ δ= = , (8.52) 

where fy,b is the bolt yield stress, δb is the compatible displacement induced in the bolt, and δ 

is the vertical virtual displacement. Therefore, the total internal work is 

 . 2 ,0.5Int p b p y bU U U m fλ δ δ= + = + , (8.53) 

which results in a plastic moment capacity of 

 ( )2 ,0.5p p y b colM m f bλ− = + . (8.54) 

Therefore, for the 2C geometry, Mp- can be estimated as -4.496 kNm. Thus, the model 

underestimates Mp- in comparison with the numerical result (4.907 kNm) by 8%. This error 
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can be attributed to the approximate nature of the numerical curve fitting process, and to the 

simplifications made to the geometry in the yield line analysis.  

The simplified model is conservative, in that it neglects the contribution of the axial force after 

the column starts to lift at MT and MR. In the model, the plastic moment was increased allowing 

for the axial load, following Equation (8.49). However, in reality, the effect of the axial load 

starts immediately after MT and MR, where it causes an increase in the moment-rotation 

stiffness. However, in the model, the effect of the axial load is incorporated in the plastic 

moment. Therefore, although the plastic moment is well matched to the numerical result, the 

stiffness of the moment-rotation curve immediately following MT and MR is underestimated. 

That is, this portion of the moment-rotation curve is conservatively estimated by the model, as 

shown in Figure 8.33. Overall, the simplified model was well matched to the numerical results, 

and it is recommended for preliminary design, where the moment-rotation behaviour may be 

determined based on the design gravity load. 

 
Figure 8.33. Comparison between model and numerical moment-rotation behaviour 

8.8 Spring model 

8.8.1 VC 

The proposed spring model is shown in Figure 8.34. For the vertical connections (VCs), the 

shear behaviour is based on the 2C geometry (Figure 8.9). Each VC is composed of two equal 

springs in series, i.e., KVC,V. The model for the shear behaviour (Figure 8.16) represents the 

behaviour of two springs in series. Hence, for positive displacement, combining Equation (8.2) 

(p.214) and (8.6) (p.216), the shear behaviour associated with KVC,V can be given as 
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(8.55) 
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and the negative displacement behaviour can be given as –VVC,V. Due to the symmetry of the 

connection, Equation (8.55) can be adopted for the z-direction, with z substituted for x.  

 
Figure 8.34. Proposed spring model 

The increase in the shear slip resistance due to contact between the upper column plates is 

included by the compression only spring KContact. The axial stiffness can be estimated based on 

the P1/P2 cross-section (Figure 8.9, p.208) as 

 1P p
Contact

col LP

Eb tEAK
L b d

= =
−

, 
(8.56) 

where E is the elastic modulus, bP1 is the width of P1/P2, tp is the plate thickness, bcol is the 

column width, and dLP is the diameter of the hole in P1/P2 for the locating pin.  

To ensure that the KContact spring is limited to compression forces less than the yield strength 

of P1/P2, the force-displacement behaviour can be given as 

 

( )
, 1 ,

( ) ,

0,

y p P p L

Contact Contact gap L gap
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f b t x x

N x K x x x x x

x x
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(8.57) 

where , 1y p P p
L gap

Contact

f b t
x x

K
= + , fy,p is the plate yield strength, N is the axial tension force, and x is 

the axial elongation. xgap is the initial gap due to the fabrication and assembly tolerance. In the 

present study the gap is assumed to be zero, following the numerical model. However, in the 

previous experiments (Chapter 6), the largest initial gap was approximately 2 mm, i.e., 1.9 

mm. Therefore, a gap of 2 mm is suggested for design purposes.  
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Similarly, combining Equation (8.13) (p.222) and (8.19) (p.223), and allowing for the two 

springs in series, the axial behaviour associated with KVC,N can be given as 
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(8.58) 

where 1
F F FGy N K −= .  

Finally, assembling Equation (8.39) and (8.41) to (8.43), the moment-rotation behaviour 

associated with KVC,M can be given as 
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(8.59) 

where 1
R R TR TM Kθ θ−= = − . As a result of the connection symmetry, Equation (8.59) can be 

adopted for rotation about the z-axis, and for rotation about the x-axis.  

8.8.2 HC 

For the horizontal connection (HC), following the previous study [140], the translational 

stiffnesses associated with the central tie plate (P5) are incorporated in the model. The axial 

contribution of P5 is included by the spring KHC,N, and the axial behaviour can be estimated as 
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where 5
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,
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x

K
= , and bP5 is the width of P5 (Figure 8.9, p.208). 

2bcol is an estimate of the effective length of P5. For example, it estimates the distance between 

the two bolt groups, where the friction resistance is generated. The horizontal shear 

contribution of P5 is included by the spring KHC,VZ, and the shear behaviour can be estimated 

as 
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where 5
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= , and G is the shear modulus of the plate steel. Finally, 

the vertical shear contribution of P5 is included by the spring KHC,VY, and the shear behaviour 

can be estimated as  
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where 5
,

P
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= , , 5

,
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K
= . bcol is the column width, which estimates the effective 

length of P5 for the calculation of the shear stiffness. For example, it estimates the distance 

between the bolt group on one side, and the edge of the column on the other side. 

8.8.3 Validation of spring model by application to 4C 

The accuracy of the spring model was demonstrated for the 2C geometry in the preceding 

sections 8.5.2 (p.213), 8.6.3 (p.222), and 8.7.3 (p.231). To demonstrate the application to the 

4C geometry, a numerical model was prepared using SAP2000 [169]. The geometry was 

defined following Figure 8.34, and nonlinear links were created based on Equation (8.55) to 

(8.62). c and f were restrained, while a shear force, axial force, and bending moment were 

separately applied to a. The resulting F-d and M-θ behaviours were established by nonlinear 

static analyses, wherein the force or moment was increased linearly from zero.  

The resulting shear behaviour is shown in Figure 8.35. The spring model underestimated the 

positive slip resistance in comparison with the numerical result, as the increase in the slip 

resistance due to the rotational restraint provided by P2 to P1 (refer §8.5.1.1, p.209) was not 

included. It was excluded because, during site assembly, a horizontal gap may occur between 

P1 and P2 (§6.4.5, p.152), such that reliance on the contact could result in an overestimate of 

the shear capacity. Similarly, the model underestimated the negative shear capacity in 

comparison with the numerical result. In the numerical results, contact between P1 and P2 

increased the ultimate capacity, whereas the spring model did not include the effect of the 

contact. In this way, the proposed spring model gave a conservative estimate of the shear 

behaviour.  
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Figure 8.35. Numerical and spring model shear behaviour 

Similarly, the axial behaviour (Figure 8.36) shows that the initial tension stiffness was slightly 

overestimated by the spring model in comparison with the numerical result for 4C. This was 

caused mainly by the yield line geometry assumed in the simplified model (see §8.6.3.2, 

p.223). After tensile yielding, the spring model underestimated the ultimate tension capacity 

in comparison with the numerical result, as contact between P1 and P2 was not included in the 

model. This was a conservative assumption which allowed for the possibility of gaps between 

the connection elements.  

 
Figure 8.36. Numerical and spring model axial behaviour 

Finally, for the M-θ behaviour (Figure 8.37), the numerical result showed that the negative 

moment capacity was increased due to contact between the upper columns. The spring model 

underestimated the negative moment capacity as this contact was not included in the simplified 

model (see §8.7.1.1, p.227). Similarly, the numerical result showed that the positive moment 

capacity was increased slightly due to friction between the upper column plates. This friction 

was not included in the simplified model, hence, the spring model underestimated the positive 

moment capacity. In this way, the spring model gave a conservative estimate of the M-θ 

behaviour, which was suitable for design purposes.  
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Figure 8.37. Numerical and spring model moment-rotation behaviour 

8.9 Summary 

Numerical simulations were carried out to investigate the shear, axial and moment-rotation 

behaviours of the interlocking (IL) inter-module connection (IMC). The simplified model 

developed previously for the experimental shear behaviour (Chapter 6) was reviewed, and 

numerical simulations were undertaken using ABAQUS to investigate the effect of the 

experimental loading and boundary conditions on the shear behaviour. Extended numerical 

models were developed for a more realistic IL connection with two bolts per column, and 

simplified empirical and analytical models were developed to predict the structural behaviours. 

Finally, a spring model which incorporated the structural behaviours was developed and 

evaluated. The main findings are summarised as follows. 

1. The loading and boundary conditions in the previous experiments (Chapter 6) were 

different to those for a single connection in a modular building. The offset shear force in 

the experiments changed the contact pressure distribution and affected the friction 

resistance. Therefore, the shear behaviour of a single IL connection was investigated.  

2. The structural behaviours of the single IL connection can be predicted by a spring model 

(Figure 8.34, p.236) which combines the vertical connection (VC) with the horizontal 

connection (HC). The HC shear and axial behaviours can be predicted based on the central 

tie plate geometry (Equation (8.60) to (8.62), p.237), whereas the structural behaviours of 

the VC can be predicted by simplified nonlinear models.  

3. The VC shear behaviour can be represented by an exponential model (Equation (8.55), 

p.235). The addition of an axial force affects the shear behaviour by altering the slip 

resistance and shear yield capacity. The design gravity load can be adopted to establish 

the symmetric pure shear behaviour for design purposes. To account for the increase in 

the slip resistance due to contact between the upper columns, a compression only spring 

can be added to the spring model according to Equation (8.56) (p.236).  
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4. The VC axial behaviour can be predicted by a linear model for compression, and an 

exponential model for tension (Equation (8.58), p.237). The tensile yield force can be 

estimated by yield line analysis, while the initial stiffness can be estimated based on a 

cantilever beam model. The addition of a bending moment causes an initial y-

displacement, and affects the tension stiffness due to a P-Δ effect, while the compression 

stiffness is relatively unaffected. Similarly, shear forces affect the tension behaviour, as a 

small moment is generated due to the initial plate separation. 

5. The VC moment-rotation behaviour can be predicted by a two stage model (Equation 

(8.59), p.237). In the first stage, the behaviour is linear and depends on the applied axial 

load, and the compression stiffness of the plates. In the second stage, the behaviour is 

nonlinear and can be represented by an exponential function. The initial stiffness depends 

on the axial load and the bending direction, while the plastic moment can be estimated by 

yield line analysis. 

6. In the future works the simplified models derived in this chapter will be applied in the 

overall numerical simulation of a case study building. In this way, the application of the 

proposed models will be demonstrated and evaluated for the typical load combinations. 

Following the numerical case study, the applicability of the simplified models may be 

verified and extended through further experimental studies on the shear (bearing/yield), 

axial and moment-rotation behaviours, and the response to combined actions. The 

application of the simplified models may also be extended by conducting further numerical 

simulations with different plate thicknesses, column sections, and bolt arrangements.  
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Chapter 9 Lateral behaviour of a modular steel 
building with simplified models of the 
new inter-module connections1 

9.1 Introduction 

In this chapter the simplified models for the structural behaviours of the new post-tensioned 

(PT) and interlocking (IL) inter-module connections (IMCs) are implemented in the overall 

numerical simulation of the case study building introduced in Chapter 3. In this way, the effect 

of the new simplified models on the overall building responses to wind and earthquake loads 

is examined. At the same time, the advantages and disadvantages of the innovative IMCs are 

determined by comparing the corresponding global building responses. Moreover, inter-storey 

drift ratio limits, which are not yet defined for modular steel buildings, are proposed from the 

perspective of the simplified IMC behaviours. To this end, this chapter reviews the numerical 

model of the case study building, and the geometry, and wind and earthquake actions. Then, 

the structural behaviours of the IMCs are reviewed, and the newly proposed simplified 

behaviours are outlined and compared. As the present chapter adopts full-scale connection 

geometries, discussion is provided on the application of the simplified models which were 

derived based on the half-scale connections. The associated IMC spring models are then 

discussed and related to the numerical model of the overall case study building. Finally, the 

numerical results are presented in two parts. The overall responses of the case study building 

incorporating different IMCs are presented first, followed by the structural responses of the 

IMCs.  

9.2 Numerical model of the case study building 

9.2.1 Geometry and gravity loads 

To demonstrate the application of the simplified IMC behaviours derived in Chapter 7 and 8, 

a six-storey modular steel building was selected for further study. The selected apartment 

building was designed for a site located in Port Hedland, Western Australia. The building had 

modules stacked on each side of a central 2.5 m wide corridor. This corridor layout is common 

for modular buildings, and examples include a student residence in Bristol [8] and an 

apartment building in the Jinghai District of Tianjin Ziya circular economy park [170]. In 

Chapter 3, a numerical model of the building was built using the software SAP2000 [169]. 

                                                      
1 The related work in Chapter 9 is under review for publication in Engineering Structures: 

Lacey AW, Chen W, Hao H, Bi K. Lateral behaviour of modular steel building with simplified 
models of new inter-module connections. (Under Review) 
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The numerical model used frame elements for the module structure and assumed rigid intra-

module connections, while separate nonlinear links were included for the simplified 

behaviours of the vertical and horizontal IMCs. The modelling technique was verified in 

Chapter 3 by first modelling a different building and matching the overall building responses 

with those reported in a previous study [50], before extending the technique to the selected 

case study building. The present study adopts the same numerical model, which is referred to 

as the benchmark (BM).  

Figure 9.1(a) shows the overall 30.3 x 26.29 x 21.15 m high benchmark numerical model and 

defines grid references for use in the following discussion. Grid lines 1 through 7 are parallel 

to the global Y-axis, and divide the structure along the X-axis. Similarly, grid lines A through 

D are parallel to the X-axis and divide the structure along the Y-axis. Figure 9.1(b) illustrates 

the structure of an individual ground level 4.95 x 11.885 x 2.95 m high, 26 t module. The 

numerical model included additional joint loads which allowed for the mass of the non-

structural elements, and the bases of the main ground level columns (C1 in Figure 9.1) were 

restrained against translation. The corridor floor was made up of 150C24 joists which were 

placed 450 mm apart and spanned the 2.5 m width between the modules. The floor joists 

supported a 24 mm thick fibre cement sheet. This flooring was non-structural, hence, it was 

not included in the numerical model, although a load of 0.5 kPa was added to account for the 

self-weight (G). The roof was made up of 70x70x3 SHS stubs supporting C20a steel beams 

which in turn supported the purlins and roof cladding. The purlins and cladding were non-

structural, and an additional 0.15 kPa was added for the self-weight. Uniformly distributed 

live loads (Q) were applied as area loads in the numerical model. The corresponding values 

were 0.25 kPa for the non-trafficable roof, 4.0 kPa for the corridor floors, 1.5 kPa for the 

general floor within the modules, and 2.0 kPa for the balcony portion of the module floor. 

9.2.2 Wind actions 

Equivalent static wind loads were calculated based on the Australian Standard [72]. The 

building was classified as importance level 3, and it was located within cyclonic region D and 

terrain category 2, indicating open terrain with well-scattered obstructions. The regional wind 

speeds were 93.5 and 53 m/s for the ultimate and serviceability limit states, respectively. Six 

levels were defined, i.e., z1 to z6 in Figure 9.1(a), and mean wind speeds were calculated using 

the Deaves and Harris model [173]. Equivalent joint loads were then assigned based on the 

tributary area. In Chapter 3, wind velocity time histories were simulated by combining the 

stationary mean with the fluctuating component, which was simulated using the method of 

Amirinia et al. [174]. The time varying joint loads were then calculated based on a nett drag 

coefficient of 1.3, and assigned in the numerical model based on the tributary area. These same 
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wind time histories were applied in this chapter, hence, a summary of the derivation is provided 

as follows. Three turbulence spectra were considered, namely the Kaimal et al. [175], Yu et 

al. [177] and Li et al. [178] spectra, which are referred to as Model A, B and C, respectively 

(Figure 3.19, p.67).  

 

Figure 9.1. Case study building geometry showing (a) overall model and (b) structure 
of an individual module (adapted from Chapter 3) 

All dimensions in mm. * The overall height is 20,575 and 21,150 mm at the lowest and highest points, 
respectively. 

The Kaimal (A) power spectrum for the longitudinal wind velocity was based on neutral (non-

cyclonic) conditions. In comparison, the Yu (B) spectrum was developed based on hurricanes 

at 10 m over land, and showed greater energy at lower frequencies. Finally, the Li (C) spectrum 

was related to the typhoon back eye-wall region and showed greater energy at higher 

frequencies. Hence, Models B and C represent two competing spectra for cyclonic conditions, 

while Model A represents non-cyclonic conditions for comparison. The height-wise spatial 

coherence of the fluctuating wind velocity was defined following the Davenport coherence 

function [228]. SAP2000 [169] was adopted for the nonlinear time history analyses. A constant 

modal damping of 3% was adopted in the analyses based on the existing empirical formula for 

steel buildings [82, 172] and the damping ratio estimated for a 2 x 2 stack of modules [98], as 

discussed in Chapter 3. In Section 9.4 (p.260) and Section 9.5 (p.264), the numerical results 

are presented for wind loading in the Y-direction (Figure 9.1a), which is the main interest as 
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the building adopts a corridor layout which is typically longer in the X-direction than in the 

Y-direction (Chapter 3).  

9.2.3 Earthquake actions 

The earthquake actions were calculated based on the Australian Standard [74]. First, a 

response spectrum analysis was conducted using the standard design spectrum [74] for a 

building with a probability factor (kp) of 1.3 located in an area with a hazard factor (Z) of 0.12 

and a sub-soil class of Ce. Then, time history analyses were carried out using ground motions 

which were simulated in Chapter 3. The spectral representation method was applied, in 

Chapter 3, to simulate acceleration time histories based on the design response spectrum [74]. 

Twenty horizontal acceleration time histories were simulated for the X- and Y-directions, and 

the same target design spectrum was adopted for each of the horizontal components. For 

example, Figure 3.15 (p.64) shows the simulated acceleration time histories, and Figure 3.16 

(p.65) shows the response spectral acceleration for the first acceleration time history which 

matches the standard model [74]. The nonlinear time history analyses were carried out using 

SAP2000 [169]. For consistency with the design standard [74] and Chapter 3 (§3.3.4, p.60), a 

constant modal damping of 5% was adopted for the response spectrum and time history 

analyses. The numerical results are presented in Section 9.4 (p.260) to 9.6 (p.268) primarily 

for earthquake ground motions in the Y-direction, which was identified as generating the 

largest responses in Chapter 3. In Section 9.5.2.2 (p.266), however, numerical results for the 

X-direction are discussed in relation to the potential for contact between the modules in this 

direction. 

9.3 Simplification of the inter-module connection (IMC) behaviour 

In this section, the shear, axial and moment-rotation behaviours are estimated for three 

different IMCs, each of which includes associated horizontal connections (HCs) and vertical 

connections (VCs). First, there is the benchmark (BM), which refers to the IMC behaviours in 

Chapter 3. Next, there is the new post-tensioned (PT) IMC for which the structural behaviours 

are estimated based on the simplified models derived in Chapter 5 and Chapter 7 based on the 

half-scale connection. As this chapter adopts the full-scale connection, some of the previously 

derived equations are presented to facilitate discussion of the empirical parameters. Finally, 

there is the new interlocking (IL) IMC for which the structural behaviours are similarly 

estimated based on Chapter 6 and Chapter 8. The material properties for the PT and IL 

connections are summarised in Table 9.1, while the corresponding geometries are given in 

Section 9.3.2 (p.248) and 9.3.3 (p.251). 
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Table 9.1. Material properties 

 
Figure 9.2. Inter-module connections in the benchmark model showing (a) vertical and 

(b) horizontal connection 
Adapted from Figure 3.7 (p.55). 

9.3.1 Previous benchmark (BM) case study 

In the previous benchmark numerical model of the case study building (Chapter 3), the VCs 

and HCs were included as nonlinear links (Figure 9.2). The initial stiffness of the VCs was 

estimated assuming that the connection consisted of a 575 mm long 150x5 mm square hollow 

section (SHS) which was fixed at each end, i.e., the VCs were assumed to be rigid. While some 

of the VCs were located at the main columns (C1 in Figure 9.1b), other VCs were placed along 

the main beams (B2), and were offset from the centre of the columns. As the B2 beams were 

150x5 mm sections, while the C1 columns were 150x10 mm sections, the smaller 5 mm 

thickness was adopted for the calculation of the initial stiffness. This simplified the numerical 

model by allowing the same stiffness to be adopted for all the VCs. For the HCs, which joined 

adjacent columns (C1), the initial stiffness was estimated based on the previous study by Styles 

Description Connection Thickness / 
Diameter (mm) 

Grade/Class Min. yield 
stress (MPa) 

Min. tensile 
strength (MPa) 

Column PT / IL 10 C450 450 500 
Locating pin 
(round bar) 

IL 24 300 300 440 

Shear key PT 12 350 360 450 
Plate  PT / IL 25 / 12 350 350 450 
Threaded 
rod 

PT 36 8.8 660 830 

Bolts  IL 24 8.8 660 830 
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et al. [50], which adopted a similar connection detail. In this way, the benchmark stiffness 

properties were based on typical bolted connection details. 

The resulting simplified bilinear translational behaviours are shown in Figure 9.3. In this 

figure, vc-u1, -u2, and -u3 refer to the translational behaviour of the vertical connection in the 

local 1-, 2-, and 3-directions as defined by the local axes shown in Figure 9.2(a). Similarly, 

hc-u1, -u2, and -u3 refer to the behaviour of the horizontal connection with respect to the local 

axes shown in Figure 9.2(b). In the same way, the trilinear rotational behaviours of the 

benchmark IMCs are shown in Figure 9.4, where r1, r2, and r3 denote rotation about the 

respective local axes.  

 
Figure 9.3. Translational behaviours of the benchmark (BM) horizontal (HC) and 

vertical (VC) connections 
Adapted from Figure 3.10 (p 58). 

 
Figure 9.4. Rotational behaviours of the benchmark (BM) horizontal (HC) and vertical 

(VC) connections 
Adapted from Figure 3.10 (p 58). 

9.3.2 Post-tensioned (PT) inter-module connection 

The VCs adopted in the benchmark numerical model were replaced with the post-tensioned 

IMC as shown in Figure 9.5, while the benchmark HCs were retained. To accommodate the 

new VC, the numerical model was adjusted as follows. First, the existing vertical links were 

removed and replaced with new links representing the PT connection. As the PT connection 
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must be positioned at the columns, new vertical links were created at each main column. 

Consequently, the total number of vertical links in the numerical model was increased, 

compared with the benchmark model. Comparing Figure 9.5(a) with Figure 9.2(a), it can be 

seen that the length of the new vertical links was reduced in comparison with the benchmark 

numerical model, and two short column lengths were added to account for the reduced length. 

For example, Figure 9.6 compares the simplified numerical models adopted for the benchmark 

(BM) and post-tensioned (PT) connections. The two additional column lengths can be seen in 

Figure 9.6(b). 

 
Figure 9.5. Post-tensioned inter-module connection: (a) XY plane section with 

superimposed link element bc, (b) illustration showing internal components, and (c) 
close-up showing link element and spring components 

All dimensions in mm. 

 
Figure 9.6. Comparison between simplified numerical model for (a) benchmark (BM) 

and (b) post-tensioned (PT) connections 
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9.3.2.1 Shear force-displacement behaviour 

The estimated shear behaviours are shown in Figure 9.7 for a range of axial forces (N). The 

axial forces vary between 25 kN (tension) and -600 kN (compression) which reflects the range 

of axial forces to which the VCs were subjected in the following numerical simulations. The 

initial friction/slip behaviour was estimated based on Equation (7.1) (p.172) and the initial 

stiffness was estimated based on Equation (7.4) (p.173). The slip factor (µp) and elastic slip 

(γcrit) were assumed to be constant regardless of the normal pressure, and the contact area, i.e., 

the cross-sectional area of the column, was assumed to have negligible effect (§7.4.2.1, p.172).  

 
Figure 9.7. Translational behaviours of the post-tensioned (PT) vertical connection 

For x larger than the effective tolerance (xP=4 mm), the bearing/yield behaviour was estimated 

based on Equation (7.13) (p.176). In Chapter 7, the bearing stiffness (KPQ,i) was associated 

with local deformation of the column flange and lateral deformation of the shear key, which 

could be idealised as a cantilever beam. In this chapter, compared to Chapter 7, the column 

was increased from a 75x6 SHS to a 150x10 SHS, and the shear key was increased from a 

53x6 SHS to a 126x12 SHS. Consequently, in this chapter, KPQ,i was mainly associated with 

local bending of the column flange. While the thickness of the column flange (tcol) was 

increased from 6 to 10 mm, the span of the flange between the webs was also increased, such 

that KPQ,i was not significantly altered. However, in Chapter 7, local deformation of the lower 

column flange was suppressed in the numerical model. Therefore, in this chapter, KPQ,i was 

halved to allow for the deformation of both of the column flanges, i.e., KPQ,i = 221 kN/mm.  

9.3.2.2 Axial force-displacement behaviour 

Following Section 7.5.3 (p.182), the axial force-displacement behaviour (Figure 9.7) was 

estimated as 
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(9.63) 

where y is the vertical displacement in the Y-direction (Figure 9.5), NF ≤ 0 is the compression 

capacity, KFG is the initial stiffness, 1
F F FGy N K −= , NG is the tension force at which the column 

lifts from the central plate, 1
G G FGy N K −= , NH is the tension capacity of the rod, ,GH rod effK k=  is 

the rod stiffness allowing for deformation of the P2 plates, and ( ) 1
H G H G GHy y N N K −= + − . KFG 

was estimated based on the axial stiffness of the central plate as 

 ( )0.5 tans col col p
FG

col p

E A t t
K

t t
α+

=  
(9.64) 

where Es is the elastic modulus (200 GPa), Acol is the column cross-sectional area, tcol is the 

column thickness, tp is the plate thickness (25 mm), and α is the half-apex angle for pressure 

distribution through the plate (30° [226]).  

The shear force (V*) has negligible effect on the axial behaviour provided that the tension force 

(N) is limited to the value given by Equation (7.32) (p.185). Similarly, bending moments (M*) 

have negligible effect, provided that the tension force is limited to the value given by Equation 

(7.31) (p.185). In Section 9.5.1 (p.264) it will be confirmed that the tension force does not 

exceed the appropriate limits.  

9.3.2.3 Moment-rotation behaviour 

The moment-rotation behaviour (Figure 9.8) was estimated using the simplified analytical two 

stage model derived in Chapter 7. Following Section 7.6.3 (p.193), in the first stage, the 

behaviour was estimated as 

 ( ) , 0OT TM Kθ θ θ θ= ≤ ≤  (9.65) 

where θ is the rotation about the Z-axis (Figure 9.5), 2 s col
OT

ab

E I
K

L
= , Icol is the area moment of 

inertia, Lab is the length between a and b in Figure 9.5(a), T
OT

TM
K

θ = , clamp col
T

col

F Z
M

A
= , and Zcol 

is the elastic section modulus. In the second stage, the nonlinear M-θ behaviour was estimated 

by applying the Monolithic Beam Analogy as described in Section 7.6.3 (p.193). 

9.3.3 Interlocking (IL) inter-module connection 

The IMCs adopted in the benchmark numerical model were replaced with the interlocking (IL) 

connection shown in Figure 9.9 and Figure 9.10. The vertical and the horizontal links were 
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replaced, as the IL connection provides vertical and horizontal connectivity. Like the PT 

connection, the VCs were positioned at every main column (C1 in Figure 9.1b, p.245). 

Therefore, the total number of vertical links in the numerical model was increased, compared 

with the benchmark model, although the total number was the same as in the model with the 

PT connections. In addition, the total number of horizontal links was reduced, compared with 

the benchmark model. In the benchmark numerical model four horizontal links were provided 

for each module, i.e., at the points where B2 intersects C1 in Figure 9.1. With the IL 

connections, however, one horizontal link was provided per IL connection as shown in Figure 

9.9(b).  

 
Figure 9.8. Rotational behaviours of the post-tensioned (PT) vertical connection 

 
Figure 9.9. Interlocking inter-module connection: (a) illustration showing connection 
geometry, (b) XY plane section with superimposed link elements, and (c) component 

springs 
Adapted from Figure 8.2 (p.203), Figure 8.4 (p.204), and Figure 8.34 (p.236). 
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Figure 9.10. Key dimensions for the interlocking inter-module connection: (a) internal 

connection with four columns (4C), (b) end connection with two columns (2C), (c) 
plate P1, and (d) plate P5 

Adapted from Figure 8.9 (p.208). 

9.3.3.1 Horizontal connection (HC) 

Following Section 8.8.2 (p.237), the translational shear and axial stiffness of the horizontal 

connection was calculated based on the geometry of the central plate P5 shown in Figure 9.10. 

That is, the axial behaviour was determined based on Equation (8.60), while the horizontal 

and vertical shear behaviours were evaluated based on Equation (8.61) and (8.62), 

respectively. The resulting behaviours are illustrated in Figure 9.11.  

 
Figure 9.11. Translational behaviours of the interlocking (IL) horizontal connection 

(HC) 

9.3.3.2 Vertical connection (VC) – Shear force-displacement behaviour 

The shear behaviour (Figure 9.12) associated with the VC, e.g., ab in Figure 9.9(b), was 

estimated based on Equation (8.55) (p.235) and the initial friction/slip stiffness (KV,i) was 

calculated using Equation (8.5) (p.214). In Chapter 8, the stiffness at the start of the bearing 
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stage (KV,b) was associated with bending of the  bolt and locating pin which could be idealised 

as a fixed-guided beam and a cantilever beam, respectively. Compared with Chapter 8, the 

diameter of the bolt and the locating pin were increased by a factor of 2. Similarly, the plate 

thickness, which determined the span of the model beam, was increased by a factor of 2. 

Therefore, based on the bending stiffness models, the stiffness in this chapter was increased 

by a factor of 2, i.e., 
3

3 2new old

old new

I L
I L

= . Hence, a constant value of 208 kN/mm was adopted for KV,b. 

A contact link was included in the spring model, e.g., ad in Figure 9.9(b), and the axial 

behaviour was estimated based on Equation (8.57) (p.236). The gap due to the assembly 

tolerance was initially set as zero and the contact stiffness was estimated using Equation (8.56).  

 

Figure 9.12. Translational behaviours of the interlocking (IL) vertical connection (VC) 

9.3.3.3 Vertical connection (VC) – Axial force-displacement behaviour 

The axial behaviour (Figure 9.12) associated with the VC, e.g., ab in Figure 9.9(b), was 

estimated based on Equation (8.58) (p.237) and the compression stiffness was estimated using 

Equation (8.18) (p.222). For the tension behaviour, following Section 8.6.3.2 (p.223), the 

tension yield force (Np) was calculated by yield line analysis, the initial tension stiffness (KN,i) 

was calculated based on the cantilever beam analogy, and the hardening stiffness (KN,p) was 

estimated as 7% of KN,i. In Section 9.5.2.1 (p.265) it will be confirmed that the axial force is 

limited to small tension forces, thereby ensuring that bending moments and shear forces have 

negligible effect on the axial behaviour.  

9.3.3.4 Vertical connection (VC) – Moment-rotation behaviour 

The moment-rotation behaviour (Figure 9.13) associated with the VC, e.g., ab in Figure 9.9 

(c), was estimated based on Equation (8.59) (p.237). The M-θ stiffness before the column lifts 

(KTR) was estimated using Equation (8.41) (p.231) and the moment at which the column lifts 

(MR) was calculated from Equation (8.39) (p.231). The plastic moment capacities, i.e., Mp+ 

and Mp-, were calculated by yield line analysis following Section 8.7.3.2 (p.232). The positive 
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and negative stiffnesses, i.e., Ki+ and Ki-, were estimated empirically by fitting a curve to the 

numerical results from Chapter 8, and, for negative bending, the hardening stiffness was 

estimated as 2.4% of Ki-.  

 
Figure 9.13. Rotational behaviours of the interlocking (IL) vertical connection (VC) 

9.3.4 Comparison of inter-module connection behaviours 

In this section, the structural behaviours of the PT and IL connections are compared. The 

purpose of this comparison is, firstly, to allow direct comparison of the structural behaviours 

of the PT and IL connections, which will inform the discussion of the global building responses 

in Section 9.4. In Section 9.3.3, the interlocking VC was divided into two links, e.g., ab and 

bc in Figure 9.9(b), and the structural behaviours were derived for just one of the links. In this 

section, the behaviours of the complete interlocking VC are estimated by combining the two 

VC links in series. In this way, the behaviours of the interlocking and post-tensioned VCs can 

be compared directly. The second purpose of this comparison is to explain how the connection 

geometries and key parameters, such as the bolt preload, were defined to ensure a fair 

comparison between the PT and IL connections.  

9.3.4.1 Shear force-displacement behaviour 

In the previous experiments on the PT connection (Chapter 5), the combination of the cut 

surface of the column with the clean mill scale plate surface resulted in a slip factor of 0.5. In 

comparison, in the previous experiments on the IL connection (Chapter 6), the faying surface 

was made up of two clean mill scale surfaces, which resulted in a slip factor of 0.31. As the 

slip factor for both connections can be controlled by varying the surface finish, a fair 

comparison was achieved in the present chapter by adopting a single slip factor of 0.3. 

Similarly, for each connection, the effective tolerance was set as 4 mm, the initial preload was 

set as 420 kN, and the slip resistance was calculated as slip slip p clampV C Fµ=  where µp is the slip 

factor, Fclamp is the clamp force, and Cslip=1 is an empirical coefficient. For the PT connection, 

a small positive hardening stiffness was included in the friction/slip stage (§7.4.2.1, p.172), 
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whereas, for the IL connection, there was no hardening stiffness (§8.5.2.1, p.213) as shown in 

Figure 9.14.  

 

Figure 9.14. Shear behaviours of the post-tensioned (PT) and interlocking (IL) vertical 
connections 

With no axial load (N=0 kN), the PT connection had greater initial shear stiffness than the IL 

connection, which matched the previous experiments (Chapter 5 and Chapter 6). When an 

axial compression force was applied (N=-600 kN), however, the IL connection had greater 

initial stiffness than the PT connection. In the PT connection, when a compression force is 

applied to the column, axial shortening of the column reduces the rod preload, and only part 

of the compression force affects the clamping force (§7.5.3.1, p.182). As the stiffness depends 

on the clamp force, the effect of the compression force on the initial stiffness is reduced. For 

the IL connection, the full compression force affects the initial shear stiffness (§8.5.2.1, p.213). 

As the bolt group is offset from the column, the initial preload causes the plates under the 

column to separate. The shear force applied to the column must then be transferred across to 

the bolts, and the resulting axial elongation of the plates reduces the shear stiffness. When a 

compression force is applied to the column, the plates under the column are pushed back 

together, which increases the shear stiffness. Hence, the full compression force affects the 

initial stiffness for the IL connection. 

For the PT connection, the shear yield capacity was determined by shear yield of the column 

flange (§7.4.2.2, p.174). The column was relatively thick (10 mm), hence, the shear yield 

capacity was relatively large. The bearing stiffness (221 kN/mm) was associated with local 

deformation of the column flanges and was not affected by the axial load. For the IL 

connection, the shear yield capacity was determined by shear yield of a bolt and locating pin, 

which resulted in a smaller capacity than for the PT connection (§8.5.2.2, p.216). For the 

bearing stiffness, however, the value for the IL connection (208 kN/mm) was similar to that 

for the PT connection.  
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9.3.4.2 Axial force-displacement behaviour 

For the PT connection, the half-apex angle for the pressure distribution through the central 

plate was 30° (§9.3.2.2, Eq. (9.64)), whereas, for the IL connection, the angle was only 21° 

due to slipping at the plate interfaces (§8.6.3.1, p.222). In addition, in the IL connection, the 

pressure distribution through the plates was constrained on two sides, while for the PT 

connection, the distribution was unconstrained. Furthermore, the length of the PT connection 

(25 mm, Figure 9.5) was smaller than the IL connection (48 mm, Figure 9.9). Therefore, the 

axial compression stiffness was larger for the PT connection than the IL connection (Figure 

9.15). Comparing the tension behaviours, for the PT connection, the initial stiffness was high 

(72,000 kN/mm) due to the initial preload. After the column separated from the central plate 

at G (Figure 9.15), the stiffness (130 kN/mm) was associated with the axial stiffness of the 

rod, until the rod yielded at H. In contrast, for the IL connection, the initial tension stiffness 

was low (180 kN/mm), due to bending of the plates. The tension yield force was 95 kN, after 

which the stiffness reduced to the hardening stiffness of 13 kN/mm.  

 
Figure 9.15. Axial behaviours of the post-tensioned (PT) and interlocking (IL) vertical 

connections 
Positive axial force indicates tension. 

The initial tension stiffness of the IL connection could have been increased by increasing the 

plate thicknesses. However, it was considered that the low tension stiffness was a feature of 

the IL connection. Moreover, if the plate thickness was increased for the IL connection, the 

axial compression stiffness would also have been affected. Although increasing the plate 

thickness would have reduced the compression stiffness in Figure 9.15, it would ultimately 

increase the overall compression stiffness in the numerical model. In the overall numerical 

model, the vertical IMC was modelled by a short length depending on the plate thicknesses, 

while the remaining length was modelled by two elements representing the column section 

properties (Figure 9.9). The axial stiffness for the IMC was greater than that for the column, 

due to the increased effective width resulting from the pressure distribution through the 
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thickness of the plates. As the IMCs were not subjected to large tension forces (§9.5, p.264), 

the compression behaviour was more important than the tension behaviour, and the plate 

thickness for the IL connection was retained as 16 mm. The larger overall compression 

stiffness was considered to be a feature of the IL connection, due to the presence of three 

plates, as compared with one plate for the PT connection.  

9.3.4.3 Moment-rotation behaviour 

For the PT connection, the initial moment-rotation (M-θ) stiffness was relatively high (Figure 

9.16), due to the initial rod preload, and the plastic moment capacity was relatively large. 

Moreover, due to the connection symmetry, the M-θ behaviour was the same for positive and 

negative bending. In comparison, the IL connection had a low M-θ stiffness as the bolts were 

offset from the column resulting in bending of the plates, and the behaviour was asymmetric 

for positive and negative bending (§8.7.3.2, p.232). However, although the plastic moment 

capacity in the absence of an axial force was small, when a substantial compression force was 

applied, e.g., N=-600 kN, the plastic moment capacity was greater than that for the PT 

connection. For a small tension force, e.g., 25 kN, the stiffness and moment capacity were 

reduced, particularly for positive bending.  

 

Figure 9.16. Rotational behaviours of the post-tensioned (PT) and interlocking (IL) 
vertical connections 

The moment capacity and stiffness of the IL connection could have been improved by 

increasing the plate thickness, however, the low moment capacity and stiffness were features 

of the IL connection. Moreover, due to the relatively low M-θ stiffness, it was expected that, 

when incorporated in the overall numerical model, the connection would not attract bending 

moments approaching the plastic moment capacity, thereby justifying use of the symmetric 

pure shear behaviour (§8.5.1.3, p.212). Therefore, the plate thickness was retained as 16 mm, 

which was double that in Chapter 6 and Chapter 8. Similarly, the moment capacity and 

stiffness of the PT connection could have been reduced by decreasing the size of the rod. 
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However, the relatively high moment capacity and stiffness were considered to be features of 

the PT connection. Therefore, the M36 rod was retained based on Chapter 5 and Chapter 7 

which adopted an M20 rod. From the available rod sizes of M36 and M42, an M36 rod was 

adopted as it most closely suited the 420 kN preload required to match the IL connection. That 

is, two M24 bolts were adopted for the IL connection as two M12 bolts were used in the 

previous half-scale studies (Chapter 6 and Chapter 8). The M24 bolts required a minimum bolt 

tension of 210 kN [139]. To match the shear slip resistance, the same total preload was required 

for the PT connection, i.e., 420 kN. Therefore, the M36 rod was adopted as the standard bolt 

preload (490 kN [139]) was closer to the intended preload of 420 kN, than for the M42 rod.  

9.3.5 Implementing the inter-module connection spring models 

The design gravity loads were calculated from the SAP2000 numerical model with VCs 

provided at each main column (C1 in Figure 9.1, p.245). In the case of wind loading, the axial 

forces associated with the self-weight (G) were combined with those due to the ultimate limit 

state wind load (Wu) as 0.9G+Wu. The axial forces due to the wind load were estimated based 

on the equivalent static load according to the Australian standard [72]. Similarly, for the 

earthquake loading, the axial forces resulting from the self-weight (G), live load (Q) and the 

ultimate earthquake (Eu) were combined as G+0.3Q+Eu. The axial forces due to the 

earthquake were estimated from the response spectrum analysis according to the Australian 

standard [74]. In this way, the calculated axial forces were an estimate of the maximum value 

(tension positive) to which each IMC may be subjected during the following time history 

analyses. The maximum value was adopted as it was associated, for example, with the smallest 

shear slip resistance, thereby ensuring a conservative estimate of the overall lateral response 

of the building.  

For the IL connection, the local axes assigned to the VCs were varied to account for different 

orientations of the connection. For example, Figure 9.17(a) shows part of the building 

demonstrating subdivision of the grid lines parallel with the Y-axis, i.e., 2a and 2b, and Figure 

9.17(b) shows the asymmetric IL connection geometry for grid reference A2. Figure 9.17(c) 

and (d) then show the local axes for grid references A2 and B2, respectively, highlighting the 

four VC orientations, i.e., VC-1 through VC-4. In Section 9.3.3.4 (p.254) the M-θ behaviours 

were estimated for rotation about the 2-axis in VC-1 (Figure 9.17c). The positive moment 

capacity for rotation about the 2-axis was less than the negative moment capacity due to the 

asymmetry of the connection. For rotation about the 3-axis, the behaviour was reversed, and 

the positive moment capacity was greater than the negative moment capacity. For the PT 

connections, the local axes were assigned consistently throughout the numerical model, as the 

structural behaviours of the VCs were symmetric.  
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Figure 9.17. (a) Subdivision of grid lines parallel with the Y-axis, (b) asymmetric IL 
connection at grid reference A2, (c) local axes for IL connection at A2, and (d) local 

axes for IL connection at B2 

9.4 Overall structural response of case study building 

9.4.1 Response to wind 

The PT and IL connections reduced the drifts and inter-storey drift ratios (IDRs) due to the 

wind loads in comparison with the building with the benchmark (BM) connections. Figure 

9.18 shows the maximum drift for the case study building subjected to the ultimate wind load 

in the Y-direction. It can be seen, for example, that the maximum drifts associated with the Li 

et al. [178] turbulence spectrum were 34.9, 19.7 and 20.2 mm for the building with the BM, 

PT and IL connections, respectively. The main reason for the reduced drift was the larger 

number of VCs when using the PT and IL connections, compared with the BM connections 

(refer §9.3.2 & 9.3.3, p.248). The drifts for the building with the PT connection were slightly 

smaller than those for the building with the IL connection. The shear stiffness of the IL 

connection was slightly greater than that for the PT connection when the coincident axial 

compression force was large (Figure 9.14, p.256). However, when the compression force was 

small, such as at the top of the building, the shear stiffness of the IL connection was more 

substantially less than that for the PT connection, which resulted in slightly greater drifts at 

the top of the building with the IL connections.  

The Li et al. [178] spectrum was associated with the largest responses as the peak of the 

normalised power spectral density (Figure 3.13) was closest to the normalised fundamental 

frequency of the building causing the largest resonant response. The normalised fundamental 
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frequencies, which were calculated by multiplying by the height and dividing by the mean 

wind velocity as in Figure 3.13, were 0.460, 0.612 and 0.608 for the building with the BM, PT 

and IL connections, respectively. Hence, the largest response was associated with the Li et al. 

[178] spectrum which had its peak at a normalised frequency of 0.0431. For the PT and IL 

connections which increased the stiffness of the building and, hence, increased the 

fundamental frequency, the resonant response associated with the Li et al. [178] spectrum was 

reduced compared with the benchmark analysis. As in Chapter 3, the aerodynamic admittance 

function was omitted to allow comparison of the resonant responses associated with the three 

turbulence spectra. The resonant response may be reduced if the aerodynamic admittance 

function is included. 

 
Figure 9.18. Overall drift due to the ultimate wind load in the Y-direction 

A, B and C refer to the time histories simulated based on the Kaimal et al. [175], Yu et al. [177], and Li 
et al. [178] spectra, respectively. 

Figure 9.19 shows the maximum IDRs for the case study building subjected to the ultimate 

wind load in the Y-direction. The PT connection was associated with a slightly larger IDR 

than the IL connection at the first level, i.e., 0.113 compared with 0.112%. At the second level, 

however, the IL connection was associated with the larger IDR, i.e., 0.118 and 0.120% for the 

PT and IL connection, respectively. In the case of a large axial compression force, the IL 

connection had a greater initial shear stiffness than the PT connection, hence, the IL connection 

was associated with the smaller IDR at the first level. As the axial load was reduced, the PT 

connection had greater initial shear stiffness, hence, the PT connection was associated with 

the smaller IDR at the second level.  

The more accurate structural behaviours of the PT and IL connection, as compared with the 

benchmark analysis, resulted in a different height-wise variation of the IDR. For example, in 

the benchmark analysis, the predicted maximum IDRs showed a deviation in the profile at the 

top of the structure, which was attributed to the different storey height in Chapter 3. In the 

present chapter, however, with the more accurate models for the structural behaviours of the 
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PT and IL connections, the profile deviation was not observed, and the smallest IDR was 

recorded at the top of the structure. In addition, the more accurate IMC behaviours resulted in 

the maximum IDR occurring at the second level, rather than the third level, as in Chapter 3. 

 
Figure 9.19. Maximum inter-storey drift ratios due to the ultimate wind load in the Y-

direction 
A, B and C refer to the time histories simulated based on the Kaimal et al. [175], Yu et al. [177], and Li 

et al. [178] spectra, respectively. 

9.4.2 Response to earthquake 

Figure 9.20 shows the maximum inter-storey drift ratios (IDRs) for the case study building 

subjected to the ultimate earthquake in the Y-direction. For each connection type, i.e., BM, 

PT, and IL, IDRs in the Y-direction are presented for the twenty acceleration time histories 

(TH), the mean time history (Mean TH) and the response spectrum analysis (RSA). In the 

benchmark (BM) analysis the maximum IDR for the mean time history was 0.265% at the 

third level. This was closely matched by the response spectrum analysis which resulted in a 

maximum value of 0.262%, although it occurred at the second level. With the more accurate 

models for the structural behaviours of the PT and IL connections, the height-wise variation 

of the drift ratio was different to that resulting from the benchmark analysis. For the building 

with the PT connections, the maximum IDR for the mean time history was 0.224% at the 

second level, while the response spectrum analysis gave a maximum of 0.220%, also at the 

second level. Similarly, for the building with the IL connections, the maximum IDR for the 

mean time history was 0.247% at the second level, while the response spectrum analysis gave 

0.235 % at the second level. Overall, the PT and IL connections reduced the IDRs, compared 

with the benchmark analysis, except for the mean time history result for the IL connection at 

the first level. Similar to the wind loading, the result for earthquake loading showed a larger 

maximum IDR for the building with the IL connections (0.247%), as compared with the PT 

connections (0.224%).  
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Figure 9.20. Maximum inter-storey drift ratios for the ultimate earthquake in the Y-
direction 

In Chapter 3, it was reported that the standard formula for the natural period, i.e., 

 0.75
1 1.25 tT k H= , (9.66) 

where kt = 0.05 and H is the height to the uppermost seismic mass, could underestimate the 

period for braced modular steel buildings taller than 17 m. For example, in Chapter 3, the 

fundamental period was estimated as 0.6164 s using Eq. (9.66), and 0.7121 s by eigenvector 

analysis of the numerical model including the building self-weight and 30% of the imposed 

actions. As a result, the standard horizontal equivalent static base shear force [74] was 

estimated as 2,582 kN, whereas the more accurate response spectrum analysis resulted in a 

base shear force of 2,241 kN. Hence, the equivalent static analysis overestimated the base 

shear force by 15%, which was mainly due to the underestimated fundamental period. Using 

the correct period of 0.7121 s, for example, the horizontal equivalent static base shear force 

was estimated as 2,235 kN, which closely matched the response spectrum value of 2,241 kN.  

In this chapter, eigenvector analysis of the numerical models, which included the more 

accurate inter-module connection models, yielded periods of 0.569 and 0.576 s for the building 

with the PT and IL connections, respectively. The estimated period of 0.6164 s (Eq. (9.66)) 

was more accurate, as the PT and IL connections increased the building stiffness and reduced 

the fundamental period, compared with the benchmark analysis. As the fundamental period 

was now overestimated, the standard horizontal equivalent static base shear force of 2,582 kN 

underestimated the response spectrum value of 2,670 kN. The equivalent static base shear 

force was underestimated by 3% and, hence, was more accurate than in the benchmark 

analysis. The PT and IL connections increased the building stiffness and increased the base 

shear force, thereby reducing the fundamental period and improving the accuracy of the 

standard [74] horizontal equivalent static base shear force.  



264 

9.5 Structural response of inter-module connections 

The actions in the IMCs, i.e., shear force, axial force, and bending moment, were examined 

for the time history results in the Y-direction. For the wind loading, the time history results 

adopted were based on the Li et al. [178] turbulence spectrum. As shown in Section 9.4 

(p.260), the Li et al. [178] spectrum was associated with the largest building responses, e.g., 

drift and inter-storey drift, as the spectrum peak (Figure 3.13, p.63) was closest to the 

fundamental frequency of the building, resulting in the largest resonant response. For use in 

the following discussion, Figure 9.1(a) (§9.2.1, p.243) shows grid references defined for the 

overall building, and Figure 9.17(a) (§9.3.5, p.259) illustrates subdivision of the grid lines 

parallel with the global Y-axis, i.e., 2a, and 2b.  

9.5.1 Post-tensioned (PT) connection 

The vertical connections (VCs) were subjected to the largest shear forces at the end of the 

building model, i.e., grid line 1 in Figure 9.1(a) (p.245). The shear force was the greatest at 

the bottom of the building, and it reduced moving up the height of the building. As the largest 

shear force occurred at the bottom of the building, it was associated with the VC with the 

largest axial compression force and, hence, the largest slip resistance. The VC with the largest 

shear force due to the wind load, i.e., PT-WuY in Figure 9.21, did not slip as the shear force 

was below the slip resistance. The largest shear force due to the ultimate earthquake loading 

(PT-EuY) was approaching the slip resistance, such that a small increase in the lateral load 

may have resulted in shear slip of the connection. Nevertheless, the IMCs did not slip in shear, 

demonstrating that shear slip of the IMCs can be avoided through the use of slip resistant 

connections, which have slip resistance greater than the largest shear force associated with the 

design wind and earthquake actions. As will be shown in Section 9.6 (p.268), however, the 

IMCs could slip if the lateral load exceeds the design value.  

 
Figure 9.21. Shear behaviours of the vertical connections subjected to the ultimate 

wind and earthquake load in the Y-direction 



 

265 

The earthquake time history analyses resulted in the largest bending moments (Figure 9.22). 

The applied moments were less than the moment at which the column edge starts to lift, hence, 

the resulting rotations were small. Similarly, the earthquake time history analyses resulted in 

the largest axial compression force of -1,094 kN, and the largest axial tension force of 13 kN 

for the load combination G+EuY+0.3Q. These axial forces were well within the capacity of 

the PT connection which was -1,840 kN in compression and 678 kN in tension. As indicated 

in §9.3.2.2, the axial behaviour of the PT connection is unaffected by shear forces provided 

that the axial tension is limited to a small value. Following Equation (7.32) (p.185), for an 

applied shear force of 102 kN (B1-z1), a slip factor of 0.3, and an initial preload of 420 kN, 

the tension force limit can be estimated as 91 kN. Similarly, as per Equation (7.31) (p.185), 

the tension force limit to demonstrate bending moments having negligible effect can be 

estimated as 175 kN. As the largest tension force was only 13 kN, it can be concluded that 

shear forces and bending moments had negligible effect on the axial behaviour of the PT 

connection.  

 
Figure 9.22. Rotational behaviours of the vertical connections subjected to the 

ultimate wind and earthquake load in the Y-direction 

9.5.2 Interlocking (IL) connection 

9.5.2.1 Vertical connection (VC) 

The largest shear force in the interlocking VCs was due to the earthquake loading (Figure 

9.21). Although the connections did not slip in shear, the shear force was approaching the slip 

resistance, and the connection may have slipped if the lateral load was slightly larger. The 

maximum shear forces were slightly larger for the IL connection, compared with the PT 

connection. For example, the maximum values due to wind loading were 86 kN and 92 kN for 

the PT and IL connections, respectively. For the earthquake loading, the maximum values 

were 116 kN and 118 kN for the PT and IL connections, respectively. The IL connection was 

associated with the larger shear force as it had the larger initial shear stiffness at the bottom of 

the building where the axial forces were greatest (§9.3.4.1, p.255). For the axial load, the VCs 
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were only subjected to small tension forces whereas the largest compression force was -1,036 

kN which occurred at A1-z1 due to the earthquake loading. The compression force was less 

than the capacity of the VC which was -1,840 kN. As the axial forces were mainly limited to 

compression, with only small tension forces in some cases, the axial behaviour was unaffected 

by the addition of bending moments and shear forces (§9.3.3.3, p.254).  

For wind loading, the largest negative moment was less than the moment which would cause 

the connection plates to separate, whereas the largest positive moment was close to the 

separating moment (Figure 9.22). As a result, the corresponding rotations were small, i.e., -

0.00031 and 0.0010 rad, respectively. For the earthquake loading, the largest positive moment 

resulted in a slightly larger rotation, i.e., 0.0015 rad. In Chapter 8, when the applied moment 

reached the plastic moment capacity of the connection, the shear behaviour was significantly 

affected by the large lateral displacement associated with yielding of the plates in bending. In 

the present study, the largest ratio of the applied moment to the plastic moment capacity was 

0.39, hence, yielding of the plates was not expected, and the analysis could proceed based on 

the symmetric shear behaviour (§9.3.4.3, p.258).  

9.5.2.2 Horizontal connection (HC) and contact between columns 

The HC associated with the IL connection was subjected to relatively small translational 

actions which were well within the capacities presented in Section 9.3.3.1 (p.253). The largest 

axial forces of 38.9 kN tension and -40.6 kN compression were associated with the earthquake 

loading in the Y-direction. The HCs were also subjected to vertical shear forces, and the largest 

force of 14.7 kN was due to the wind loading. If the wind load varied along the building width 

(X-direction) then a shear force in the 1-3 plane (V3), i.e., horizontal shear, would also be 

expected for the HC. However, as the wind load time history did not vary in the X-direction, 

i.e., along the building width, the main interest was the shear force in the 1-2 plane (V2), i.e., 

vertical shear. 

The modules were initially located hard against one another in the numerical model, and the 

results showed compression-only axial forces up to -34 kN for the contact links. For example, 

Figure 9.23 shows the time history of the contact force (B2-z1 upper, Figure 9.17a & d, p.260) 

for the first earthquake acceleration time history in the Y- and X-directions, i.e., a1 and a21. 

When using the PT connection, the HCs guaranteed the proximity of the modules at the HC 

locations. This is because the HC bolts are initially tensioned, which pulls the modules together 

at the HC locations, thereby accounting for misalignment during site installation and normal 

deviations in the straightness of the steel elements. In the IL connection, however, the HC is 

integrated with the VC (Figure 9.9, p.252). The bolts pull the modules together vertically, but 
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not horizontally. If the modules are not placed hard against one another during site installation, 

then impact between the modules is prevented only by the friction generated between the 

vertically clamped plates. As a result, impact between the modules is possible if the VC slips 

in shear because the friction resistance is exceeded, or if the elastic displacement prior to slip 

exceeds the initial gap between the modules.  

 
Figure 9.23. Contact force time history for a contact link with no gap for the first 

earthquake acceleration time history in the X- and Y-directions 

When the gap between the modules was increased from zero to 2 mm in the numerical model, 

then the contact force due to earthquake accelerations were reduced to zero. As shown in 

Figure 9.24, although the axial displacement of the contact link varied in response to the 

earthquake ground motions the displacements were small, as the VCs did not slip in shear, and 

were not large enough to close the initial 2 mm gap. In this case the horizontal gaps between 

the modules may be an advantage, in that the horizontal gaps may permit out of phase vibration 

of the modules if they have different vibration frequencies, e.g., owing to different masses, 

which may dissipate energy and, hence, improve the overall performance of the building. 

Notwithstanding this potential advantage, impact between the modules is still possible if there 

is a large earthquake.  

 
Figure 9.24. Axial displacement time history for a contact link with a 2 mm gap for the 

first earthquake acceleration time history in the X- and Y-directions 



268 

9.6 Drift limits 

Drift limits of H/600 and h/500 are typically applied for the total and inter-storey drifts of 

traditional buildings due to the serviceability limit state wind, where H and h are the building 

and storey height, respectively (§2.1.6.2, p.15). The maximum total drifts of the case study 

building due to the serviceability wind simulated based on the Li et al. [178] spectrum were 

6.3 and 6.6 mm for the PT and IL connections, respectively. These drifts were significantly 

less than the limit of H/600 which is equal to 34 mm. Similarly, the maximum inter-storey 

drift ratios (IDRs) were 0.0409 and 0.0398% for the PT and IL connections, respectively. 

These IDRs were less than the limit of 0.2% indicated by limiting the inter-storey drift to 

h/500. In the case of earthquake loading, displacement-based damage criteria such as an IDR 

limit of 1.5% [74] are applied to the ultimate limit state (§2.1.6.3, p.16). The maximum IDRs 

(mean time history) for the case study building were 0.224, 0.247, and 0.265% for the PT, IL, 

and BM connections, respectively. These drift ratios were well below the limit of 1.5%. 

However, the IMC responses were elastic (§9.5, p.264) and, for example, did not slip in shear 

(Figure 9.21, p. 264).  

The above drift limits were developed for traditional building structures, and it is not clear if 

they are applicable to modular steel buildings (§2.1.6.3, p.16). The wind drift limits are related 

to serviceability issues including local damage to non-structural components [71]. Modular 

buildings may incorporate brittle exterior and interior cladding, for example, which may crack 

in response to large drifts. The existing drift limits [71] that where developed to prevent such 

cracking, i.e., H/600 and h/500, may reasonably be applied to modular buildings. For 

earthquake ground motions, however, the rocking and sliding responses of the modules due to 

the IMC connection behaviours may affect the inter-storey drift. Therefore, the conventional 

limit of 1.5% may not be applicable to modular buildings.  

In this chapter, the inter-storey drifts were comprised of deformation of the modules and 

deformation of the IMCs. As the IMCs were the main interest, hinges were not incorporated 

for the intra-module connections, and the inelasticity was limited to the IMCs. The lateral 

displacement of the IMCs was made up of displacements associated with the IMC shear and 

moment-rotation behaviours. The ratio of the bending moment to the shear force varied with 

the magnitude of the lateral load, as the load was redistributed through the structure based on 

the inelastic IMC responses. To examine the relative contribution of the IMC shear and 

moment-rotation behaviours to the IDR, a series of time history analyses were carried out with 

incrementally increasing peak ground acceleration (PGA) in the Y-direction. The SAP2000 

numerical models were subjected to gravity loading, followed by a nonlinear direct integration 

time history analysis. Second order P-Δ effects of the gravity loads acting on the deformed 



 

269 

structure were included in the simulations. The input IMC behaviours were based on zero axial 

force. This ensured that the IMC capacities were not overestimated as the axial force due to 

the earthquake ground motion cycled through positive and negative values.  

The inelastic behaviours of the post-tensioned IMCs can be described as follows. For a PGA 

of 0.195g the IMC responses were elastic (§9.5.1, p.264). When the PGA was increased to 

0.3g, local yielding of the IMCs was imminent. The IMCs at the braced end of the building, 

i.e., grid line 1 in Figure 9.1(a) (§9.2.1, p.245), slipped in shear, resulting in redistribution of 

the lateral load to the internal grids, e.g., grids 3a and 3b. The PT connections located along 

these internal grids were then subjected to the largest shear forces and, hence, had the largest 

lateral drifts. For example, Figure 9.25 shows the shear force and bending moment time 

histories for a PT connection at grid D3b-z1 due to the first earthquake acceleration time 

history (a1) with a PGA of 0.3g. Similarly, Figure 9.26 shows the drift associated with the 

IMC at grid D3b-z1 due to a1 with a PGA of 0.3g. For comparison, the total storey drift (Total) 

is shown along with the drift associated with the module, i.e., Total = Module + IMC. The 

maximum shear force and bending moment of 268 kN and 3.96 kNm, respectively, occurred 

at the same time as the maximum IDR of 0.5%. Referring to Figure 9.14 (p.256), it can be 

seen that, for zero axial load, a shear force of 268 kN corresponds to a displacement of 4.9 

mm. Similarly, from Figure 9.16 (p.258), a bending moment of 3.96 kNm corresponds to 

1.12x10-4 rad. The lateral displacement of the IMC due to the bending moment was small 

compared to that due to the shear force, hence, the IMC drift limits could be estimated based 

on the shear behaviour of the IMC.  

For a PGA of 0.3g, the IMC was subjected to a maximum shear force of 268 kN, and the 

corresponding maximum IDR was 0.5% due to 4.9 mm displacement of the IMC and 12.7 mm 

displacement of the module (Figure 9.26). Referring to Figure 9.27, the corresponding point 

on the simplified shear behaviour for the PT connection is labelled as Y. This represents the 

point at which the shear force-displacement curve starts to deviate from the initial linear 

response defined by the stiffness KPQ,i due to yielding of the column flange. Following the 

simplified model, point Q represents the ultimate limit state. At this point the PT connection 

can accommodate displacements up to 9 mm (§7.4.1, p.170) as the shear force increases to 

372 kN, representing complete failure of the connection. As hinges were not incorporated for 

the intra-module connections the module displacement was elastic. Therefore, as the shear 

force increases from 268 to 372 kN, the corresponding module displacement increases from 

12.7 to 17.6 mm. By summing the IMC and module displacements, the total displacement can 

be estimated as 26.6 mm, i.e., 0.76% IDR. This IDR limit is a low estimate as the inelastic 

deformation of the module may, for example, increase the drift at the ultimate stage. A 
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corresponding upper bound estimate was made by combining the estimated inelastic module 

displacement with the IMC displacement. The inelastic module deformation was estimated as 

62.4 mm based on a structural ductility of 1.84 and a structural performance factor of 0.52 

[14]. Hence, the total displacement was 71.4 mm and the upper bound IDR limit was estimated 

as 2.0%.  

 
Figure 9.25. Shear force and bending moment time histories for PT connection at D3b-

z1 due to earthquake acceleration time history a1 with PGA=0.3g 

 
Figure 9.26. Drift in the Y-direction for PT connection at D3b-z1 due to earthquake 

acceleration time history a1 with PGA=0.3g 

 
Figure 9.27. Shear behaviours of the post-tensioned (PT) and interlocking (IL) vertical 

connections for zero axial force 
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Similar inelastic responses were observed for the IL connection. The asymmetric M-θ 

behaviour of the VCs resulted in a less equal distribution of the moments among the IMCs, 

which ultimately caused larger maximum bending moments than for the PT connection. 

Although the maximum connection rotations were larger, the associated lateral displacements 

were still small in comparison with those due to the shear force-displacement behaviour. In 

Chapter 8, the average ultimate displacement was 10.5 mm for a 2 mm effective tolerance, i.e., 

the difference between the bolt and the bolt hole diameters. Therefore, for a 4 mm effective 

tolerance the ultimate displacement was estimated as 12.5 mm. Following the same procedure 

as for the building with the PT connections, as the shear force increases from 204 to 246 kN, 

the corresponding module displacement increases from 9.67 to 11.7 mm. Hence, by summing 

the IMC and module displacements, the total displacement can be estimated as 24.2 mm, i.e., 

0.69% IDR. Finally, the inelastic module deformation was estimated as 41.2 mm, resulting in 

a total displacement of 53.7 mm and an upper bound IDR limit of 1.5%. Referring to Figure 

9.27 it can be seen that, with zero axial force, the shear capacity of the IL connection was less 

than that for the PT connection. Consequently, the estimated ultimate module displacements 

were smaller in the case of the IL connections, as compared with the PT connections. If, for 

example, the IL connection shear capacity could be increased to 372 kN, i.e., to match the PT 

connection, then the IL connection IDR limits would increase. The IL connection lower limit 

would increase from 0.69 to 0.86% and the upper limit would increase from 1.5% to 2.1%. 

Overall, the conventional IDR limit of 1.5% was not well related to the damage states of the 

IMCs. If inelastic deformation of the module is combined with that of the IMCs, then IDRs 

larger than 1.5% are possible, e.g., 2.0% for the PT connection. Conversely, if the modules 

respond elastically then the IMCs may fail at IDRs smaller than 1.5%, i.e., 0.76 and 0.69% for 

the PT and IL connections, respectively. For structural design purposes, it is recommended 

that the adequacy of the IMCs be established by comparing the design actions with the 

simplified connection behaviours as demonstrated in Section 9.5 (p.264), rather than relying 

on a single IDR limit which is unable to account for factors such as the IMC type, axial force, 

IMC shear capacity, and bolt hole tolerance. Moreover, global stability of the building, which 

was not considered in the suggested IDR limits, should also be assessed. For example, if a 

large IDR such as 2.0% was to occur for each storey, the total drift accumulated over the 

building height could be large, which may compromise the stability of a tall modular building. 
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9.7 Summary 

Numerical simulations were carried out to investigate the overall responses of a selected 

modular steel building, incorporating new simplified models for the structural behaviours of 

the inter-module connections (IMCs). The application of the new simplified IMC behaviours 

was evaluated and the effect on the overall responses to wind and earthquake loading was 

examined. The main findings are summarised as follows.  

1. The shear, axial and moment-rotation behaviours of the post-tensioned and interlocking 

IMCs are well-represented by the new simplified models, which in turn are well-suited to 

application in overall numerical simulations of modular steel buildings. Moreover, the 

simplified models can be applied to different IMC geometries, due to the analytical 

derivation of many of the parameters.  

2. Compared with the previous benchmark analysis (Chapter 3) which adopted a rigid 

behaviour for the IMCs, the more accurate simplified models for the IMC connection 

behaviours leads to a more accurate understanding of the global responses of modular 

buildings, which facilitates the analysis and design of modular structures. 

3. Shear slip of the IMCs can be avoided through the use of slip resistant post-tensioned and 

interlocking connections, which have slip resistance greater than the largest shear force 

associated with the design wind and earthquake loads. The potential for an IMC to slip, 

and for the slip to accumulate over the building height, can be assessed by comparing the 

design load with the simplified shear behaviour. 

4. The conventional inter-storey drift limit of 1.5% was not related to the damage states of 

the IMCs. If the modules remain elastic then the IMCs may fail at smaller drift ratios, 

whereas larger drift ratios are possible if the response of the modules is inelastic. 

Therefore, for design purposes, it is recommended that the suitability of the IMCs is 

established by comparing the design actions with the respective simplified connection 

behaviour.  

5. For the interlocking IMCs, the bolts pull the modules together vertically but not 

horizontally, creating the possibility of horizontal gaps between the modules and, hence, 

impact between the modules when subjected to lateral loads. At the same time, the 

horizontal gaps may permit out of phase vibration of the modules which may dissipate 

energy and improve the overall performance.  
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6. To further develop knowledge on the structural response of modular buildings, it is 

recommended that further numerical simulations are carried out considering different 

building layouts, inter-module connections, and intra-module connections. For the inter-

module connections, further study of the cyclic response is recommended as the hysteretic 

shear behaviour may significantly affect the global response to earthquake actions, for 

example. For the intra-module connections, it is suggested that plastic hinges may be 

incorporated in the numerical models to account for the inelastic response of the beam-

column joints considering the range of combined actions which may apply.  
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Chapter 10 Conclusion and recommendations 

10.1 Main findings 

This thesis studied the lateral responses of modular steel buildings subjected to wind and 

earthquake ground motion. In Chapter 2, the broad review of modular building structures 

highlighted that the structural response of modular buildings may be significantly affected by 

the inter-module connections (IMCs), and that the design and fabrication of reliable IMCs was 

a challenge for the existing industry. Moreover, through a focused review of bolted IMCs it 

was identified that the structural behaviours of the existing IMCs could not be accurately 

estimated by the existing simplified models. Hence, following the literature review, this study 

focused on the structural behaviours of the IMCs. 

Chapter 3 introduced a six-storey case study building and carried out numerical simulations to 

investigate its response to wind and earthquake actions. The building responses to the lateral 

loads were established based on increasingly sophisticated design analyses. First, for the wind 

action, the building responses were estimated based on equivalent static analysis (ESA) and 

time history analyses (THA) using simulated load time histories. The wind loads were 

simulated based on the Kaimal et al. [175] turbulence spectrum which reflected non-cyclonic 

conditions, and the Yu et al. [177] and Li et al. [178] spectra, which were two competing 

models for cyclonic conditions. The ESA resulted in a reasonable estimate of the overall 

responses, while the Li et al. [178] spectrum was associated with the largest responses, as the 

spectrum peak was the closest to the fundamental frequency of the building. Second, for the 

earthquake action, equivalent static analyses (ESA) were conducted, followed by a response 

spectrum analysis (RSA), and finally time history analyses (THA) using simulated ground 

motion time histories. The RSA resulted in a reasonable estimate of the overall response. It 

was found, however, that the fundamental period of modular buildings may not be accurately 

estimated by the existing empirical formulae, which could result in an inaccurate estimate of 

the equivalent static earthquake base shear force. Therefore, it was recommended that the 

fundamental period should be determined from the overall numerical model, rather than 

relying on the existing empirical formulae. Finally, by varying the stiffness of the IMCs, it was 

found that the shear behaviour of the IMCs affected the overall building responses, while the 

moment-rotation behaviour had little effect. Therefore, the following Chapters 4 to 6 focused 

on the shear behaviour. 

Chapter 4 established the short-term friction/slip shear behaviour associated with AS/NZS 

3678-350 steel with clean mill scale and sand blasted (AS 1627.4 Sa 1 and Sa 3) surface 

finishes by conducting slip factor tests in accordance with Annex G of EN 1090-2. For the 
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sand blasted surfaces the characteristic slip factor was 0.5 which matched the EN 1090-2 

standard value and was not sensitive to the degree of sand blasting defined by visual 

assessment to AS 1627.9 and ISO 8501-1. For the clean mill scale finish, however, the 

characteristic slip factor was dependent on the mill scale thickness and composition. A value 

of 0.27 was obtained which was 10% less than the EN 1090-2 standard value of 0.30. 95% 

confidence intervals were calculated for the experimental slip factor as 0.31 ± 4.9% and 0.55 

± 5.6% for the clean mill scale and Sa 3 sand blasted surfaces, respectively. The slip factor 

tests also served to demonstrate that the bolt preload could be well-controlled by the torque 

method, and that digital image correlation (DIC) could be used to effectively measure 

displacement of the specimens. Finally, numerical simulations were carried out to ensure the 

accuracy of the experimental load-slip behaviours and to establish the effect of the bolt preload 

and slip factor. Based on the calibrated numerical results, a more accurate empirical model 

was proposed for the friction/slip behaviour of the test specimens depending on the slip factor 

and bolt preload. In this way, Chapter 4 established the material friction/slip shear behaviour 

which was subsequently applied in the following studies on the IMCs (Chapter 5 to 8). 

Chapter 5 introduced a new IMC known as the post-tensioned (PT) connection which allowed 

internal connection of the modules and, therefore, reduced the requirement for working at 

heights during the site installation. An experimental setup was developed which allowed the 

specimens to be tested using a universal testing machine. The bolt preloads were controlled by 

applying the torque method, and DIC was applied to determine the specimen displacement 

from photos taken during the loading sequences. Assembly tests were undertaken to determine 

the relationship between the preload in the threaded rod and the torque applied to the nut and, 

hence, 95% confidence intervals were obtained for the preload as 81 kN ± 3.8% and 45 kN ± 

5.8% for an applied torque of 250 and 150 Nm, respectively. Allowing for variation of the 

surface and the preload, the maximum uncertainty of the slip resistance was calculated as ± 

7.0% based on the sand blasted specimen with 150 Nm torque. The specimens had varying 

bolt preload (81 and 45 kN), surface finish (clean mill scale and Sa 3 sand blasted) and contact 

area (1530 and 3474 mm2). Sand blasting the faying surfaces and increasing the bolt preload 

improved the slip resistance. Increasing the contact area, however, did not have a significant 

effect considering the experimental accuracy. The PT connection had a large initial 

friction/slip stiffness, which was greater than the selected existing IMCs. Numerical 

simulations were carried out and a new more accurate exponential model was proposed for the 

friction/slip shear behaviour of the PT connection specimens.  

Chapter 6 introduced another new IMC known as the interlocking (IL) connection. The IL 

connection combined structural bolts with interlocking elements which assisted with site 
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assembly of the modules and improved the shear force-slip behaviour. Similar to the PT 

connection, an experimental setup was developed and the bolt preloads were controlled by the 

torque method, while displacements were determined using DIC. The accuracy of the 

experimental slip resistance was calculated as ± 4.8% allowing for variation of the clean mill 

scale surface and the bolt preload, which was calculated based on assembly tests conducted by 

the bolt manufacturer. The experimental specimens had varying bolt preload (50 and 35 kN), 

bolt hole tolerance (standard and slotted) and presence or absence of the interlocking element. 

The slip resistance was controlled mainly by the bolt preload and the slip factor. The bolt hole 

tolerance had a small effect on the experimental slip resistance. For the 35 kN preload, 

changing from the standard to the short slotted holes reduced the slip resistance by 13%, which 

was attributed to flattening of the surface asperities due to the greater contact pressure resulting 

from the slotted holes. The interlocking elements, i.e., the locating pins, were found to increase 

the shear resistance after the connection slipped. Similar to the PT connection, the IL 

connection exhibited a large initial friction/slip stiffness, which was greater than selected 

existing IMCs. Finally, numerical simulations were undertaken to facilitate further parametric 

study, based on which an empirical model was proposed for the friction/slip shear behaviour 

of the IL connection specimens. 

In Chapter 7, simplified analytical and empirical models were derived which could be used to 

estimate the structural behaviours of the new PT connection and, hence, facilitate design. An 

extended numerical model was built based on the PT connection which was adjusted to suit a 

typical modular building structure. The numerical shear behaviour was established and 

calibrated based on the previous experiments (Chapter 5), and a two-stage simplified empirical 

model was proposed. The shear behaviour was unaffected by coincident bending moments, 

however, axial compression forces increased the slip resistance. The numerical axial force-

displacement behaviour was similarly established, and a multi-linear model was proposed and 

matched to the analytically derived behaviour. The axial behaviour was affected by bending 

moments and shear forces, and appropriate axial force limits were proposed to ensure the effect 

was not significant. Finally, the numerical moment-rotation (M-θ) behaviour was established, 

and a simplified two-stage model was proposed and matched to the analytical behaviour. An 

iterative procedure was developed to estimate the nonlinear M-θ behaviour in the second stage. 

The M-θ behaviour was affected by the axial force which was accounted for in the iterative 

procedure. In contrast, shear forces had little effect on the early M-θ behaviour which was the 

main interest.  

In Chapter 8, a spring model was developed for the IL connection, which combined the vertical 

and horizontal connection elements. Simplified models were proposed for the shear and axial 
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force-displacement behaviours of the horizontal connection based on the geometry of the 

central tie plate. For the vertical connection (VC), intermediate numerical simulations were 

undertaken to investigate the effect of the loading and boundary conditions on the shear 

behaviour. The results demonstrated that the empirical model proposed in Chapter 6 for the 

shear behaviour of the experimental specimens could over-estimate the slip resistance of a 

single IL connection in a modular steel building. The numerical shear behaviour of the VC 

was, therefore, established based on extended numerical models with two bolts per column, 

for which the tangential contact behaviour was validated with reference to the previous 

experiments (Chapter 6). A two-stage exponential model was then proposed, which accounted 

for the effect of axial forces. In addition, a compression only axial spring was incorporated 

into the spring model to account for the possibility of contact between the adjacent columns. 

Similarly, a two-stage analytical model was proposed for the VC axial behaviour. The model 

had a linear behaviour for compression and a nonlinear exponential behaviour for tension. The 

tension behaviour was affected by bending moments and shear forces, each of which caused 

an initial vertical displacement and affected the tension stiffness due to a P-Δ effect. For the 

moment-rotation (M-θ) behaviour, a two-stage semi-empirical model was proposed. The first 

stage was linear and was determined by the axial force and the stiffness of the clamped plates, 

whereas the second stage was nonlinear and suited an exponential model. The behaviour in 

the second stage was determined by the axial force and the asymmetric positive/negative plate 

bending behaviour.  

Finally, in Chapter 9, the simplified models for the structural behaviours of the new PT and IL 

connections were applied in numerical simulations of the case study building first introduced 

in Chapter 3. Whereas Chapters 5 to 8 were based on the half-scale connections, in Chapter 9, 

the simplified models were applied to the larger full-scale connections. Hence, it was 

demonstrated that the simplified models can be applied to different connection geometries as 

a result of the analytical derivation of key parameters. The new simplified models were more 

accurate than the rigid behaviours assumed in Chapter 3 and, hence, the simplified models 

contributed to an improved understanding of the overall building responses to the lateral wind 

and earthquake actions. It was found that the vulnerability of IMCs to shear slip (§2.1.4.1, p.9) 

can be addressed through selection of slip resistant IMCs which have slip resistance larger 

than the maximum shear force expected due to the ultimate wind or earthquake event. In 

addition, it was found that the AS 1170.4 inter-storey drift ratio (IDR) limit of 1.5% did not 

match the damage states of either of the new IMCs. For the PT connection, for example, the 

ultimate IDR limit was estimated as 0.76% if inelasticity was limited to the IMC, or 2.0% if 

both the IMC and the module response was inelastic. Similarly, for the IL connection, the 

corresponding IDR limits were estimated as 0.86% and 2.1%, respectively. It was, therefore, 
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recommended that the IMC response should be determined with reference to the simplified 

models, rather than relying on the standard IDR limit. Finally, it was found that the IL 

connection permitted horizontal gaps between the modules which could occur depending on 

the site installation tolerance. These horizontal gaps were shown to be a potential hazard due 

to the possibility of impact between the modules, but also a potential advantage in that out of 

phase vibration of the modules could improve the overall performance. 

10.2 Recommendations for future work 

Chapter 2 presented the state-of-the-art with respect to modular buildings, and outlined several 

areas where the existing research was lacking. This thesis then studied the lateral responses of 

modular steel buildings, and the research led to a focus on the structural behaviours of the 

inter-module connections (IMCs). Consequently, some subjects identified as requiring further 

study in Chapter 2 remain to be investigated. This thesis may, therefore, be regarded as one of 

several initial studies on modular building structures, based on which many further works can 

be recommended. For brevity, however, only the works which directly follow this thesis are 

outlined below. 

In this thesis, the simplified models for the new IMCs were established by numerical analyses 

for which the numerical models were calibrated with reference to the quasi-static shear 

behaviour (Chapter 4 to 6). The numerical axial force-displacement and moment-rotation (M-

θ) behaviours of the new IMCs, however, were verified by comparison with the simplified 

analytical models and the experimental behaviours of other existing IMCs (Chapter 7 and 8). 

Hence, the validation of the tangential contact behaviours which controlled the friction/slip 

shear responses was more rigorous than that for the axial and M-θ behaviours. This was 

justified, in this thesis, by the relative importance of the IMC shear behaviour to the global 

building response. The IMC M-θ behaviour, for example, had negligible effect in the 

benchmark case study building analyses (Chapter 3). However, as it is possible that the axial 

and M-θ behaviours may be more influential in other modular structures, it is recommended 

that further study is undertaken to establish these components of the IMC behaviours 

experimentally.  

Moreover, it is also recommended that further study of the cyclic shear behaviour may further 

improve the understanding of the response of modular buildings to earthquake actions. 

Similarly, experimental verification of the IMC post-yield shear behaviours may allow 

development of more precise models for this portion of the shear behaviour. Further work is 

also recommended to establish the behaviour of IMCs subjected to combined actions. 

Although combined actions were considered in Chapter 7 and 8, the works were specific to 
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the new PT and IL connections, respectively. Further work is recommended to establish the 

response of IMCs to combined actions more generally. For example, further investigation is 

required to verify the validity of standard interaction equations, such as equation (2.8) and 

(2.9) (p.47), in the case of IMCs.  

It is suggested that, in future works, the study of modular buildings may be further advanced 

by conducting numerical simulations for different building layouts, different IMCs, different 

materials, different intra-module connections, and variation of the IMC structural behaviours. 

Considering the latter, for example, the variation of the structural behaviours of the IMCs can 

be estimated based on the simplified models proposed in this thesis. Mean and standard 

deviation values were reported, along with 95% confidence intervals, for the bolt preload and 

slip factor in Chapter 4 to 6. Hence, the corresponding variation of the slip resistance was 

reported. It can be seen, for example, that the variation of the shear behaviour could similarly 

be established based on the proposed simplified models. The variation of the bolt hole 

tolerance throughout the structure could also be considered and it could be randomly assigned. 

In the same way, the horizontal gap between the modules could be assigned randomly based 

on the maximum values reported in Chapter 6. Hence, the simplified models and associated 

parameter variations established in this thesis may be applied to estimate the corresponding 

variation of the IMC structural behaviours. The varying IMC behaviours could then be applied 

in a fragility analysis and, hence, the vulnerability of modular steel buildings to large lateral 

loads may be investigated including variation of the IMC behaviours. 

In Chapter 9 it was found that interlocking IMCs may be vulnerable to impact between the 

modules due to horizontal gaps between the modules, which may occur depending on the site 

installation tolerance. However, it was also found that the horizontal gaps could allow out of 

phase vibration of the modules which may improve the overall building performance. Hence, 

the lateral response of a modular steel building may be improved due to the possibility of 

relative motion between each module and the surrounding modules. Thus, a new vibration 

control strategy is suggested which could be investigated further in future works. 
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